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Abstract

Solid oxide fuel cell (SOFC) based systems are co-generators of electricity and heat that excel for their
high efficiency, low pollutant emissions and fuel flexibility. Their reliability is close to meet the
requirements for market deployment. Recent research improved the reliability during both thermal
cycling and polarisation, mostly by series of incremental modifications. However, the transition from
small- to large-scale production imposes ever more severe costs requirements, which from the
perspective of manufacturing and operation, largely depend on thermo-mechanical aspects. The end of
life of SOFC stacks still often occurs because of mechanical failure, which therefore remains a major

hurdle for commercialization.

The purpose of this study is to advance the understanding of the mechanical failures in SOFC stacks. It
has two principal scopes: (a) the characterisation of the mechanical properties of SOFC materials and
(b) investigations by thermo-mechanical modelling of the failure modes. The two activities are
interrelated, because the prediction of failure mode by modelling relies on the knowledge of the

mechanical properties.

Two setups for mechanical testing were designed and fabricated. Both are capable of testing multiple
samples in one experimental stage, under the adequate temperature and atmosphere. A model-based
parameters estimation approach was developed to measure the elastic and both primary and
secondary creep properties and overcome the limitations of analytical solutions. The experimental and
numerical developments were applied to the characterization of the NiO/Ni-YSZ electrode material and
complemented with analyses using 3-D imaging and computational homogenization. The strength was
further analysed by the Weibull statistics approach. An extension of thermo-elastic computational
homogenisation was finally implemented to estimate the anisotropic visco-elastic properties of the gas-
diffusion layers. A detailed continuum thermo-mechanical model for SOFC stack analysis was
developed. Differences in modelling assumptions, selected design modifications and operation
conditions were examined. Further, the effects on the stack reliability of component geometrical

imperfections caused by manufacturing were for the first time modelled.

Parameters for the modelling of both primary and secondary creep in Ni-YSZ were identified, which is
needed for advancing stack modelling capabilities. The thermo-elastic properties were not found to
vary significantly during operation. The analysis of the strength measurements highlighted the
combined beneficial effects of residual stress and plasticity of the Ni phase in the heterogeneous Ni-YSZ

structure. The stack simulations allowed the analysis of cell and sealing failures and distribution of



contact pressure at electrically conducting interfaces. The effects of operation conditions were found to
overall dominate, and worst for counter-flow with high internal reforming. Component imperfections
altered the distribution of the contact pressure in the short-term, which was alleviated by creep
relaxation during operation, without leading to strong history-dependence. The effect of the
geometrical imperfections considered in this work remained mild, compared to that of the mechanical
properties. The risk of cell failure is strongly affected by the operation conditions, whereas that of the

sealants by the design and position in the stack.

Keywords: Solid oxide fuel cells, mechanical testing, computational homogenisation, primary creep,

thermo-mechanical modelling, contact, mechanical failures, reliability
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Sommario

| sistemi a celle a combustibile ad ossidi solidi (SOFCs) sono co-generatori di elettricita e calore che
eccellono per la loro elevata efficienza, le basse emissioni e la flessibilita nel combustibile adoperato.

La loro affidabilita € prossima a soddisfare i requisiti di mercato. Negli ultimi anni, la ricerca ha
migliorato la loro affidabilita durante il funzionamento. Tuttavia, il passaggio alla produzione su larga
scala impone requisiti di costo rilevanti, che dipendono in gran parte dagli aspetti termo-meccanici
durante la produzione e il funzionamento. Negli stacks SOFC si verificano spesso rotture meccaniche,

barriera importante per la loro commercializzazione.

Lo scopo di questo studio e di far progredire la conoscenza sulle rotture meccaniche degli stacks SOFC
attraverso (a) la caratterizzazione delle proprieta meccaniche dei materiali delle SOFCs e (b) I'analisi

sulle modalita di guasto, mediante modellazione termo-meccanica.

Due setups per prove meccaniche sono stati progettati e costruiti: entrambi sono in grado di testare piu
campioni in una fase sperimentale, a determinate temperature e atmosfere. E stato sviluppato un
approccio alla stima dei parametri basato su modelli per misurare le proprieta elastiche e di creep
primario e secondario, per superare i limiti delle soluzioni analitiche. | risultati sperimentali e numerici
sono stati applicati alla caratterizzazione del cermet NiO/Ni-YSZ e integrati con analisi effettuate
mediante 'uso di imaging 3D ed omogeneizzazione computazionale. La resistenza meccanica & stata
analizzata utilizzando I'approccio statistico di Weibull. E stata infine implementata un'estensione
dell'omogeneizzazione computazionale per stimare le proprieta visco-elastiche anisotropiche dei gas
distribution layers. E stato sviluppato un modello termo-meccanico dettagliato per I'analisi dello stack
SOFCs. Sono state esaminate le differenze nei criteri di modellizzazione, le modifiche di design e le
condizioni di funzionamento. Inoltre, per la prima volta sono stati ricreati gli effetti delle deformazioni

dei componenti dello stack causate dalle lavorazioni.

Sono stati identificati i parametri del creep primario e secondario del Ni-YSZ, necessari per lo sviluppo
nella modellizzazione degli stacks . Le proprieta termo-elastiche non sono risultate variare in modo
significativo durante il funzionamento. L'analisi di resistenza meccanica ha evidenziato gli effetti
benefici dello stress residuo combinato alla plasticita della fase Ni nel cermet Ni-YSZ. Le simulazioni
dello stack hanno consentito I'analisi di rottura delle celle e dei sigillanti, nonche della distribuzione
della pressione di contatto nelle interfacce a conduzione elettrica.

Gli effetti delle condizioni di funzionamento sono in generale preponderanti. Le imperfezioni dei

componenti hanno dapprima alterato la distribuzione della pressione di contatto nel breve periodo, per

Vi



poi divenire ininfluenti grazie al creep durante il funzionamento, senza portare ad un grande impatto
nel lungo termine. L'effetto delle deformazioni considerate in questo lavoro € modesto, rispetto a
quello delle proprieta meccaniche. Il rischio di rottura della cella & fortemente influenzato dalle

condizioni operative, mentre quello dei sigillanti, dal design e dalla posizione nello stack.

Parole chiave: Pile a combustibile a ossido solido, Test meccanici, Omogenizzazione computazionale,

Creep primario, Modellazione termo-meccanica, Contatto, Rotture meccaniche, Affidabilita
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1 Introduction




1.1 Context

The requirement of both higher efficiency and lower environmental impact in electrical energy
production is continuously gaining in importance. Electricity generation is worldwide still dominated by
thermal cycles, which mainly operate on fossil fuels [1]. At the Swiss level, the current energy policies
aim by 2050 at a reduction of both electricity consumption and CO, emissions, respectively by 50% and
70-80%. In parallel, a progressive phase-out of the Swiss nuclear power plants is scheduled. Such
ambitious objectives require an increase of the energy efficiency and an extensive integration of
renewable energy sources into the electrical grid [2].

In conventional thermal systems, the thermal energy of the gases generated by the reaction of
combustion is converted into first mechanical work and then electricity in most cases by turbomachines
or internal combustion engines. However, only part (typically from 30 up to 50%) of the available
thermal power can be effectively converted into mechanical power, the main limiting factor being the
Carnot cycle efficiency, which applies to all systems converting thermal energy to mechanical work [3].
Relevant technical improvements were achieved over the last decades, but increases in efficiency and
reduction of pollutant emissions become ever more difficult to obtain as the thermodynamic limitations
of the technology is approached. On the contrary, electrochemical energy conversion systems are not
affected by the Carnot cycle efficiency, because they convert the chemical energy of a fuel directly into
electricity by electrochemical reactions. Neither combustion nor moving parts are involved in the
energy conversion process. As a result, the achievable efficiency of this second category of energy
systems can be significantly higher. Electrochemical energy conversion devices include fuels cells and
batteries, among others. Conversely to batteries, fuel cells can generate electricity ceaselessly, as long
as fuel is supplied. The electrochemical reactions can be reverted, which permits the inversion of the
operating mode from fuel to electrolysis mode, and vice-versa, using the same device. In electrolysis,
electricity is supplied to the system to produce fuel from excesses of electricity. In the realm of
electrochemical energy conversion and storage, this feature is of interest to meet the end user’s
demand, despite an uneven electrical energy supply.

Several types of fuel/electrolyser cells are developed. An overview is provided in Figure 1. Structurally,
they all share the same arrangement: two electrodes, anode and cathode, separated by an impervious
electrolyte. They mainly differ in the type of ions transported by the electrolyte, electrochemical
reactions at the electrodes and therefore in the cell materials and temperature levels.

The performance, power, size and thus practical application of each type of fuel/electrolyser cell, is
related to the electrochemical reactions and ion transport mechanism in the cell, as outlined in Figure
1. Among the types of fuel/electrolyser cells developed to date, solid oxide cells (SOCs), which include
SOFCs (solid oxide fuel cells) and SOECs (solid oxide electrolyser cells) are the most promising in the
case high electrical efficiency is needed together with high fuel flexibility, low vulnerability to

contaminants in the gas streams and large variations in power output. This thesis is dedicated to SOFCs.
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Figure 1: Comparison of the most common types of fuel cells [4].°

The foreseen transition from small- to mass-market production of SOFC-based systems imposes ever
stricter requirements in terms of costs, which encompasses production, performance, durability,
availability and maintenance. Production cost reductions can be obtained for instance by increased
volume production, manufacturing technology improvement, material selection or stacks scale-up,
among others. Performance requirements are ascribed to the capability of the SOFC-based system to
convert the chemical energy of the fuel into electricity with maximised efficiency. Mostly because of
the degradation of the material effective properties, the nominal performance of SOFC-based systems
progressively decreases during long-term operation. The length of time during which the system is
expected to operate before the degradation rate of the performance exceeds a defined threshold is a
measure of durability. Availability® is the ratio between the time during which the system is operative
and the lifetime. Strict quantitative targets for durability and availability requirements of SOFC-based
systems are not explicitly specified yet, since they are market-dependent. As an indication, the
operation lifetime targets for fuel cells based combined heat and power (CHP) systems operated on
natural gas specified by the United States of America Department of Energy for 2020 are 60’000 and
80’000 h, respectively for small (< 10 kWe) and large (> 100 kWe) systems, and an availability of 99% [5].

@ Reprinted with permission from Novocell Energy Systems SA

b Measure of the percentage of time during which the system is operative over a specific range of time (typically the predicted
lifetime of the system), i.e. independently of the frequency of interruptions (because of failures, predictive maintenance, etc.).
Over the same period, a system having highly frequent interruptions but fast maintenance has the same availability of a
system with lower frequent interruptions but longer maintenance.
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Additional requirements in terms of low degradation during thermal cycling, short start-up time and
quick transient response are demanded from small CHP systems.

SOFCs belong to the category of high temperature cells, since they are polarized at temperatures
ranging from 600 to 1000 °C. The advantage is that the high enthalpy of the exhausts allows i) the
possibility to integrate the SOFC system with a gas turbine for higher system efficiency; ii) the heat
recovery for hot water supply, making thus SOFC devices co-generator systems; iii) for internal
reforming of the fuel. On the other hand, the relatively high temperature i) is not beneficial for material
degradation, ii) complicates the start-up and shutdown procedure of the SOFC stack, limiting SOFC-
based systems to stationary rather than mobile applications and iii) increases the risks of stack
mechanical failures.

An SOFC system comprises the SOFC stack, the core device, and balance of plant (BoP) components,
which includes ancillaries as well as fuel and power management. With the advances of the technology,
the mechanical reliability of the technology is gaining increasing relevance. The failures in a single
component may affect the performance, availability and durability of the whole system. At the system
level, failures in the stack affect in the best case only the performance, in the worst case the system
availability and durability. At the stack level, possible mechanical reparations or replacement of
damaged components is not feasible, because of the stack elements being joined together and the
brittleness of the ceramic parts. This means that the mechanical failure of even a single component in
the SOFC stack will likely require its replacement as a whole. Nowadays, the occurrence and severity of
mechanical failures in SOFC stacks remain main limitations for the commercialisation of SOFC-based
systems, and pose restrictions on the practical operation of such systems. A single mechanical failure
may induce a sequence of deleterious effects acting in a coupled manner [6], and several failure modes
may contemporaneously appear in an SOFC stack [7]. To the best of our knowledge, the capability to
monitor experimentally the structural integrity of the SOFC stack during its fabrication and operation is
not demonstrated yet. Therefore, numerical thermo-mechanical investigations are of high interest
during the development phase of new designs and validation of existing systems. They help in
understanding and predicting the potential failure modes in SOFC stacks.

The knowledge of the mechanical properties of the materials in the stack and their evolution during the
lifetime of the system is of crucial importance for stack thermo-mechanical modelling. The wide range
of material compositions in SOFC stack, the aggressive conditions to which the materials are exposed
and the modification of the material microstructure upon ageing complicates mechanical testing,
whereas the knowledge reported to date in the literature is not yet sufficient to characterise
distinctively the mechanical behaviour of such materials. Furthermore, due to either simplifications in
the post-processing of mechanical testing data or intrinsic capabilities of the setups, the estimated
properties are often not fully representative of the behaviour of the real material, or the measurement

uncertainty is too high for clearly understanding the degradation.
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Models based on finite elements method (FEM) are commonly developed for numerical thermo-
mechanical investigations of SOFC stacks, which consider idealised components, i.e. computational
domains imported from computer-aided design. In reality, the dimensions and geometry of the
produced stack components have statistical variations, because of imperfect manufacturing processes
and of the costs associated with component quality. As an example, production data show that the
metallic interconnect (MIC) is a component displaying such manufacturing variability. The
understanding of the trade-offs between quality and costs, because of tight manufacturing tolerances,
which are believed to largely depend on thermo-mechanical aspects, is currently at best qualitative. As
an example, a variety of detrimental effects can be anticipated because of variability in the shape of the
SRU parts, e.g. flatness and/or thickness. All warrant detailed analyses. The effect on the uniformity of
the contact pressure on the active area of the cell is an example among several others. The integrity of
the cells, as well as of the sealants that provide gas-tight separation of the fuel and air compartments
over the whole stack lifetime, i.e. including polarisation and thermal cycling, are required for reliable
SOFC stacks. Because a stack is a multilayer of materials with different thermo-mechanical properties
subjected to high temperature, and foremost of brittle components, the effects of history, because of
irreversible deformation, must be integrated in the analysis of the failure mode. A minor failure may
not instantaneously lead to the end of life of the stack, and classified as non-critical at a first appraisal.

They may however trigger a sequence of deleterious mechanical failures.



1.2 Objectives

The objective of this thesis is the understanding and prediction of thermo-mechanical failures in SOFC

stacks. The most relevant analyses are for stack designs for commercial use, to directly identify the

potential for improvements in design, manufacturing and operation from a thermo-mechanical

perspective. The first part of this thesis presents the development dedicated to the measurement of

the mechanical properties of SOFC materials, which consisted in the achievements listed hereafter:

1)

2)

3)

4)

Two setup-ups were designed and fabricated for the mechanical testing of SOFC ceramics at
room and high temperatures in controlled atmospheres. A main requirement is the high
throughput of measurements, to reduce the testing time needed for characterization.

A parameters estimation workflow was developed for improving the accuracy and flexibility in
terms of constitutive laws compared to standard methods. The workflow uses the experimental
data measured by the two set-ups. The elastic properties of NiO/Ni-YSZ were estimated first,
followed by the creep properties of Ni-YSZ both in the primary and secondary regime.

The strength of the NiO/Ni-YSZ cermet material was measured by the Weibull statistics
approach.

Computational homogenisation methods were implemented to overcome the limitations in
terms of sample size imposed by mechanical testing to measure the elastic properties of

NiO/Ni-YSZ anodes as well as the anisotropic elastic and creep properties of the GDLs.

The mechanical properties are then used in the investigations of the second part of this thesis, which

consisted in developing a SOFC stack thermo-mechanical model. The topics on which the focus was

placed are listed hereafter:

5)

6)

7)

The effects on the stack reliability of design variations, stacking conditions, type of mechanical
interface and mechanical properties were investigated.

The possibility for including in the analysis the component geometrical imperfections because
of the manufacturing tolerances was implemented in the model, to identify the main effects on
the thermo-mechanical behaviour of the stack.

The analysis of the results was focused on understanding the mechanical failures in the stack in
terms of loss of contact pressure on the active area of the cell, failure of the cell and that of the

sealants.



1.3 Thesis outline

This thesis comprises a first part, dealing with the estimation of the mechanical properties of SOFC
materials, and a second part where a SOFC stack thermo-mechanical model is developed and simulated

to predict the mechanical failures for selected scenarios.

Part | - Mechanical properties of SOFC materials

e In Chapter 2.1, the development of the two setups for mechanical testing of SOFC materials is
described, from the choice of the samples dimensions and type of testing, up to the setup
fabrication and validation. The aim is the accurate measurement of the mechanical properties
of foremost the NiO/Ni-YSZ anode support under different testing conditions.

e In Chapter 2.2, a model-based parameter estimation workflow is developed to overcome the
limitations of standard post-processing of the experimental data based on analytical solutions
for the measurement of the mechanical properties. It post-processes experimental data
obtained from the two developed setups. The elastic properties of NiO/Ni-YSZ and then the
creep properties of Ni-YSZ in the primary and secondary regime were investigated.

e In Chapter 2.3, strength tests were performed on NiO/Ni-YSZ samples with one of the two
setups fabricated and reported in Chapter 2.1. In addition, the tests are performed on samples
made by the residual YSZ skeleton (after removal of Ni). The Weibull statistics parameters are
determined from the experimental strength dataset and used for the cell failure analysis in
Chapter 3.4.2.

e In Chapter 2.4, computational homogenisation methods were applied to estimate the elastic
properties and the coefficient of thermal expansion of the Ni-YSZ anode material, in order to
compare the results with those of the parameters estimation and analysed aged samples. The
effective anisotropic elastic properties of the GDLs used in the stack design of Part Il were
further estimated using the same methodology. An extension from the literature was then

implemented and applied to compute the effective anisotropic creep properties.
Part Il - Thermo-mechanical modelling of the SOFC stack

e In Chapter 3.1, the implementation in a thermo-mechanical FEM model of the stack design
currently produced by SOLIDpower S.p.A. (Mezzolombardo - TN, Italy) is presented and the
modelling assumptions discussed. A numerical framework to implement components with
geometrical imperfections in the stack model simulations is here developed for the first time.
The analysed component pre-deformation is in this work that of the interconnect. The
simulation sequence comprises a preliminary initialisation, where the steps of the stack
assembly are simulated, and a combination of stack polarisation and thermal cycling. The

temperature field under polarisation is simulated by a thermo-electrochemical, described in
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this chapter. The stresses computed from the series of simulations are then used to assess the
reliability of the stack, as discussed in Chapter 3.3 and Chapter 3.4.

e In Chapter 3.3, an overview of the results from the thermo-mechanical simulation is presented.
They are referred to a base case. The aim of this chapter is to provide first insight on the causes
of the stack mechanical failures predicted by numerical simulations and prepare the discussions
in Chapter 3.4.

e In Chapter 3.4, the effects on the stack reliability of i) modelling assumptions, ii) pre-deformed
MICs and iii) operation conditions with respect to the base case analysed in Chapter 3.3 are
investigated. The contributions of each of these factors on the predicted stack mechanical
failures are investigated in terms of a) evolution of the contact pressure at the cell interfaces, b)

cell failure and c) sealing failure.

The thesis ends with the conclusion including recommendations for future work.



1.4 Fundamentals of SOFC technology
1.4.1 Operation of an SOFC

Solid oxide fuel cell (SOFC) based systems are co-generators that generate electricity and heat, with low
pollutant emissions, high efficiency and fuel flexibility. The core component is the SOFC, which
comprises two porous electrodes, the anode (negative electrode) and the cathode (positive electrode),

separated by a dense electrolyte. A schematic view is provided in Figure 2.
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Figure 2: On the left-hand side, representation of the operating principle of an SOFC. On the right-hand side, the

electrochemical and transport processes in the electrodes and electrolyte are illustrated [8] .

The operation principle of SOFCs requires oxygen reduction on the cathode side and concomitant
oxidation of fuel on the anode. The half reaction is the electrochemical reduction of oxygen, taking
place close to the interface between the cathode (i.e. cathode (c) - gas (g) - electrolyte (e)), is [8]:
—_ 2_
O2() +4e(e) > 20 (1)
Because electrons, ions and gas species are involved, the reaction occurs at triple-phase boundary (TPB)
points. The oxygen ions are transported through the electrolyte to the TPBs on the anode side (i.e.
anode (a) - gas (g) - electrolyte (e)), where oxidation of the fuel occurs:
Hag) + 0fe) = Hz0( + 2e(y (2)

Combination of the two half reactions yields the global exothermic reaction
! 3
Ha(g) + 5023 = H20g) (3)

Since the electrolyte has a negligible electronic conduction, the electric circuit is closed by a load

between the cathode and the anode. In this configuration, the voltage of a single cell is however too

¢ Reprinted from Proceedings of the Combustion Institute, 30, Robert J. Kee, Huayang Zhu, David G. Goodwin, Solid-oxide fuel
cells with hydrocarbon fuels, 2379-2404, 2005, with permission from Elsevier.
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low for practical applications, typically less than 1 V at nominal power density [8]. Therefore, cells are
assembled in series to form a stack. The cells are maintained separated from each other by an
interconnect, which provides electrical contact on one side with the anode of a cell, and on the other
side with the cathode of another cell. Since the interconnect provides electron conduction, transport of
electrons from the anode to the cathode of two distinct cells occurs and the voltage of the stack can be
adjusted by the number of elements.

The potential difference across the electrolyte of a reversible fuel cell is expressed by the Nernst

equation [9]:

AH® RT
I l pHZO,a l (4)
p
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For practical applications, which require the polarisation of the cell, the potential is lower because of
irreversibility. The main losses in lowering the thermodynamic voltage are i) ohmic losses, because of
resistance to both electron (electrodes) and ion transport (electrolyte and composite electrodes), ii)
charge transfer at material interfaces, referred to as activation losses, which correspond to the
overpotential required for driving the electrochemical reactions at the electrodes and iii) concentration
and diffusion losses, caused by the depletion of reactants along the flow path and gas-phase transport
of the species through the heterogeneous electrodes up to the TPBs. These voltage drops are

respectively denoted by AU, ., AU,y and by AU, and lower the cell potential in operation:
U= Upey = AUopm — AUgcr — AUconc (5)
Voltage losses and the global exothermic reaction of the SOFC generate heat. The temperature in

operation is high to ensure sufficient ion conductivity and electrocatalytic activity.

1.4.1.1 Fuel for SOFC operation

The high operating temperatures along with the good tolerance of Ni-YSZ anodes to carbon monoxide
allow feeding SOFCs with hydrocarbon fuels, instead of pure hydrogen. The established operation
strategy is based on the steam reforming reaction, which, combined with the water-gas shift reaction,
converts a hydrocarbon fuel to hydrogen. The steam reforming reaction of hydrocarbons can be

expressed in the following generic form [10]:
m
CoHy, + nH,0 2 nCO + (5 +n)H, (6)
This reaction is endothermic. Natural gas or biogas is of interest for SOFC operation. If the hydrocarbon
is methane, reaction (6) becomes:
CH, +H,0 2 CO+ 3H, (7)
In this case, the enthalpy of the reaction is 206 kJ/mol. At temperatures above approximately 500 °C,

the equilibrium of the reaction is significantly shifted towards the products. In this case, the heat

generated by the polarisation of the SOFCs is therefore advantageous and internal reforming can be
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beneficial for stack thermal management. The steam not consumed by reaction (7) can further convert
the carbon monoxide into hydrogen through the water-gas shift reaction:

CO+H,0 2 CO, +H, (8)
This reaction is exothermic, with a variation of enthalpy of -41 kJ/mol. Steam-hydrocarbon reforming
can be achieved either directly in the anode compartment (internal reforming) or externally (external
reforming). Internal steam-hydrocarbon reforming is possible because of both the sufficient catalytic
properties of Ni (i.e. of the Ni-YSZ anode) at SOFC operation temperature and the heat and steam
generated by the electrochemical oxidation reactions. A smaller, or ideally the absence of an external
reformer device provides several advantages [11], which are: i) faster start-up and dynamics during load
following, ii) reduced system costs and iii) especially in the case of counter-flow configuration, higher
system efficiency [12]. Internal steam-hydrocarbon reforming however requires mitigating the i) risks of
carbon deposition at the TPBs of the anode , ii) potential acceleration of coarsening of the Ni phase in
the electrodes, because of the higher steam partial pressure, and iii) higher local thermal gradients in
the cell, because the endothermic steam-hydrocarbon reforming reaction is relatively fast under SOFC
conditions and typically cools down the fuel inlet region [13]. Performances in the long-term and
mechanical reliability of the stack may therefore be affected. In practice, systems are typically still
designed with an external reformer and the fraction of pre-reformed fuel (PR, between 0 and 1) is

controlled for the thermal management of the stack.

1.4.2 Stack and cell designs

Research in the SOFC field has resulted over time to a number of design solutions, each of them
characterised by advantages and disadvantages in terms of electrochemical performance, mechanical
reliability and costs.

At the cell level, a first distinction is made between planar and tubular SOFCs. The multilayer structure,
i.e. comprising electrodes and electrolyte, is shared by all designs to maintain the functionality of the
device. Planar SOFCs are typically flat rectangular plates or disks, whereas a tubular SOFC is a tube-like
assembly with the layers arranged concentrically to each other. The description of the existing design
alternatives is hereafter dedicated to planar SOFCs, which is the focus of the present thesis.

The reduction of the thickness of the electrodes and electrolyte layers is a way to increase the
electrochemical performance and lower costs. However, thickness reduction can affect the mechanical
robustness of SOFCs, i.e. if all the layers are made very thin, manufacturing with adequate tolerances
and production yield as well as handling of the cell for assembly can become practically very difficult.
For these reasons, a thick layer is maintained as a physical support of the multilayer assembly, which
then allows focusing on reducing the thickness of the remaining layers. As a result, a main distinction
between planar SOFCs is the type of supporting layer, i.e. commonly anode-, electrolyte-, cathode- or

metal- supported SOFCs. Electrolyte and anode-supported cells are the most mature versions in terms
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of research and development, and thus most widely adopted in stack production. The anode-supported
cell typically provides higher power density because the thinner electrolyte (5 to 20 um) results in lower
ohmic loss, which further allows reducing the operation temperatures (about 750 °C or lower). The
thickness of the anode support ranges between 250 and 1000 pm. There are however drawbacks. An
increase of the thickness of the anode does not enhance properties relevant for electrochemical
performance. The porosity of the support must be adjusted to limit diffusion overpotentials, while
ensuring mechanical integrity. In the case a same layer provides the supporting and electrochemically
activity functions, the TPB density must be sufficient. Reduction of the stack performance due to low in-
plane effective conductivity is usually larger on the cathode side, because of the lower effective
electronic conductivity of the materials.

The electrolyte-supported configuration was dominant in the first generation of SOFCs is still used
today, despite a shift towards anode- and metal-supported cells. The dense and thick electrolyte
(typically around 150 pum) provides to the cell a high mechanical robustness and good tolerance to
anode re-oxidation. The shortcoming is the need for higher operation temperatures of the cell (i.e. 850-
900 °C), for sufficient ionic conductance and thus adequate performance. Therefore, the choice of stack
materials and also the range of operation conditions become limited to guarantee low degradation. The
need for expensive alloys for the MICs is one of the most stringent consequences.

Cathode-supported SOFCs were developed as well and, similarly to the anode-supported ones, they
enable the use of thin electrolytes to achieve high electrochemical performances. In practice, large-
scale production proved challenging, mainly because the optimal sintering temperatures of cathode
materials is low compared to that needed to easily fabricate sufficiently dense electrolytes.
Metal-supported SOFCs are relatively recent and still under development. Here, a porous layer with a
foam structure (between 400 and 1000 um) made of ferritic alloy provides the structural support to the
cell, whereas the anode, electrolyte and cathode are deposited on one side. Both electrodes and
electrolyte can thus be very thin. Hence, this type of SOFCs permits i) higher electrochemical
performance, because of the shorter electrons/ions current paths, ii) cost reduction, because a lower
amount of expensive, electroactive ceramic raw materials is needed and the reduced operating
temperature (550-650 °C) enables the use of less expensive alloys for stack and BoP components, and
iii) theoretically less critical and sudden mechanical failures, because of the plasticity of the support.
However, the corrosion and interfacial reactions of the metal support upon manufacturing and
operation as well as the mismatch of the thermo-elastic properties between ceramics and metals are
remaining challenges in the development of reliable metal-supported SOFCs.

A distinction between high and intermediate temperature SOFCs is commonly made among anode-
supported SOFCs. In the high temperature version, the cathode usually comprises LSM, and can be
directly interfaced with the electrolyte. Such cells operate at temperatures of about 800 °C. Conversely,

in intermediate temperature SOFCs, operated at lower temperatures (i.e. about 700 °C), the cathode is
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based on mixed ionic and electronic conducting materials such as LSCF, which requires a thin
compatibility layer between electrolyte and cathode to limit the formation of secondary electrically
insulating phases.

In SOFC stacks, fuel and air can be fed following a co-, counter- or cross-flow configuration. Complex
combined flow patterns, such as Z-flow, serpentine, radial, among others. are reported [13]. Each flow
configuration results in different spatial distribution of temperature, gas composition and therefore
overpotential and current in the stack. Stack designs are also characterised by the position of the gas
manifolds for the incoming and exhaust air and fuel streams. Internal manifolds cross both the MICs
and the cells, integrated manifolds cross the MIC but do not penetrate the cells, whereas in the external
manifolds version, the gas manifolds run externally from the stack, along its height. These three gas
manifolds arrangements affect the flow field, the sealing compartment and the thermal management

of the stack.

1.4.3 Materials

Stack component materials are metal and ceramic based. Materials were first tailored for electrolyte-
supported SOFCs operating at relatively high temperatures. Chemical, crystallographic and
morphological adaptations or complete change of the material type were performed over the years
before the transition to the relatively recent intermediate-temperature anode-supported SOFCs.
Research continues to obtain improved properties. Manufacturing methods need adaptations for the
scale-up of the production for mass-market implementation. In this context, the cost of the raw
materials, i.e. ceramic powders and alloys, can contribute massively, depending on the cell and stack
design. Therefore, at the current technology readiness level, the identification of the trade-off between
cost and electrochemical and mechanical properties is of interest, since the performance, durability and
thermo-mechanical reliability of SOFC stacks are highly affected by the proper choice of materials. The
following list is focused on the materials for anode-supported SOFC stacks that is the focus of this thesis

and is therefore not exhaustive.

1.4.3.1 Anodes

The most common SOFC anode material is the ceramic and metal (cermet) Ni-YSZ, which has a
heterogeneous structure. The porosity enables gas-phase transport to the electroactive sites, whereas
the metallic and the ceramic phases must provide adequate effective electronic and ionic conductivity,
respectively. Furthermore, electronic conduction from the interconnect to the TPBs can occur only if
the metallic phase is percolated. The boundaries where the ceramic, metallic and pore phases co-exist
represent the site of the fuel oxidation, and is referred to as triple phase boundary (TPB). The targets
for microstructural design aimed at improved electrochemical performances comprise the
maximisation of the TPB density, and of the effective ionic conductivity, close to the electrochemically

active region [14]. Nickel is typically used as metallic phase for SOFC anodes since it is an excellent H,
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electro-catalyst and possesses high electrical conductivity [3], whereas 3YSZ or 8YSZ is used as ceramic
phase. 3YSZ provides higher mechanical strength to the cermet, whereas improved ionic conductivity is
achieved with 8YSZ [15]. In anode-supported SOFCs, the anode is often composed by a thick substrate
and a thin functional layer. The substrate provides the mechanical support, and has a higher porosity to
facilitate gas-phase transport, whereas the functional layer, deposited between the anode support and
the electrolyte, is characterised by a microstructure optimised for high TPB density. Adequate
mechanical strength together with maximised TPB density requires sintering of the cermet at a certain

temperature, which is around 1300-1400 °C.

1.4.3.2 Electrolytes

The functions of the electrolyte are the solid-state transport of oxygen ions and separation of the fuel
and air compartments. Hence, to maximise the electrochemical performances of the cell, the
electrolyte must have high ionic as well as low electric conductivity. The highest ionic conductivity is
achieved by stabilisation of the ZrO, with 8% mol Y,0s. This composition is extensively used for SOFC
electrolytes. The electrolyte must be gas-tight, to avoid reactant cross-over [14] and potential parasitic
combustions. High density is achieved by sintering at relatively elevated temperatures. For 8YSZ

electrolytes, sintering is usually performed at 1400 °C. Co-firing with the anode is therefore possible.

1.4.3.3 Cathodes

The cathode must achieve similar functions as the anode, i.e. possess adequate effective electronic and
ionic conductivities, and electrocatalytic properties for the oxygen reduction reaction. Materials based
on lanthanum manganite often remain the preferred choice for high temperature SOFCs. However,
reaction with the YSZ electrolyte occurs during fabrication or potentially under high overvoltage
conditions leading to the formation of La,Zr,0; at the interface. This secondary phase has low
conductivity, which degrades the performance. Doping with strontium, i.e. LSM, mitigates the
formation of these insulating phases, allowing improved cathode performance. At high temperatures,
i.e. 900 °C or higher, LSM cathodes are characterised by a good electric conductivity, whereas the ionic
conductivity can be sufficient. The ionic conductivity of LSM is however too low for operation at lower
temperatures, i.e. 700-800°C. For this reason, LSM-8YSZ composites were first developed for
intermediate-temperature SOFC and are being further replaced with lanthanum strontium cobaltite
ferrite (LSCF) single solid phase or composites.

The stability of LSCF is lower. At the interface with the electrolyte, LSCF reacts with the YSZ at
temperatures lower than that of the cell sintering. This reaction results in either strontium or
lanthanum zirconate formation at the interface. Both are insulating phases and thus strongly degrade
the SOFC performances [16]. Therefore, a compatibility layer as thin as possible is commonly deposited
between the electrolyte and the LSCF cathode. Typical materials for such compatibility layers are GDC
and YDC.
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TPB length of SOFC cathodes is highly influenced by the temperature at which the material is sintered.
Co-firing with the electrolyte would lead to excessive densification, resulting in low TPB density, hence
decreased electrochemical performance. For this reason, the deposition of the cathode layers is often
made separately by screen printing and at sintering temperatures around 1050-1100 °C. The emphasis
is therefore not on mechanical strength. In the case of anode-supported-cell and LSCF oxygen
electrode, the most likely failure is channel cracking of the cathode, which has a lower detrimental

effect.

1.4.3.4 Contact layers

When the parts of the SOFC stack are in contact, the statistical variability in shape and dimensions
caused by the manufacturing tolerances affects the uniformity of the contact pressure at the interface.
In turn, the contact pressure uniformity may affect the electrical resistance of the interface [17].
Therefore, contact pastes are deposited during the assembly onto the interface between the cell and
GDLs, either as a continuous layer or as discrete contact pads. They help providing a continuous
electrical path between the cell and GDLs and can also contribute to an improvement of the in-plane
conductivity near the interface [18].

Contact paste materials must fulfil a number of requirements: they must be chemically compatible with
the neighbour materials, provide high electronic conductivity and good adhesion to both metallic and
ceramic stack components. To maintain these properties over the long term and during thermal cycling,
their coefficient of thermal expansion should therefore be close to those of the joined materials and
their sinterability should be sufficient at relatively low temperatures (800-900 °C). Once sintered, the
porosity of the contact layer can be a paramount parameter depending upon the interconnection
design, since it can affect the resistance to gas-phase transport from/to the cell electrodes, the
apparent strength of the contact material and its electrical resistance. Sintering of the contact pastes
occurs when the stack is heated up for the first time. The temperature of this process step must not be
too high, typically below 900 °C to avoid excessive oxidation of the metallic interconnect and to not
alter the properties of the sealant material. All these requirements are challenging to meet all together.
Therefore, an external compression load is applied on the stack to help the adequate formation of the
interface and improve the electric conduction across the contact interfaces [18].

Contact issues differ whether the anode/GDL-fuel or the cathode/GDL-air interface is considered: the
cathode has a lower electric conductivity and thickness than the anode, therefore the effects of current
constrictions at the scale of the interconnection system are more severe on the cathode/GDL-air
interface [19]. In addition, gold or platinum are discarded for stack applications for cost reasons.
Common materials are therefore ceramic-based. Obtaining an adequate mechanical strength of this
interface and capability to accommodate component geometrical imperfections and the relatively low

strength of the cathode is complicated [20].
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A wide range of candidates for contact pastes for the cathode/GDL-air interface were tested [18,21,22].
The choice of the most suitable contact paste composition is often a trade-off between mechanical
integrity of the interface, contact electrical resistance and chemical compatibility of the materials [23].
As an example, Tucker et al. [18] report that the most promising cathode contact pastes materials are
LSCF, LSCuF, SSC and LSC. Alternative materials are LNF, LNC and LSFMC. The first two possess high
electric conductivity, whereas the last one is preferred from a mechanical integrity perspective [23].

At the anode/GDL-fuel interface, noble metals like gold, platinum and to a lesser extent silver can be
used as contact layer materials [20]. However, they present a cost disadvantage and are thus adopted
as contact layer materials only for laboratory testing. Alternatively, good stack performances are

reported using NiO-based pastes [22].

1.4.3.5 Gas distribution layers

Gas distribution layers (GDLs) ensure the supply of the reactants (i.e. fuel and air) and the removal of
the exhaust gases over the cell active area, as well as electrical conduction. The GDL design comes
usually from a trade-off between fluid dynamics considerations, proper mechanical stability at high
temperatures, enhancement of the current path and minimisation of the material/manufacturing costs.
The GDL on the air side is either made by milling the gas channels on the metallic interconnect [24-29]
or by inserting corrugated metallic sheets between cell and interconnect [30,31]. On the fuel side, the
use of nickel meshes is often reported [27,28]. The gas channel section of the GDL is typically larger on
the air-side than on the fuel side, because of the relative higher air flow needed for stack thermal
management during polarisation and the need to minimise the pressure drop across the stack to lower

the power consumed by the air blower.

1.4.3.6 Interconnects
The requirements for a SOFC interconnect material are i) high electrical conductivity, ii) low chemical

reactivity with the other stack components, iii) gas tightness, to maintain the air and fuel compartments
separated and iv) in most cases an ability for forming into shapes with some level of complexity. In the
first generations of SOFCs, ceramics were often used to fabricate the interconnects. For this purpose,
the most common ceramics were doped lanthanum and yttrium chromites. One of the reasons for the
development over the last decades of the intermediate-temperature SOFCs was the use of metallic
interconnects. Metallic interconnects have lower thermal inertia compared to ceramic ones, but higher
thermal conductivity, which guarantees faster stack start-ups. Alloys with low growth rate of the oxide
scale and reduced costs are preferred. Furthermore, if the MIC is obtained by extensive metalworking
and/or milling (e.g. to make the GDL), a good workability of the alloy is needed. Ferritic steels fulfil
these requirements, and thus are largely used to fabricate the MICs of intermediate-temperature SOFC
stacks. Especially at the interface with the cathode, coatings of manganese cobalt spinel are deposited

onto the MIC, to minimise both the chromium evaporation and the electrical contact resistance.
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1.4.3.7 Sealants

The main requirement for SOFC sealants is, in the same way as the electrolyte, the gas-tight separation
of the fuel and air compartments. Besides, for the sealants joining adjacent interconnects, electrical
insulation must be guaranteed. Two main categories of SOFC sealing solutions exist, compressive
gaskets and rigid sealants. A compressive gasket consists in a foil with through the thickness
compliance, which is shaped and inserted between the surfaces to be sealed, for example between the
edge of the cell and the interconnect. The foils of all SRUs in the stack are maintained compressed by
applying a relatively high assembly load on the stack end plate. Materials typically used for such gaskets
are made by compacted sheet of silicates. Since the gaskets are not rigidly bonded to the interfaced
parts, a relative sliding is allowed, especially during thermal cycling, which mitigates potential
deleterious stresses in the cell. The drawback is that fully gas tight assembly is never achieved using
compressive gasket sealants. The main reason is the porous nature of the gasket material and the
limitations in terms of mechanical load that can be applied, because in a stack the interfaces to seal are
multiple (in-series for identical regions, but also different in terms of materials and geometry,
depending on the region). In operation, the risk of relaxation of the contact pressure by creep of the
mechanical loading system must be overcome. These shortcomings promote the degradation rate of
the stack performance. Besides, the need of a mechanical system to maintain the assembly load on the
stack adds undesirable complexities and weight.

The class of rigid sealants includes numerous solutions: glass-ceramic sealants, hybrid sealants, bonded
compliant sealants (BCS) and metal brazes. With rigidly bonded sealants, the systems to maintain the
assembly load on the stack are simpler, cheaper and lighter than those required to compressive
gaskets. Furthermore, the low porosity of the materials used for rigid sealants drastically reduces the
gas leakages between air and fuel compartments. However, due to the rigid bonding, the thermal
expansions mismatch between the sealant and the components must be minimised to reduce the
stresses, especially during thermal cycling of the stack.

In the case of glass-ceramic sealants, the material is deposited between the interfaces to be bonded in
the form of a paste during the assembly of the stack. After the first heat-up, the stack is exposed to high
temperature for a determined period, to initiate and control the crystallisation. Concomitantly, its
stiffness increases. The viscosity of the glass-ceramic paste at high temperature is a central parameter,
among many others, because upon the first stack heat-up the paste must wet properly the interfaced
components without overflowing, to maintain the design shape of the sealant. As material, barium-
alumino-silicate glass-ceramics are commonly used [32]. Rheological, mechanical and adhesion
properties of the glass-ceramic materials can be tailored to the specific needs to some extent by
adjustment of the composition.

Hybrid sealants are composed of a shaped foil of sheet silicates (like in the compressive gasket solution)

and a thin layer of glass on both faces. During the first stack heat-up, i.e. upon stack manufacturing, the
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glass infiltrates the sheet silicate foil and wets the cell or the interconnect at the interface region. As a
result, excessive viscous flows of the glass are prevented and the leak rate through the sheet silicate foil
is reduced, mostly by decreasing interface leaks. Upon glass crystallisation, the sealant becomes stiffer,
and the interface with cell and interconnect rigidly bonded. Improved mechanical reliability of hybrid
sealants upon thermal cycling is reported [33].

The bonded compliant sealant (BCS) solution was proposed as a trade-off between glass-ceramic seals
and compressive gaskets [35,37]. A BCS is made by a S-shaped thin metallic strip bonded on the two
lateral sides respectively to the cell and to the metallic frame, whereas the central band is left free to
deform, accommodating thus the thermal expansion mismatches between cell and metallic support as
well as the bending of the cell. Filler metals joints are used for the bonding of the strip with the cell and
the interconnect.

Metal brazing is an attractive sealant solution because the melted pool of metal enables proper
adhesion with the joined components, the cell and the interconnect. In contrast to glass-ceramic
sealants, risk of mechanical failures in the bulk of the metal braze sealants are low, because they can
withstand plastic deformations and thus accommodate thermal and mechanical strains. However, a
limited range of alloys are compatible, typically expensive noble metals, and the electrical conductivity

of such sealants restricts their applicability.
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1.5 Thermo-mechanical modelling of SOFCs: State-of-the-

art

SOFC stack numerical thermo-mechanical simulations require as inputs the i) modelled geometries, ii)
meshing of the computational domain, iii) constitutive laws describing the mechanical behaviour of the
materials, iv) mechanical boundary conditions, i.e. modelling of the external constraints acting on the
computational domain, v) mechanical interactions between the components, in the case of multi-parts
models and vi) the conditions (e.g. temperature fields) to be simulated. The sensitivity of the computed
stress fields to these inputs is known to be significant in most cases, even though typically not
quantified by in-depth sensitivity analysis. Therefore the accurate knowledge of material and interface
properties is needed for reliable insights on the failure modes of the modelled system. As an example,
thermomechanical issues between tubular and planar SOFCs designs are different, although they share
the same or similar materials. In planar SOFCs, a further distinction of the failure modes should be
made between the cell support type (i.e. anode, electrolyte, metallic or cathode support), because both
the dimensions of the cell (i.e. the layers thickness) and the operation characteristics of the stack
(temperature range, flow configuration, etc.) change for the different cell types. For these reasons, the
emphasis in this literature survey is placed on planar, anode-supported SOFCs.

Research and developments at different research institutions have resulted in a fairly broad number of
cells and stacks designs. Hence, considering the single variability in modelled geometries, different
outcomes of the thermomechanical investigations may be expected. Considering the variability of all
model input parameters, the formulation of fully generalised guidelines in terms of designs,
manufacturing and operation of SOFC stacks is challenging. From a practical standpoint, thermo-
mechanical modelling and simulations are needed, because of the difficulty to probe mechanical
failures in operation, among others. This literature survey aims at providing and discussing general

solutions to develop such termomechanical models of SOFC stacks.

1.5.1.1 Domains of investigation
The size of the computational domain of SOFCs thermo-mechanical investigations reported in the

literature spans from single GDL channels up to short stacks. The choice of the domain depends upon
the available computation resources and the objective of the study. Because of the relatively simple
geometry, a domain corresponding to a volume element comprising a single gas channel, a rib of the
GDL milled in the MIC as well as the adjacent regions of cell and MIC is often considered for SOFC stack
analysis to yield low computation requirements [35-38]. This approach assumes the geometrical
periodicity along the direction perpendicular to the gas flow and that the channel is representative. A
first limitation is that most of the effects of thermal gradients in the y direction are not captured. A
second limitation is that generally the contour of the cell bonded to the sealant as well as in most cases

all manifold sealants are neglected, despite their potential critical contribution to mechanical failures.
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Several studies consider only the cell as domain for the thermo-mechanical investigations. Within the
anode-supported cell, the anode and the electrolyte are the layers where the consequences of
mechanical failures are expected to be the most detrimental. Given the relatively regular geometry of
the cell, in several studies [39-42] the stresses in the layers are estimated analytically using the Euler-
Bernoulli beam theory for multilayer structures [43,44]. The runtime and computational resources are
much lower for analytical solutions than numerical calculations. Thus, they can be efficiently used for
preliminary studies and sensitivity analyses of the thermo-elastic properties and thickness on the
stresses in the cell [39-41]. The Euler-Bernoulli beam theory can also include the effect of rigid glass-
ceramic sealants on the stress in the cell [40].

Two studies [45,46] model and simulate the stress in cell-BCS-metallic frame assemblies over thermal
cycles with homogenous temperature fields. They show that compared to the case with rigidly bonded
glass-ceramic seals and similar geometry, the stresses computed in both the BCS configuration and in
the cell are computed. The results therefore suggest that the BCS solution can help improving the
reliability of SOFC stacks. Implementation in the simulations of both non-uniform temperature fields
[47] and residual stresses in the BCS (generated by the brazing process) [48,49] shows the critical
influence on the mechanical integrity of the sealant. Damage of the BCS (i.e. crack growth) caused by
tertiary creep is investigated numerically upon long-term operation and thermal cycling [50]. The
simulation results show that upon long-term operation the risk of cracking of the BCS starts after the
targeted stack lifetime (40000 h), whereas thermal cycles may lead to crack growth. In the same study,
a sensitivity analysis on the component dimensions indicate that thinner strip and filler metal joints
contribute to reduce the risk of damage. The simulated stresses are confirmed by neutron diffraction
measurements [51].

The studies by Yakabe et al. [52] and by Selimovic et al. [53] focused on SOFC stacks including ceramic
interconnects. In the first work, the computational domain is the interconnect alone. The stresses
simulated during stack operation are shown to be sensitive to the composition of the ceramic material.
Further, chemical expansion (because of the uneven oxygen vacancy concentration in operation)
significantly contributes to the stress build-up. In the second work, the effects of selecting a ceramic or
metallic interconnect are investigated. Because of the higher thermal conductivity of the metallic
interconnect, the thermal stresses in the SRU are decreased, allowing thus more flexibility in terms of
system operation and design. These advantages, together with the lower cost and better
manufacturability of alloys compared to ceramics, significantly favoured the development of SOFC
stacks based on metallic rather than ceramic interconnects.

The nominal power of an SOFC stack is proportional to the number of in-series single repeating units
(SRUs). An SRU is the elementary unit of a stack. The idealised geometry of the components and the
materials are consequently identical for all the SRUs in a stack. Therefore, an intuitive approach to

reduce the model run-time is to consider as computational domain one SRU instead of the whole stack.

20



In this type of modelling approach, the domain comprises all the components of the SRU and to some
extent also their mechanical interactions, sometimes modelled by e.g. contact. Hence, the focus is on
investigating not only the individual mechanical failures at the component level but also their reciprocal
influences. A limited number of studies are carried out at the level of SRU domain. Several contributions
come from the GEM-EPFL group [19,54-56], that analyse the rigid glass-ceramic and compressive
gaskets sealant solutions, this work, and [57-59]. Compared to the cases of single components and
representative channels, the computational requirements for numerical simulation of the whole SRU
domains is considerably higher, because i) of the higher number of elements and ii) modelling of
mechanical interactions between the SRU components require additional iterative solution procedures.
The main limitation of modelling a single SRU domain is that the temperature field during polarisation is
assumed the same over the stack height. In reality, the SRUs adjacent to the end plates of the stack are

colder than those in the centre.

1.5.1.2 Meshing approaches

The details of the meshing procedure are reported for part of the studies published in the literature. A
first distinction is the shape of the mesh elements: given the relatively regular geometry of the SOFC
stack components, meshing by hexahedral (in 3-D models) or quadrilaterals (in 2-D models) is
preferred, because of the better numerical accuracy at lower computational cost [60].
Tetrahedral/triangular mesh elements are dedicated to more complex SRU geometries [57] and for
stress analysis at components singularities [61-64]. A second main distinction concerns the order of the
shape functions, i.e. either first or second order for standard mesh elements. Second order elements
provide better accuracy in the case of non-negligible bending [60] with the drawback of higher
computational cost, due to the higher number of integration points and thus of degrees of freedom per
element. For this reason, in relatively simple models, i.e. where the cell with or without the sealants is
implemented as computation domain, second order elements are usually preferred [42,65]. On local
models of the SOFC active area, i.e. using as computation domain the representative channel, the
bending of the portion of modelled cell is negligible. In this case, the accuracy provided by first order
elements can be considered sufficient [35,36]. For models at the stack level, simulation of mechanical
contact between the components places requirements on the meshing of the SRU assembly. A
mechanical contact interface is modelled by assigning a “master” and a “slave” property to each of the
two surfaces involved in the interfacing. The master surface is modelled by an analytical function
interpolating the mesh nodes of the surface. Proper contact simulation implies that the nodes
belonging to the slave surface no dot penetrate the master surface. This requires careful meshing, i.e.
the mesh on the slave should be finer than on the master surface, which can result in the relatively
rapid growth of the required number of mesh elements in the whole model and thus increased
computational needs and model runtime. Furthermore, by discretization by second order elements of

one or both of the parts in contact (e.g. the cell, because foreseen to bend), the computational demand
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increases further, because of the higher number of integration points and thus of equations solved by
the contact algorithm. Besides the requirements for simulating mechanical contact, an important
bottleneck in structural analysis of SOFC stacks is the high ratio between the in-plane dimensions and
thickness of several domains (i.e. the cell, GDLs and MIC), which typically leads to either excessively fine
meshes or with elements of high aspect ratio. Attention to this limitation is becoming more relevant
with the recent interest in producing stacks with larger active area and thinner cells, respectively to
increase the electrical power and reduce the operating temperatures of the SOFC systems. Mesh
elements with high aspect ratio are undesirable, since they lead to poorly conditioned matrices and
therefore affect both speed of the numerical solver and accuracy of the solution [66]. An alternative is
therefore to use shell elements for components with thickness considerably smaller than the in-plane
dimensions (i.e. in the SOFC stack, the electrolyte, compatibility layer and cathode). Conventional shell
elements discretise a domain by defining the geometry at a reference surface. Hence, in the meshing of
the electrolyte, compatibility layer and cathode domains by conventional shell elements, the reference
surface is the top/bottom face of the anode.

The cells, which can bend because of the mismatch between the thermal expansion coefficients of the
materials of the layers, are meshed by second order elements. The anode, being the thickest layer of
the cell, is meshed by solid continuum elements, whereas conventional shell elements are used for
meshing the electrolyte, compatibility layer and cathode. For the meshing of the MIC and glass-ceramic
sealants, first order continuum elements can be sufficient for most cases. Further reduction of the
computational requirements can be achieved by meshing the GDLs by special-purpose elements, i.e.
like the so-called “gasket” elements. In gasket elements, the in-plane and through the thickness
mechanical behaviour of the element are uncoupled. Gasket elements simulating only the thickness
behaviour are also commonly available. Compared to regular gasket elements, they require lower
computational requirements, but shear stresses caused by friction between GDL and interfacing parts
and membrane behaviour are not computed. To minimise the computational requirements of the
simulations while keeping adequate accuracy, a combination of these mesh element types is used in
several stack thermo-mechanical studies [19,54-56,59]. An alternative meshing approach is proposed by
Lin et al. [67-72]. They used continuum shell elements to discretize all the components of a 3 SRUs stack
model. Continuum shell elements correspond to the shape of the three-dimensional solid domains,

whereas the kinematic and constitutive behaviour is similar to that of conventional shell elements [60].

1.5.1.3 Material constitutive laws
Several SOFC thermo-mechanical investigations by numerical methods, in particular the earlier ones,

neglect the dependence of the mechanical properties on temperature. Given the large range of
temperatures to which SOFC stacks are exposed during their lifetime, a comprehensive thermo-
mechanical model should include these dependencies. Instead, on a large number of published models,

the values of the thermo-elastic properties (i.e. elastic modulus, Poisson’s ratio and coefficient of
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thermal expansion) are implemented only for a specific temperature. Thermo-mechanical models
comprising the temperature dependence of the thermo-elastic properties are reported in Refs.
[19,36,42,54-59,65,67-74].

Several of the materials used in SOFC stacks are known to have non-linear mechanical behaviour. The
implementation of non-linear constitutive laws adds significant complexity to the model. The accurate
characterization, i.e. testing for the identification of the deformation mechanisms and calibration of the
model parameters, is also much more difficult and can rapidly become far-reaching in case the
knowledge of multiple materials is needed. Reported non-linear mechanical behaviours of SOFC stack
materials are plasticity in the metallic components (MIC, GDLs, etc.) [68], creep in all materials because
of the high temperature [15,19,56], inelastic strain in the anode because of the Ni reduction [15], and
ferroelasticity of LSCF cathodes [75]. The combined resolution of multiple non-linear mechanical
constitutive laws usually further slows down the solution time. The implementation of the non-linear
constitutive laws in stack thermo-mechanical models is discussed hereafter. Rate-independent plastic
behaviour of the metallic components of the stack is often not considered in numerical thermo-
mechanical models. Where included, the formulation is usually based on the Von Mises yield criterion
and isotropic hardening [19,36,50,51,54-56,76-78] or to a lesser extent kinematic [45,46,48,49,73,79]
strain hardening. In these studies, the choice of either the first or the last strain hardening model
remains at present presumably arbitrary. In reality, a combination of isotropic and kinematic strain
hardening was reported for several alloys [80].

To our knowledge, the number of studies that include creep behaviour of the stack materials in
numerical thermomechanical simulations is growing but remains limited. It likely stems from the
limited information on the creep properties of SOFC stack materials available in the literature. Further,
the implementation of creep constitutive laws requires time-dependent simulations, which are
demanding on computational time and the effect of history complicates the analysis. The constitutive
law for the creep behaviour normally used for SOFC stack simulations is the Norton power law model
[81], limited to the steady-state creep regime. The primary creep regime is usually neglected, mainly
because the effort to establish an understanding has just started. Creep deformations in the context of
SOFC stacks are expected to remain low, i.e. not beyond the secondary creep regime, because of the
relatively strong mechanical interactions between the components. Hence, tertiary creep can be
neglected in stack thermo-mechanical models, and used for specific studies such as damage modelling
of bonded compliant seals [50].

Creep is recognised to affect the stack failure modes, e.g. [82]. In the thermo-mechanical analysis
carried out at GEM-EPFL [57], simulations show that creep in the materials affects differently the
mechanical reliability of the stack upon variations of the electrical load, leading to higher (lower)
probability of failure of the cell during load decrease (increase). Because of creep in the metallic GDLs,

modification of the gas channel sections upon operation cannot be excluded for all designs [83]. These
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variations from the design configuration change the overall stack performance and may have an impact
on the mechanical failure modes. These are only a few examples of the relevance of including creep
behaviour in thermo-mechanical models of stacks.

Stack thermo-mechanical numerical simulations including the GDL geometry in full detail remains at
present challenging, because computational needs induced by the large amount of mesh elements
require to discretize with adequate accuracy relatively complex shapes and more complex verification
of the solution accuracy. Computational homogenisation can help to estimate the effective mechanical
properties of heterogeneous materials, i.e. for a fully periodic GDL, the representative volume would
contain metal and gas phases. Besides the rigorous measurement of the thermo-elastic parameters,
approaches to extend computational homogenisation to the creep behaviour of single solid phase
metallic unit cells were also proposed [31]. The developments so far are applicable only for the
secondary creep regime. Using this computational homogenisation approach, it is worth mentioning
that in the case anisotropy is included in both creep and plasticity constitutive laws, FEM software (e.g.
ABAQUS) computes only the creep strains, neglecting potential plasticity and leading thus to potential
misleading interpretations of the failure modes [60].

Simulations where both creep and plasticity material constitutive laws are implemented require an
implicit integration scheme (backward Euler), which is more computationally demanding than explicit
methods because of the iterative process. If creep is included but not plasticity, more efficient
computation may be carefully achieved by forcing the solver to use an explicit integration method [60].
At least in metallic GDLs and within the stress state range in SOFC stacks, plastic deformations remain
likely limited [31] and irreversible deformation is dominated by creep. This statement cannot be
considered fully general, because i) the equivalent stress and thus potential plastic yielding is
dependent upon the local geometry of the component, and ii) at higher temperatures, i.e. above 600
°C, even though creep strain and thus stress relaxation are relevantly higher, the yield of metals occurs
at much lower values of equivalent stress than at lower temperatures. Plasticity as well as creep
constitutive laws must be implemented in SOFC stack models, at least in first tentative studies.
Afterwards, if the simulated stress state in all components and at all times is well below the plastic yield
point of the correspondent materials, the computational requirements for simulating the model can be
lowered by neglecting the plasticity constitutive law.

Measurements suggest that the NiO-YSZ anode cermet shrinks upon reduction of the nickel phase. The
reduction step occurs by injecting H, in the stack after the first heat-up, to make the anode
electrochemically active. The shrinking of the anode is constrained by both the other cell layers (i.e.
electrolyte, compatibility layer and cathode) and by the mechanical interactions with the sealant and
the GDLs. As a consequence, the stress state can change in all the components upon anode reduction.

Stack thermo-mechanical investigations with a simplified attempt to include such effect were
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performed at GEM-EPFL [19,54-56] [58,59] and by Wang et al. [77] by applying isotropic artificial strain in

the anode domain. Reduction strain of the anode can also be included in analytical models [41].

1.5.1.4 Mechanical boundary conditions
Central questions remain on the appropriate boundary conditions for SOFC stack thermo-mechanical

simulations, which are yet to be answered in a rigorous way. They clearly differ depending upon the
types of modelled domain, e.g. if only the cell or the whole stack is considered in the numerical
simulation, because in a simplified view the potential deformation modes of the domain change. In the
studies by Clague et al. [42,65], where only the cell domain is modelled, three types of boundary
conditions are simulated: i) enforced flatness over the whole face of the cell, ii) cell free to bend and iii)
enforced flatness limited to the sealing region of the cell. The last boundary condition, which is
expected the closest to that of a cell in a stack with fairly thick MICs (because after the stack
qualification, the sealant is stiffer whereas the GDLs are relatively compliant), yields the highest stresses
in the anode. In other studies dedicated to the cell domain only, either enforced flatness on the face of
the cell [76] or periodic boundary conditions [84] are implemented. In FEM models at the stack level, the
mechanical boundary conditions aim at simulating the deformation modes of SRUs either near or far
from the end plates of the stack. In the 3 SRUs model by Lin et al. [68] three configurations of boundary
conditions are compared: the displacement along the direction normal to the bottom face of the SRUs
is constrained at the bottom side of the assembly at the i) vertex, ii) edges and iii) face. On the top side
of the assembly, the clamping load is applied as an uniformly distributed pressure. The stress states
between the three configurations are similar. A different approach has been tested at GEM-EPFL to
simulate stack designs such as commercialized by SOLIDpower [19,54-56]. The flatness of both the lower
and bottom faces are constrained to remain flat, but they are allowed to rotate along the direction
perpendicular to the gas flow. As a result, the deformation of the SRU along its thickness is allowed to
vary linearly as function of the gas flow direction. This configuration of boundary conditions aims at
considering in the simulation both the SRUs adjacent to the end plates of the stack and the higher
thermal expansion towards the air flow outlet. For simulating SRUs far from the end plates, modified
periodic boundary conditions (PBC) are used [19,54-56]. The simulation results suggest that the contact
pressure on the active area is more uniform and the cell bending is lower in the case of enforced
flatness [19].

Considerable reduction of the computational requirements for simulating 3-D stack thermo-mechanical
models is achieved by taking advantage of symmetry in the stack in terms of i) geometry of the
components and ii) temperature field in stacks with co- and counter-flow configuration. For example,
symmetric boundary conditions along both in-plane directions of the SRU may be used for e.g.
preliminary studies of thermal cycling assuming uniform temperature, which reduces the domain to
one quarter of the real 3-D domain [73]. For simulations under polarization characterized by

heterogeneous temperature fields, only symmetry boundary conditions along the in-plane direction
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perpendicular to the gas flow direction can be applied, which allows the modelling of half a SRU
geometry. Instead, if cross-flow configuration temperature field is simulated, the symmetry boundary

condition cannot be applied and the whole SRU geometry needs to be implemented.

1.5.1.5 Mechanical interactions between the components
The understanding of the mechanical interactions between the stack component is believed critical to

identify the failure modes in most stack designs [56]. In most multi-part SOFC models, mechanical
interactions between the components is simulated either by constraining the displacement at nodes of
the two surfaces to be identical, i.e. the components are considered as tightly joined together, or by
contact. The number of studies with modelling approaches for a better description of the mechanical
interfaces is at present very low. Mechanical contact is a source of non-linearity in the FEM simulations,
because the stiffness matrix changes upon calculation of the contact stresses. In the studies where the
implementation of mechanical contact is reported, the numerical algorithms for mechanical contact
simulation are often not explicitly reported. In the studies performed at GEM-EPFL [19,54-56][58,59], the
contact over the active area is approximated by the non-linear penalty method, which allows a
smoothed variation of the contact pressure as the parts reach contact [60]. Frictionless tangential
behaviour between the stack components is commonly implemented [59,67-72,85], supposedly because
less computationally expensive. The presence of friction constraints in the model generates
unsymmetric terms in the stiffness matrix storage. If the relative tangential displacement between the
parts in contact is highly governed by the friction forces, i.e. when the coefficient of friction is high,
these terms complicate the convergence of the numerical computation [60]. In most stack designs
sealants made by glass-ceramic pastes and contact pastes deposited as contacting layers between the
cell and GDLs can be considered highly plastic prior to the stack sintering, because of the presence of
binders. Therefore, until the first stack heat-up, the constraint to the relative sliding between the parts
is negligible, and the contact tangential behaviour may approximatively be modelled as frictionless. In
the studies where friction between the components is considered, the values of the coefficient of
friction are arbitrarily chosen. Values reported in the literature are equal to 0.1 [19,56,58], 0.16 [86], 0.2
[54,55] and 0.3 [70]. Caution is needed when relatively high values of friction coefficients are imposed
between cell and GDLs and/or between MIC and GDLs, because i) FEM software like ABAQUS switch
automatically to unsymmetric matrix storage, which is computationally more demanding, and ii)
incompressibility in computing creep and plastic strain by FEM is imposed, and thus the high friction
forces would induce high shear stresses in the GDLs, which in turn may lead to unrealistic loss of
contact pressure upon creep/plastic deformations.

In SOFC stack models where gasket sealants are used, contact interface is implemented [24,25,50].
GEM-EPFL studies [19] compared the implementation of sealing gasket with contact and tied interfaces.
For the considered stack design, the probability of failure of the cell was reduced in the former case,

but the risk of contact pressure on the active area is higher. The beneficial or detrimental effects of the
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mechanical behaviour of interface remains currently difficult to quantify and identify upfront, because
of the dependence on the design and material mechanical properties. For glass-ceramic sealants, tie
constraints are commonly implemented both between sealant and MIC and between sealant and cell

[19,56,67-72,83].

1.5.1.6 Simulated operation scenarios
The initial stress state in each component of the modelled assembly is needed for comprehensive

thermo-mechanical analyses. Neglecting initial stress state affects the accurate quantification of the
stresses over the simulated load cases, and thus the correct prediction of the mechanical failure modes.
For example, stress relaxation caused by creep strain may change conspicuously if the computational
domain is considered pre-stressed or not. Possibility of mechanical failures is reported to occur already
in the early stages of stack manufacturing [63]. Other studies report that the residual stresses in the cell
do not cause directly its failure, but must be included in thermo-mechanical simulations [70,87-89].

A number of manufacturing steps have to be simulated to capture the initial stress state prior to the
simulation of the stack operation (i.e. thermal cycling, polarisation, heat-up, cool-down, etc.). Several
studies assume the whole computational domain stress-free before the simulation of the operation.
This condition corresponds often to that when the stack is at the temperature at which crystallisation of
the glass-ceramic sealants occurs, i.e. typically around 800 °C [28,68-70,74,90-93]. Other studies
consider stress-free conditions at higher temperatures [67,77]. A lowering of the initial stress-free
temperature intuitively yields less critical thermal stresses [67]. A presumably less realistic assumption is
setting the stress-free condition at RT [53], which indeed neglects the presence of relatively high
residual stresses at this temperature in the layers of anode-supported cells [41].

In the studies performed at GEM-EPFL [19,54-56] the steps in the SOFC stack manufacturing are
approximated individually by simulating an “initialisation” sequence. The numerical output, i.e. the
stress state in the computational domain, corresponding to the end of the initialisation sequence is
then used as initial condition for the subsequent simulation of the stack operation (e.g. long-term
polarisation, transients, thermal cycling etc.). The initialisation sequence includes sintering of the cell,
application of the clamping load, first heat-up and reduction of the NiO-YSZ anode.

Variations in the operation conditions under polarization, such as flow configuration, maximum SRU
temperature, air inlet temperature, system specific power and fraction of internal/external fuel
reforming, can reduce the probability of failure of anode and cathode by an order of magnitude of 2
and 1, respectively [19]. In most studies in the literature, the temperature fields imposed on the
computational domain are simulated by thermo-electrochemical models. The thermo-electrochemical
output therefore affects the thermo-mechanics, but the feedback is typically neglected [91], except in
the case of isothermal stress in ceramic MIC or cells with GDC electrolyte . Experience based on stack
testing however suggests that the two aspects are coupled and contribute together to degradation.

Several types for interaction can be imagined and likely occur in a SOFC stack, ranging from an increase
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of the ohmic losses because of contact alteration or changes in the uniformity of the gas-flow
distribution because of deformations of the GDL channels, leading to modifications of the temperature
and overpotential distributions [83]. Therefore, the meaningful coupling of the physics should be an
objective of future stack modelling developments.

Investigations typically compare i) flow configurations, ii) types of fuel and iii) transient/steady-state
operation. Simulation results reported in the literature indicate that co-flow is beneficial compared to
counter-flow in terms of mechanical reliability, mainly because of the smaller in-plane thermal gradient
[19,35-37,54,94,95], but the electrochemical performance is typically also lower.

Further, from a thermo-mechanical viewpoint, internal reforming affects the in-plane spatial thermal
gradient of the temperature profile, because the endothermic fast reactions tend to locally cool the fuel
inlet region. Several thermo-mechanical studies on full internal reforming were carried out [35,36,94,95].
They all concluded that severe stresses arise in the electrolyte, especially if internal reforming is
combined with counter-flow configuration. Instead, partial or even full reforming alleviates the risk of
mechanical failures [52,54] to the detriment of system performances. Partial oxidation of the fuel is also
investigated [54], and from a thermo-mechanical viewpoint is found less critical than internal reforming.
Most stack thermo-mechanical studies consider steady-state thermo-electrochemical conditions, or a
succession of them. At GEM-EPFL [54], transients including variations of the electrical load were
simulated with a dynamic stack thermo-electrochemical model and the temperature profiles imported
in a steady-state thermo-mechanical model. The results highlighted that a control strategy is of
relevance for the mitigation of failure during load following. At least on the probability of failure of cell,
thermo-electrochemical degradation simulations revealed that the contribution of the alteration of the

temperature field is limited [56].

1.5.1.7 Failure criterions
Commonly, thermo-mechanical investigations of cells and stacks aim at identifying the conditions,

during e.g. polarization, thermal cycling, and locations (i.e. in which component of the assembly and/or
the region) the stresses are the highest. The occurrence of mechanical failures is then estimated by
comparing the values of stress with the strength of the material based on the maximum stress criterion.
The knowledge on technological ceramics however indicate that such approach is practically
inadequate to assess the mechanical failure of such materials, because they do not fail at a certain
value of stress, rather the values of stress at which cracking occurs follow a Weibull distribution. The
straightforward approach to apply simplified Weibull statistics under the principle of independent
assumption requires post-processing of the results of SOFC thermo-mechanical simulations. The three
principal stresses simulated in the components of interest are extracted together with the
corresponding element volume integration to compute analytically a probability of failure, with as input
Weibull statistics parameters obtained from mechanical tests on the same material considered in the

numerical model. Using the Weibull statistics parameters available in the literature, the probability of
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failure of the anode considering variations of the Weibull parameters within the 95% confidence
interval may lead to significant changes in the insights of the mechanical reliability [19,54,56].

The standard Weibull approach assumes that only mode | crack opening tensile stresses contribute to
the failure of the component. This approach further postulates the principle of independent actions,
which entails that the principal stresses act independently in each principal direction. Therefore, when
the investigated stress state is multiaxial, this approach may not estimate accurately the probability of
failure. The reason is that shear and compressive stresses can also contribute to the crack propagation,
and should not be neglected. This shortcoming is documented and supported by experimental
observations [62,96]. Batdorf proposed an extension of the standard Weibull approach, which is not yet
commonly applied for thermo-mechanical investigations of SOFC stacks [62]. The Weibull statistical
approach and its extension can treat only part of the failure modes that can affect a SOFC cell. Fracture
mechanics approaches are needed to analyse the failure of e.g. thin layers on substrate and at
singularities but are not covered in the present overview.

The cracking of the metallic interconnects is typically not observed, because metallic alloys developed
for SOFC can accommodate deformations by plastic strain. However, inelastic deformations in the MIC
and potentially buckling may cause mechanical failure of the interfaces or of the adjacent components.
The risks of buckling of the MIC are expected to scale with the reduction of MIC thickness and may be
promoted by compressive stresses, mostly caused by thermal gradients of the temperature field during
polarisation. First analyses were performed at GEM-EPFL [55], based on the analysis of the MIC alone,
with geometrical non-linearity but without creep. The results suggested that the risk should increase
with the reduction of the thickness, whereas the effects of operating conditions were less clear. In
reality, stress relaxation occurs at operating temperature because of creep, which is expected to lower
the risk of buckling.

In the case of stack thermo-mechanical analysis where the mechanical interaction between the
components is modelled by contact, the mechanical reliability can be assessed by verifying that the
simulated mechanical contact over the active area of the cell remains sufficient over the whole life-time
of the SOFC stack. This potential failure mode is so far not intensively characterised, despite its
importance for stack thermo-mechanical reliability and performances, because the loss of contact
pressure on the active area is expected to increase the electrical contact resistance of the interface [17].
Studies performed at GEM-EPFL [55] showed that the contact pressure can be guaranteed over
different cases of electrical load variation, but lost on large regions of the gaskets. In contrast, analyses
including creep behaviour in the material constitutive laws [19] predicted that the simulated contact
pressure is lost on large regions of the active area, particularly if the gasket is rigidly bonded to the MIC
and the cell. In a different study using the same thermo-mechanical model [56], the loss of contact
pressure on the active area can be promoted by the deflection of the SRU, caused by the cell bending.

Furthermore, thermal cycling of the stack can affect the contact pressure over the active area [58].
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When post-mortem images of the simulated stack design are available, results of the numerical
simulations can be interpreted and validated based upon visual inspection tracking e.g. interface
detachments or large cracks. Comparison with the results of stack simulation provide first elements for

qualitative validation [90].

1.5.1.8 Concluding remarks

Further research is necessary to understand and quantify thoroughly the trade-offs between
mechanical reliability, performance and costs of SOFC stacks [19]. Within similar stack designs and
thermo-electrochemical conditions, the use of simple indicators (e.g. thermal gradient over the active
area, maximum temperature on the cell and temperature difference outlet-inlet region) to assess
qualitatively the risk of mechanical failures in the cells without dedicated thermo-mechanical
simulation may still be acceptable for comparison purposes. Instead, if new stack geometries and
operating conditions are explored, the reliability of such indicators can become questionable, and may
potentially lead to misleading insights [54]. In these circumstances, thermo-mechanical modelling and
simulation cannot be neglected.

Often, the cell is considered the core component of the SRU. However, mechanical reliability of the cell
is not only governed by the strength of its materials, but also by its mechanical interaction with the
other SRU components. Thermo-mechanical investigations should therefore take into account the
whole SRU domain, including adequate modelling of the mechanical interactions between the
components.

From this literature survey, it is acknowledged that the gas tightness between the air and fuel
compartments is a vital requirement for SOFC stack reliability. If this condition is not fulfilled, parasitic
combustion unavoidably occurs in the location where fuel and gas meet. This combustion is
exothermic, i.e. the surrounding materials would be exposed to relatively high temperatures. Losses of
gas tightness are caused by materials becoming either excessively porous or by cracking, or both.
Possible causes of unwanted porosities in electrolytes and sealants are improper manufacturing

processes and/or faulty materials and degradation.
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2 Mechanical properties of SOFC materials
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2.1 Four-point bending testing

The research on the thermo-mechanical properties of SOFC materials and adequate measurement
methods is growing but remains limited and therefore of high interest for the development of the
technology. The brittle failure of ceramics poses several practical issues for the handling and
mechanical testing of samples. Furthermore, differences in the metric and topological microstructural
parameters of the tested sample and of the real component materials must be such that the effect on
the effective thermo-mechanical properties is minimal. This practically requires production using the
same manufacturing route, because guaranteeing that slight modifications of the process parameters
to e.g. increase the thickness of the deposited layer do not change the material microstructure and
thermo-mechanical properties can rapidly become a far-reaching task by itself. A requirement for a
conventional mechanical testing method is therefore the capability to accommodate samples that have
a thickness similar to that of the components (Chapter 3.1).

Tensile testing is the preferred method for the mechanical testing of metals, but is not appropriate for
ceramic samples, because the machining of thin sheets made of brittle materials into the relatively
complex adequate sample geometry (e.g. the typical dog-bone shape) can be difficult. Unwanted
fractures can occur during the mounting of the sample in the setup or because of compression caused
by the grips on the sample shoulders. This explains the limited number of tensile tests on SOFC ceramic
materials reported in the literature [97-99]. The compressive testing of ceramics is reported in e.g. [99].
However, the deformation of the sample upon the application of considerably high mechanical loads is
small and comparable with the roughness of the sample surfaces in contact with the setup. This effect
is more pronounced for thin materials and thus the measurement accuracy may be insufficient.

Bending is currently the most common method for the mechanical testing of SOFC ceramics, because
the handling of the samples is relatively easy and the deformation that can be applied on thin samples
by bending is usually large compared to the sample imperfections. However, the stress state in the
sample induced by bending is not uniform: i) it changes across the thickness, from compressive to
tensile, and ii) between the outer and inner testing fixture.

a b c d e

Figure 3: Representation of the most common configurations for bending test of planar samples: a) four-point bending, b)

three-point bending, c) ring-on-ring (ROR), d) ball-on-ring (BOR) and e) ball-on-three balls. Figure reproduced from Wei et al.
[99".

d Reprinted from Ceramics International, 40, J. Wei, G. Peéanac, J. Malzbender, Review of mechanical characterization
methods for ceramics used in energy technologies, 15371-15380, 2014, with permission from Elsevier.
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Post-processing of the experimental data to estimate the effective mechanical properties is therefore
required and typically based on analytical methods. The common configurations for bending tests of
planar samples comprise three-point, four-point, ring-on-ring (ROR), ball-on-ring (BOR) and ball-on-
three-balls setups [99], see Figure 3. An additional requirement for setups for fracture testing of large
batches of samples in a sequential manner [100] is the reliable automatic removal of the broken sample
from the testing fixture prior to the testing of the next sample. This feature is simpler to implement in
either a three- or four-point bending configuration. Compared to three-point bending, the four-point
bending configuration yields a larger volume of material subjected to a uniform stress state, i.e.
between the two inner rollers, and it is unaffected by the contact pressure of the rollers. This increases
the accuracy of the material strength measurements following statistical methods (Chapter 2.3): larger
volumes of tested material are more statistically representative, because they include a larger
population of flaws [101]. Therefore, the four-point bending configuration was selected for the design

of the two mechanical testing setups. A representation is shown in Figure 4.

Figure 4: Geometry of the four-point bending test configuration.

To our knowledge, the characterization of the mechanical properties of SOFC materials remains
incomplete, even for the Ni-YSZ electrode. The experimental part of the present study comprises the
development of setups for mechanical testing, model-based parameter estimation and measurement

campaign. The focus is on:

e The primary and secondary creep of the Ni-YSZ anode at the temperatures of relevance for
anode-supported SOFCs (i.e. 700-800 °C). Since creep testing is relatively long, the possibility
for the simultaneous measurement of multiple samples is a requirement for the design of the
setup.

e The strength of the anode cermet both in oxidised (NiO-YSZ) and reduced state (Ni-YSZ), at
room and high temperatures. This study is based on statistical approaches. Hence, relatively

large batches of samples need to be tested under the same experimental conditions.

Two in-house setups were designed and fabricated. Both are capable of measuring the creep behaviour
and strength of materials up to 900°C in either oxidizing or reducing atmospheres. The setup for the
measurement of creep behaviour is referred to as “CRP”, whereas that for the measurement of the
strength as “SEP”.
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2.1.1 Modelling of 4-point bending

The calculation of the stress state during four-point bending by closed-form analytical solutions is fast
and simple. The standard approach is based on the linear beam theory. The two main assumptions are
that an arbitrary section along the beam length and orthogonal to the neutral axis i) remain planar and
i) its slope variation is negligible upon the deflection of the beam. These two assumptions imply that i)
the thickness and the width of the sample must be small compared to its length and ii) the maximum
sample deflection during bending is small compared to the sample thickness. The analytical solution of

the stress in the beam between the two inner rollers is:

Yy 3
Z\M . P(L —a) wh

2) T = 7 —

0 () ( )1 with Mf and | = o (9)

The reaction force on the outer rollers RF as a function of the sample deformation at the inner rollers

Vg 15 [100]:

B 4wh3y,RkEm
(L—a)(L? + aL — 2a?)

In practice, sliding of the sample with respect to the rollers occurs during testing, which results in

RF (10)

additional inaccuracies in the estimation of the stress by the linear beam theory solutions. Indeed,
higher bending deformations entail not only a deviation from the linear beam theory, but also a
translation of the sample/roller contact lines upon bending, i.e. the position on the sample at which the
force is applied, because the geometry of the testing fixture remains unmodified. In reality, the
tangential contact behaviour between the sample and the rollers is not frictionless. In the case the
Poisson’s ratio of the material is not zero, the sample does not bend only longitudinally but also
transversally, resulting in a biaxial stress state. These effects eventually yield together to a deviation
from the theoretical stress state estimate. The use of analytical solutions in post-processing of
experimental data may result in significant inaccuracies in the estimation of the mechanical properties,
which must therefore be quantified (see Paragraph 2.1.2).

In the present study, 3-D modelling using the finite-element method (FEM) is used to first quantify the
effects of such phenomena on the accuracy of the post-processing for measurements. The FEM model
is implemented in the commercial software ABAQUS and its main purpose is model-based estimation of
the mechanical properties of the Ni-YSZ anode (Chapter 2.2).

The FEM model assumes symmetry along the X and Y axis and therefore comprises one fourth of the
real geometry (see Figure 5). The sample domain is meshed with reduced-integration, second order
elements (C3D20R), whereas cylindrical analytical surfaces are used to model the rollers. Since testing
occurs under the regime of large deformations, non-geometrical non-linearity is included in the FEM
kinematic equations. The sample material constitutive law is linear elasticity. The mechanical boundary
conditions of the model are encastre at the outer roller, whereas at the inner roller all degrees of

freedom are constrained except for the displacement along y-axis, which is varied linearly during the
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bending simulation from 0 (undeformed sample) to the desired value. The mechanical interaction
between the sample domain and the rollers is simulated by contact. The normal behaviour at the
contact interface is computed by a “softened” non-linear pressure-overclosure relationship, which
facilitates the numerical convergence and can include in the simulation if information is available the
effect on the contact pressure of potential dusts, small sample waviness and grease (used in the tests to
minimise the friction between sample and rollers). A large-sliding contact tracking algorithm is used
since the relative sliding between the sample and the rollers is assumed potentially non-negligible. The
normal directions of the surfaces of the modelled sample and rollers are assumed to remain opposite at
the contact zone throughout the bending simulation. Thus, the surface-to-surface contact
implementation is preferred over the node-to-node counterpart. Tangential contact behaviour is either
with friction or frictionless, depending on the study case. Details of the implementation of the penalty

method with non-linear pressure-overclosure relationship are provided in Paragraph 3.1.4.

/ W Inner roller
\35 \/

&

T

Outer roller

Number of mesh elements: 6514
Element type: C3D20R

Figure 5: View of the full geometry of the 4-point bending test (left) and computational domain for the simulations (right).

The FEM model was first validated numerically. A mesh independency analysis was performed, based
on the variation of the reaction force on the outer rollers computed by the model, depending upon the
number of mesh elements. The analysis was performed using arbitrary sample mechanical properties
and friction coefficient, i.e. elastic modulus, Poisson’s ratio and friction coefficient of 65 GPa, 0.39 and
0.8, respectively. The imposed displacement at the inner rollers was 2 mm. A set of 16 cases differing in
terms of number of elements in the mesh was simulated, using all the same model implementation.
Each step of mesh refinement consisted in varying the number of mesh elements simultaneously along
the thickness, width and length of the sample. To limit numerical inaccuracies, the maximum aspect
ratio of each mesh was lower than 30. The results are shown in Figure 6. The accuracy of the simulated
reaction force rapidly increases for a number of mesh elements from 1’000 to 4’000, supposedly
because finer meshes allow a more accurate tracking of the contact at the interface between sample

and roller. Above 4’000 elements, variations are lower than 0.998 and monotonically decreasing.
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Number of mesh elements / NME «10%

Figure 6: Mesh dependence study of the FEM model of four-point bending setup. The y-axis is the ratio between the

computed reaction force at the outer rollers for each mesh and for that for the finest mesh.

The mesh selected for all the FEM simulations of four-point bending in this study comprises 6’514

elements, which appears a good trade-off between accuracy and model runtime based on Figure 6. The

simulated reaction force is within 0.2% with respect to the case with the finest mesh and the

computation time is about 7 min using 6 cores of a desktop computer (Intel Core i7-3930K). The

selected mesh is that shown in Figure 5.

A first assessment of the inaccuracy due to the use of the analytical solution based on linear beam

theory to measure the elastic properties is performed by comparing the reaction force from the

analytical solution (Equation (10)) and the FEM predictions for varying coefficient of friction, FEM

kinetic equations, and Poisson’s ratio, whereas other material properties are kept constant. The results

are shown in Figure 7.
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Figure 7: Comparison of the computed reaction force at the outer rollers over displacement at the inner rollers, from

different simulation cases of the FEM model (curves from #1 to #4) and from analytical solution (curve #5). On the right-hand

side, schematic representations of the potential analysed source of errors are shown.
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The difference in the computed reaction force between the analytical solution and case #1 (i.e. FEM
model including all the three measurement errors shown in Figure 7) is the highest, i.e., about 35%.
Mechanical properties estimated by using the analytical solution rather than numerical models would in
this case be affected by this error. The curve #2 represents the ideal limiting case for a bending test
under the conditions relevant for the present study, i.e. with frictionless contact with large deformation
(e.g. lubrication between sample and rollers, and sample deformed until its brittle failure). In this case,
the discrepancy is the lowest (around 15%), but will still affect the accuracy of the measured

mechanical properties.

2.1.2 Design of 4-point bending setups

2.1.2.1 Consideration on the sample dimensions and testing fixture

The sample dimensions, which are needed to design the testing fixture, are in this work the result of
trade-offs between the inner diameter of the work-tube (of the SEP setup) and the accuracy of post-
processing by both the analytical solution of four-point bending and material strength estimation by
statistical methods. The estimation of the errors of the analytical solution as a function of the
dimensions of both the sample and testing fixture follows analytical recommendations reported in the
literature [102]. For each contribution to the error of the analytical solution of the linear beam theory, a
sensitivity analysis is carried out, with the dimensions of sample and testing fixture as input variables.

The sample thickness is fixed to 0.3 and 0.27 mm, respectively for Crofer and NiO/Ni-YSZ, which are
imposed by the available raw materials from which the samples are cut. In the following series of
sensitivity analysis of the errors, a thickness of 0.3 mm is used. The considered error metric is simply

the percentage difference between the stress computed by the linear beam theory o527 and the true

stress g,Lrue:

xx  — Oxx
T
Oxx

(11)

LBT True
err = 100 [ ]

The contributions to the inaccuracy investigated in the series of sensitivity analysis are i) the friction
between sample and rollers, ii) the wedging stresses, caused by the wedging effect that the inner and
outer rollers lead on the sample upon bending, iii) load mislocation, caused by the fabrication
tolerances of the testing fixture, and iv) Poisson’s ratio effect, which leads to anticlastic curvature.

The analytical expression to estimate the error on the stress caused by the friction between sample and

rollers is:
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A coefficient of friction of 0.5 (arbitrarily set, but plausible in case of dry contact) is used in this

errg; = 100 (12)

sensitivity analysis. The inner and outer spans are the two variables of the sensitivity analysis listed in
Table 1. In practice, the measurement error caused by friction between the sample and the rollers can
be minimised either by fabrication of a testing fixture with rollers freely pivoting around their axis or by
applying lubricants at the contact interface. For high temperature testing, several research laboratories
have attempted to interpose thin graphite sheets at the interface. In this work, pivoting of the rollers of
both SEP and CRP setups is impeded by other design alternatives, and the long-term durability for high

temperature questionable. A special spray lubricant was used in all tests.

Table 1: Sensitivity of the error caused by friction to the inner and outer span.

outer span L [mm]

40 a2 44 46 48 50 52 54 56 58 i)
1.21 1.12 1.05 0.98 0.92 0.86 0.82 0.78 0.74 0.70 0.67
1.52 1.38 1.27 1.17 1.08 1.01 0.95 0.89 0.84 0.80 0.76
2.04 1.80 1.60 1.45 1.32 1.21 1.12 1.05 0.98 0.92 0.86
3.09 2.56 219 1.91 1.69 1.52 1.38 1.27 1.17 1.08 1.01
6.38 4.48 3.45 2.80 2.36 2.04 1.80 1.60 145 1.32 1.21

-100.00 17.65 211 5.26 3.90 3.09 2.56 2.19 1.91 1.69 1.52

inner span a[mm)]
B8R BG

The error caused by the wedging stress is:

~0.133
%(L%a) +0.133

The results of this sensitivity analysis, also in this case as function of the inner and outer spans, are

ertyqg = 100 (13)

listed in Table 2. The contribution of the wedging stresses to the inaccuracy is relatively low, and it

decreases for large outer spans and small inner spans.

Table 2: Sensitivity of the error caused by wedging stresses to the inner and outer span.

outer span L [mm]

40 42 a4 a6 48 50 52 54 56 58 60
0.11 0.10 0.09 0.09 0.08 0.08 0.07 0.07 0.07 0.06 0.06
0.13 0.12 0.11 0.10 0.10 0.09 0.08 0.08 0.07 0.07 0.07
0.18 0.16 0.14 0.13 0.12 0.11 0.10 0.09 0.09 0.08 0.08
0.27 0.22 0.19 0.17 0.15 0.13 0.12 0.11 0.10 0.10 0.09
0.54 0.38 0.30 0.24 0.21 0.18 0.16 0.14 0.13 0.12 0.11

-100.00 1.35 0.67 0.45 0.33 0.27 0.22 0.19 0.17 0.15 0.13

inner span a[mm]
SLHERBGL

The error caused by the misplacement between the pairs of inner and outer rollers As is calculated as:
2As

L— a]

In the following analysis, As is assumed equal to 0.5 mm, and is equal to the deviation in position of

(14)

errmis = 100 [

both inner rollers along the x-axis with respect to the theoretical design. A proper estimation of this
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parameter may be obtained by tolerance analysis of the designed components or by direct
measurements on the testing fixture. The results of the sensitivity analysis of this error as function of
the inner and outer rollers span are listed in Table 3. Load mislocations are found to lead to severe
inaccuracies in the stress estimation by analytical solutions. The error becomes higher if the difference

between outer and inner rollers span is reduced.

Table 3: Sensitivity of the error caused by load mislocation to the inner and outer span.

outer span L [mm]
40 42 a4 46 43 50 52 54 56 58 &0
15 4.00 3.70 3.45 3.23 3.03 2.86 2.70 2.56 2.44 2.33 2.22]
20 5.00 4.55 417 3.85 3.57 3.33 3.13 2.94 2.78 2.63 2.50]
25 6.67 5.88 5.26 4.76 4.35 4.00 3.70 3.45 3.23 3.03 2.86|
30 10.00 8.33 7.14 6.25 5.56 5.00 4.55 417 3.85 3.57 3.33
35 2000 1429 1111 9.09 7.69 6.67 5.88 5.26 4.76 4.35 4.00|
a0 '#DIV;"D! 50.00 25.00 16.67 12.50 10.00 2.33 714 6.25 5.56 5.00)

inner span a[mm]

The analytical solution for the estimation of the error generated by the anticlastic curvature (caused by

the Poisson’s ratio of the tested material) is:

Al () -@) )

1002 ] = 100) 2L (15)
eTrlyyre = —| =
pre Yx,max { (Zthaxx,max) 212 —a% + 2La }
L 3 8wh3Em )
with the transversal elastic strain &,, calculated as:
Vaxx max
= " 1
&= —p (16)

To perform the sensitivity analysis, the elastic modulus Em and the Poisson’s ratio v are respectively
equal to 80 GPa and 0.39. In the following sensitivity analysis (see Table 4), the inner span a is set to 25
mm, whereas the maximum stress 0, may is set to the arbitrary value of 100 MPa. As an example, with
an outer roller span of 50 mm and sample width of 25 mm, the sample deflection y, ;145 is 2.39 mm,

whereas the deflection along the transversal direction is about 0.1 mm.
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Table 4: Sensitivity of the error caused by anticlastic curvature to the sample width and outer span.

outer span L [mm]
40 42 44 46 48 50 52 54 56 58 60
10 1.28 1.17 1.07 0.99 0.92 0.85 0.719 0.74 0.69 0.65 0.61
12 1.24 1.68 1.55 1.43 1.32 1.23 1.14 1.07 1.00 0.94 0.28
14 2.51 2.29 211 1.94 1.20 1.67 1.55 145 1.36 1.27 1.20
16 3.27 2.99 2.75 2.54 2.35 2.18 2.03 1.89 1.77 1.66 1.56
18 4.14 3.79 3.48 3.21 2.97 2.76 2.57 2.40 2.24 2.11 1.98]
20 5.12 4.68 4.30 3.96 3.67 3.40 3.17 2.96 2,77 2.60 2.44
22 6.19 5.66 5.20 4.79 4.44 4,12 3.24 3.58 3.35 3.15 2.96
24 7.37 6.74 6.19 5.71 5.28 4.90 4.57 4.26 3.99 3.74 3.52]
26 8.65 791 7.26 6.70 6.20 5.75 5.36 5.00 4.68 4.39 413
28 10.03 9.17 3.42 7.77 7.19 6.67 6.22 5.80 543 5.10 4.79
30 11.52 10.53 9.67 2.92 8.25 7.66 714 6.66 6.24 5.85 5.50|

width w [mm]

Because of the Poisson’s ratio effect, the inaccuracy on the stress estimation by the analytical solution
increases for both wider samples and larger outer spans. However, the effect is more pronounced by
the former. The inaccuracy caused by the anticlastic curvature is highly dependent upon the value of
Poisson’s ratio of the sample material: if the Poisson’s ratio is 0.26 instead of 0.39, the errors are
halved.

In summary, the four sensitivity analyses showed that the accuracy of the analytical solution of four-
point bending is improved if the span of outer rollers is larger compared to that of the inner rollers, and
if the sample width is relatively small. In contrast, accurate measurement of the material strength by
statistical methods requires that large volumes of tested material are subjected to tensile stresses. This
can be achieved by wider samples and lower difference between outer and inner rollers spans. As a
result, the ratio between length and width of the sample was arbitrarily fixed to 2. The samples and

testing fixture dimensions are thus determined as follows:

1. The sample dimensions are maximised to fit the diameter of the work-tube with a clearance
between corners of the sample and inner diameter of the work tube of approximately 8 mm.
The resulting dimensions of the sample are 60x25 mm.

2. The outer rollers span is determined such that the local stresses in correspondence of the two
outer rollers (because of the contact pressure) are not amplified by the edges effect. This effect
can be damped out after a distance equal to that of the sample thickness. Hence, the maximum
outer rollers span of samples 60 mm long and 0.3 mm thick is 59.4 mm. However, to guarantee
easy handling, the overhang of the samples used in this work is 5 mm. With samples 60 mm
long, this leads to an outer roller span of 50 mm.

3. The inner roller span is fixed to 25 mm, as drawback to maximise the accuracy of the strength
measurement by statistical approaches (attainable by large inner rollers span) and minimise the
errors on the analytical solution because of the effects of friction, wedging stresses and load

mislocation, which implies minimised inner rollers span.
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The error caused by the contact point tangency shift upon sample bending cannot be quantified easily
by analytical solutions, because the prior knowledge of the tangency shift by either a numerical model
or direct observations is required. Reduction of the rollers diameter on the one side minimises this
error, on the other side increases the stresses at the contact zone. Peak of stresses in the sample in
correspondence with the contact zone worsens the accuracy of the strength measurement by statistical
approaches, because in the analytical solution the stress state between the two inner rollers is instead
assumed uniform. The selected material of the rollers of both SEP and CRP setups is the commercial
Nicrofer® 6025 HT alloy. It contains about 2% of aluminium. It forms a protective oxide scale upon the
first heat-up to relatively high temperatures (e.g. 800 °C), which tightly adheres on the component
surface. On the surface of the rollers, the function of this alumina layer is to lower the coefficient of
friction with the sample. To fabricate the rollers, the most available commercial diameter of the rods is
6 mm. Machining is required for the fabrication of cylinders with the desired tolerance. The design
roller diameter for both setups is therefore 5.70 mm.

Besides, analytical solutions encompassing a higher level of detail can take into account the effect of
potential sample twisting as well as of chamfered/rounded sample cross sections. They are however
not included in this analysis, which is a first analysis performed in the view of setup design. For refined
analysis, the developed parameter estimation procedure presented in Chapter 2.2 can also provide

detailed information.

2.1.2.2 Description of the setup for elastic and strength measurements
(SEP)

The present section presents specific practical details of the SEP setup. The SEP setup was limited by

space constraints for integration in the available laboratory. The height is minimised, while keeping the

possibility of partial vertical opening of the furnace and the number of loaded samples maximum. The

length of the linear actuator and consequently its stroke required modification. Figure 8 provides an

overview of the setup. The numbering in the following text refers to this figure.
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Figure 8: 3-D sketch of upper side of the SEP setup. Components in transparency are shown for reference.

The outer rollers are supported by two load cells, which do not move upon sample bending, whereas
the vertical displacement of the inner rollers is controlled by a linear actuator. The lower part of the
supporting structure (Figure 8) is fixed to two strain gauge load cells (1) (model K11-500N00S5,
Transmetra GmbH) by two threaded rods, which are screwed to the threaded hole of each load cell (see
Figure 9). The precise positioning of the rollers is key for the measurement accuracy. The adjustment to

guarantee the symmetric position of the outer rollers with respect to the inner rollers is made by
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fastening of these threaded rods. To achieve reliable measurements, distortions in mounting the strain
gauge load cells must be minimised. Hence, the contact surface of the mounting plate (2) in

correspondence of the load cell housings is milled to reach specified planar tolerances.

Threaded hole
Counterbored
—

holes \—V‘"!Z

Strain gauge
amplifier connector

Figure 9: Representation of the load cell model (K11-500N005, Transmetra GmbH) used in the SEP setup.’

The installed model of load cells can operate at a maximum service temperature of 70 °C. To mitigate
the effect of heat conduction from the sample testing zone in the furnace to the upper zone of the SEP
setup, the load cells are fixed on the bottom side of the support plate. During the validation of the
setup, the temperature of the load cell was monitored to verify that the thermal conditions are
adequate. Both load cells are connected to a 2 channels strain gauge amplifier (model GSV3USBx2,
Transmetra GmbH), which process the signal voltage of both load cells and transmit the output digital
signal to the data acquisition software.

On the top of the supporting structure, the two cylindrical outer rollers (3) are fixed on a horizontally
pivoted head (4) at a centre-to-centre distance L of 50 mm. The function of the pivoting head around
the z-axis (see Figure 10) is to reduce the measurement errors in the case of pre-deformed samples.
Such initial deformations may arise from residual stresses in the sample or manufacturing
imperfections, among others. If this compensation is not accounted for and the sample is pre-
deformed, only one of the two inner rollers may be in contact with the sample, i.e. the sample is loaded
on three points instead of four, leading to misleading measurement data. This capability was a design
specification, but the pre-deformation of all the samples tested in this thesis proved very limited.
Therefore, pivoting of the head was blocked for all the measurements.

The samples dispenser (see Figure 8) is an assembly of two steel stripes and a set of 30 pairs of both
inner rollers (6) and spacing rollers. The spacing rollers, welded on the upper side of the inner rollers,
maintain the stack of samples (5) separated from each other by a distance of 13 mm in the vertical
direction. This distance guarantees that the left and right free extremities of the sample do not touch
under bending and thus potentially misplace the next sample of the test batch. Initially, all samples are

supported by the spacing rollers (Figure 10-a). Upon downwards displacement of the sample dispenser,

¢ Reproduced under authorization of Transmetra GmbH, Lorenz Messtechnik GmbH.
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the sample at the bottom of the batch first contacts the outer rollers (Figure 10-b), and then also the
inner rollers (Figure 10-c). At this point, the 4-point testing of the sample starts, i.e. it is bent by further
downwards displacement of the sample dispenser. The sequential testing of the whole batch of 30
samples requires that each sample is either bent until its failure (then, the scraps should fall down by

gravity force) or manually removed after bending (which is possible only in tests at RT).

Inner rollers  Spacing roller

{

Samples

a) b) c)

Figure 10: Tracking of the contact points (depicted by magenta points) between samples and rollers upon downwards

displacement of the samples dispenser. The frontal steel strip of the samples dispenser is shown in transparency.

The maximum operating temperature of the linear actuator, including its piston (7), is 70 °C, whereas
the sample dispenser is exposed at relatively high temperatures during testing (e.g. 600-900 °C). The
piston is therefore fixed to the sample dispenser by a connecting rod (8) made of steel, to keep the
linear actuator close to RT. Undesired bending of the assembly made of sample dispenser, connecting
rod and piston around the x- and z-axis is hindered by a Teflon® O-ring (9) housed between the
connecting rod and the mounting plate. The O-ring also guarantees the gas-tightness of the testing
environment.

The frame of the linear actuator is fixed to the mounting plate (2) by four threaded rods (10).
Controlled fastening of the calibration nuts (11) pivots the linear actuator around x- and z-axis, which
allow the accurate positioning of the sample dispenser with respect to the supporting structure. Such
adjustment, along with that of the treaded rods of the load cells, is performed only once after the setup
is assembled. The chosen electro-mechanical linear actuator (model ETHO032, Parker Hannifin
Corporation) has a total stroke of 412 mm, and is provided with an anti-rotation guide of the piston.
Conversion of the digital signal from the setup PC to the controlled power supply of the motor of the
linear actuator is carried out by a servo drive (model Compax3, Parker Hannifin Corporation), for
closed-loop control. The actual position of the piston is provided by a rotary encoder which monitors
the rotation of the motor. Both the displacement and the stroke rate of the piston are controlled

parameters. This means that the motor speed (and thus the stroke rate of the piston) remains constant,
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independently of the reaction force generated upon sample bending. The digital communication
between PC and servo-positioning drive is controlled by the user via commands that can either define
the values of displacement and stroke rate or start/stop the displacement.

The supporting structure and the samples dispenser are enclosed in a gas-tight work-tube (12) to allow
for high temperature measurements under controlled atmosphere. The work-tube is made of steel and
housed in a tubular furnace and in a cooled chamber (13) fixed on the mounting plate. The gas-
tightness of the testing environment between the work-tube and the cooling chamber is achieved by a
flange (14), which is welded to the lower extremity of the work-tube. The part of the work-tube outside
the furnace is coated with thermal insulation to minimise heat losses. The setup is connected to N,,
forming gas (9% H, - 91% N,) and H, gas lines to control the testing atmosphere. All gas flows are
controlled by electronic mass flow controllers, installed between the laboratory gas network and the
setup. The setup gas-inlet is placed on the cooled chamber to further help the cooling of the load cells.
The work-tube is sealed at its upper extremity by a circular cap. A calibrated hole is drilled on this cap as
exhaust for the hot gases while maintaining the testing atmosphere slightly under pressure.

The furnace and work-tube are fastened using a circular plate (15), which is welded on the work-tube.
The cylindrical furnace installed on the SEP setup (model GVC-600, Carbolite GmbH) comprises three
heating zones, to help keeping a uniform temperature along the heated length. Temperature control of
the furnace is provided by a PID furnace controller (model Nanodac, Eurotherm - Schneider Electric).
Lifting of the furnace and work-tube allows the preparation of high temperature tests, i.e. the samples
are placed one-by-one on the sample dispenser. Then, furnace and work-tube can be lowered until the
work-tube flange enters in contact with the cooled chamber. If the test is carried out at RT, furnace and
work-tube are typically maintained lifted for a visual control visual of the sample testing.

It consists of a steel frame fixed to both the furnace and the work-tube, by four steel wheels which
allow the vertical displacement of both the furnace and work-tube (total weight of about 140 kg) on the
two lifting guides. The lifting guides are then fixed at their extremities to the setup frame. At the
opposite side of the wheels, plastic rolls are used to maintain the lifting system correctly in position
with the guides. Furnace and work-tube are lifted by a manual winch (not shown in Figure 11),
connected to the furnace lifting system by a metallic cable.

Because of the presence of hydrogen for testing under reducing atmosphere, the setup is placed under
a gas-hood during testing. This placed a height constraint for the design of the SEP setup. Any
shortening of the setup would have resulted in shorter sample dispenser, i.e. less tested samples per
experiment. Therefore, the height of the SEP setup and thus the length of the components (linear
actuator, sample dispenser, furnace and setup frame) were maximised to fit the GEM gas-hood (setup
height of 2300 mm, 2900 mm with the furnace lifted, outside from the gas hood). Figure 11 shows the
fabricated setup SEP installed in the laboratory.
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Figure 11: Overview of the SEP setup in the laboratory of GEM group (EPFL Valais-Wallis).

2.1.2.3 Creep setup

Creep testing over both the primary and the secondary regimes requires measurements of the sample
deformation over prolonged periods. For example, about 100 h are expected for creep testing of Ni-YSZ
(see Chapter 2.2). The creep setup design developed in this work includes four identical test slots, for
testing at the same temperature but under different mechanical loads to increase the measurement
throughput.

In the CRP setup, the dimensions of both the sample and of the four-point bending device are the same
as in the SEP setup, i.e. the inner and outer rollers spans are equal to 25 mm (a) and 50 mm (L),
respectively. Figure 12 provides a detailed scheme of the setup. The numbering in the following text
refers to this figure. The outer rollers (1) are tightened to the outer rollers supports (2). The outer
rollers span L of each test slot can be calibrated by screws (3). However, in all the creep tests carried

out in this thesis, the same span of 50 mm as for the SEP setup is used. The outer rollers supports are
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then tightened to five vertical plates (4), which are fixed with a base (5). This structure is then enclosed

in a gas-tight steel box (13) and housed in a furnace (model TE10Q, Rohde GmbH).

Figure 12: 3-D sketch of CRP setup and detailed views of the testing fixture.

At the beginning of a test, the sample (6) is placed on the outer rollers, but the inner rollers (7) are
maintained lifted until the testing temperature is reached and, in the case of Ni-YSZ, the reduction is
completed. Therefore, no mechanical load is applied on the four samples to avoid creep of the samples
already during heat up, i.e. during thermal transients. Symmetric placement of the inner rollers with

respect to the outer rollers is guaranteed by central rollers (8) which can slide in the grooves (9) of the

47



five vertical plates. The inner and central rollers of each of the four test slots are fixed to a ceramic rod
(10). These ceramic rods are connected to the armature of the displacement transducers (11) by holed
metallic rods (12). The use of holed rods reduces heat conduction from the testing environment (at high
temperatures) to the displacement transducers, which must not be exposed to temperatures above 100
°C. They also serve as support for the additional weights (16), which are needed for testing the samples
in the four test slots under different stress levels. The steel box is closed on the upper side with a lid
(14). Four tubular guides (15) are welded on the lid, which house the ceramic rods. To avoid friction
between the tubular guides and the ceramic rods, the clearance between their diameters is 2 mm. This
relatively large clearance causes high gas leakages. Hence, in the case of testing under reducing
atmosphere, the gas flow at the inlet of the setup must compensate for this leakage.

The displacement transducers installed on this setup (model ACT500C, RDP Electronics Ltd) use the
linear variable differential transformer (LVDT) principle. An LVDT transducer is composed by a
cylindrical frame, which contains three coils (a primary and two secondary), and a sliding rod, referred
to as armature. The relative displacement between the magnetic core of the armature and the coils
generates a transfer of current between the primary and secondary coils. Since the two secondary coils
are connected in opposition, the resulting output voltage is zero when the armature is at the centre of
the measurement stroke of the LVDT. Upon displacement of the armature caused here by the
deformation of the sample the voltage increases in one secondary coil and decreases in the other one.
The comparison between excitation and output phases by a signal amplifier enables the determination
of the displacement direction. Over a specific displacement range of the armature, the output voltage
processed by the LVDT signal amplifiers varies linearly from -14 to 14 V. Outside the range of
displacement, the LVDT signal saturates, i.e. the output voltage remains essentially constant upon
displacement. Hence, each of the four LVDTs was calibrated manually such that the measurement
accuracy is optimal within an expected range of sample deformations of up 10 mm. The calibration was
carried out by clamping coaxially the LVDT and a depth micrometre on a fixed structure, with the rods
of both the micrometre and of the LVDT maintained constantly in contact. Hence, calibration is carried
out by modifying the amplification of the LVDT signal amplifiers, such that a displacement of the inner
rollers of 10 mm causes a variation of the voltage between -14 and 14 V, i.e. a conversion ratio of 28 V /
10 mm = 2.8 V/mm to determine the displacement at the inner rollers.

The LVDTs are fixed on the setup frame by mounting blocks. The position of the mounting blocks and
thus of the LVDTs can be adjusted along the x- and z-axis by threaded rods. To avoid deleterious
overheating of the LVDTs transducers because of heat convection from the furnace, two fans are
installed in front of them. For testing in reducing atmosphere, forming gas (9% H, - 91% N,) is used. The
gas at the inlet of the steel box is heated up by a heating coil (17). Figure 13 provides a close-up view of

the CRP setup.
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Figure 13: Overview of the CRP setup in the laboratory of GEM group (EPFL Valais-Wallis).

2.1.3 Experimental validation of the SEP and CRP setups

The SEP and CRP setups are validated by comparison between simulations with the 4-point bending
FEM model (description in Paragraph 2.1.1) and measurements using materials for which several
literature studies and/or datasheets on the mechanical properties are available. Crofer 22 APU was
selected for the present validation. Crofer 22 APU samples with planar dimensions of 60x25 mm and a
thickness of 300 um were prepared and tested. Table 5 lists the considered properties of Crofer 22 APU,

which are implemented in the FEM model.

Table 5: Elastic and creep properties of Crofer 22 APU from the literature (Ref. [103,104], tensile testing).
Elastic properties [103] Creep parameters [104]

Em (GPa) v(-) A (h'mMPa™) n(-)
RT 216.0 0.3 - -
800 °C 65.9 0.3 2.30e-11 4.73

In the case of the SEP setup, the comparison between the predictions of the FEM model and
experimental data is for the reaction force at the outer rollers as a function of the displacement at the
inner rollers. The samples are assumed to deform within the elastic regime. The applied displacement
at the inner rollers is 1.4 mm in both the experiments (displacement rate of 0.3 mm/s) and simulations.
During the experiment, the effects of friction between the sample and the rollers was minimised by
lubricants and frictionless contact was considered for the FEM model. The comparison between the

experiments and simulation results are shown in Figure 14.
49



Y
[=2]

Model 2

—
>

Model 1

-
A%
T
L

Ideal model

Reaction Force / RF (N)
© o
(o)
(o)
o)

61 OOO Experiment
(o)
i o° ]
4 20
(o]
00
(s)
2 -
0 1 L
0 0.5 1 1.5

Displacement at the inner rollers / Yir (mm)

Figure 14: Reaction force versus displacement at the inner rollers measured experimentally (red circles) and simulated by the

FEM model of the sample (continuous lines).

The simulation of the experiment following the approach described in Paragraph 2.1.1 and here
referred to as “Ideal Model” does not predict accurately the experimental data, with an error on the
reaction force of about 12%. The sources of error in the “Ideal Model” come from the assumption that
i) for each pair of inner and outer rollers, the contact pressure with the sample is the same, ii) the
sample is initially flat and iii) upon sample deformation, the inner rollers are allowed to move only along
the y-axis. These conditions may not be met in practice, because of the effect of i) position tolerances
between the inner and outer rollers, ii) initial wavy/bent samples and iii) the compliance of both the
piston and the connecting rod of the SEP setup, which may bend during the sample deformation
because of asymmetric reaction forces on the rollers (because of e.g. position tolerances of the rollers
and/or pre-deformed samples).

The FEM model of the sample described in Paragraph 2.1.1 is modified to simulate the situation where
the sample is initially not in contact with the left inner roller by an arbitrary clearance of 0.5 mm (Figure
15) and during bending the inner rollers translate along the x-axis (towards the left direction) by 0.6
mm (value estimated by visual observation of the bending of the connecting rod). This bending is
caused by the component of the reaction force on the inner rollers along the x-direction, which is
higher on the right inner roller. Oppositely to the “Ildeal Model”, in the modified case only the
symmetry along the z-axis is maintained. This modified model is referred to as “Model 1” and provides
better agreement with the experimental data (Figure 14). The discrepancy between the model
predictions and the measurements is now of about 5%. A last variation is considered. “Model 2” is the
same as “Model 1” but a lower elastic modulus of 210 GPa is considered, instead of 220 GPa. The

mismatch with the experiment is further reduced and of about 7% in the middle range of deformations.
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Part of the remaining deviations between experimental and simulated data is ascribed to sample pre-

deformation and variation of the sample thickness, which are not considered in the FEM models.

<>

T Initially not in contact by 0.5 mm

Figure 15: View of the simulated model with the left inner roller initially not in contact, and stress component along the x-

direction upon bending.

In the case of the CRP setup validation, the comparison between the FEM model predictions and
experimental data is performed for the displacement at the inner rollers as a function of time. Figure 16
shows the experimental results of the creep testing on the Crofer 22 APU samples at four load levels of
0.90, 1.04, 1.18 and 1.32 N. The tests were performed with the CRP setup described in Paragraph 2.1.2.

The testing conditions were 800 °C and air and lubricant was not applied on the rollers.
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Figure 16: Displacement at the inner rollers over time during creep deformation measured experimentally (red, magenta,
blue and green points) and simulated by the FEM model of the sample (black lines). The dashed lines correspond to the
direct results of the simulation. The continuous lines depict the simulation data result but shifted onto the experimental

curves for direct visual comparison.
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The effects of primary creep of the material combined with the stress redistribution in the sample
because of creep lead to a transient regime, from the beginning of the creep deformation until
approximately 12 h. This regime is followed by a nearly constant displacement over time slope, which
corresponds to the creep deformation caused by the secondary regime. The irregular experimental
curve at the load of 1.04 N is assumed due to partial sticking between sample and rollers. The duration
of the experiments was of 25 h.

The FEM model of the sample described in Paragraph 2.1.1 is used to simulate the creep deformation
under the same four loads used in the experiments and elastic and creep properties for Crofer 22 APU
listed in Table 5. Since the available creep parameters are valid only for the secondary regime, the
comparison between the experimental and simulated data is performed by shifting of the simulated
curves onto the value of the experimental displacement at 25 h. This allows the comparison only of the
secondary regime, between experiments and simulations. The creep bending rates between 20 h and

25 h are listed in Table 6.

Table 6: Computed creep bending rates (in mm/h) from experimental and simulation data.

Experiment Simulation error %
0.90N 0.0038 0.0097 60
1.04 N 0.0254 0.0138 45
1.18 N 0.0140 0.0176 20
1.32N 0.0237 0.0268 11

The error between the two data-sets is higher for lower loads. The potential reason is that for lower
loads, the stress stabilisation requires more time than at higher loads, because of the dependence of
the creep strain rate upon the stress. Furthermore, since the bending in the experiments is larger than
that in the simulations (because of primary creep), and since in large bending the behaviour deviates
from linearity, direct comparison between experimental and simulation results is not fully rigorous, and

may affect the mismatch between the two data-sets.
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2.2 Estimation of the mechanical properties of Ni-YSZ

anode

Non-negligible errors can arise in the estimation of the elastic or creep properties using closed-form
analytical solutions derived from the Euler-Bernoulli beam bending theory (see Chapter 2.1 and
[105,106]). The applicability of such a simplified approach requires several conditions. The creep strain
rate must have reached a steady-state regime, also referred to as secondary creep, and the stress state
in the sample remains constant upon creep deformation. The deformation of the sample must also
comply with the assumptions of the Euler-Bernoulli beam bending theory. The contribution of primary
creep to the total creep deformation of the SOFC anode as well as the accuracy of the estimated elastic
properties are expected relevant for the prediction of mechanical failures in SOFC stacks. However,
non-linearity because of primary and secondary creep and of deviations of the actual bending
behaviour from that predicted by the linear beam theory do not allow to estimate the mechanical
properties directly from post-processing of the experimental data by analytical solutions. Most of these
sources of material and geometrical non-linearity can be investigated with a finite-element method
(FEM) model, but because of the model runtime, among others, the development of dedicated
procedures are required for integrating such level of detail within the parameter estimation workflow.
This section presents the methodology as well as the application to the experimental results from
Chapter 2.1 developed in this thesis to improve the accuracy and flexibility in terms of constitutive laws
for the accurate measurement of the elastic and creep properties of SOFC materials by macro-scale

mechanical testing.

2.2.1 Samples for 4-point bending tests

The samples for the investigation of the mechanical properties by 4-point bending were made of NiO-
YSZ and Ni-YSZ cermets, used for both the functional and supporting layers in the SOLIDpower anode-
supported cells (Mezzolombardo, Italy). They were produced from the same raw materials and by the
same procedures as the commercial cells, except for the co-casting of the electrolyte. The dimensions
of the tested samples were 60x25 mm. The thickness of each tested sample was measured on four
random points between the two inner rollers (i.e. the central region of the sample, dimensions 25x25
mm) and on two random points at each side of sample, between the inner and outer rollers. Samples
exhibiting excessive waviness and/or large variability in thickness were rejected.

Subsets of the supplied batch were used for the measurement of the elastic properties (Paragraph
2.2.3) and of the strength (Chapter 2.3). A set of 14 NiO-YSZ samples was used for the elastic properties.
13 out of the 14 samples were reduced at 800 °C to obtain Ni-YSZ samples. The dimensions of the

tested samples were 60x25 mm, with an average thickness of 270 um.
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The mean thickness over the whole batch of samples for the strength testing was equal to 261 um. Part
of Ni-YSZ samples were obtained by reduction at 800 °C. To test the strength of the YSZ skeleton
(referred to as (Ni)-YSZ), the Ni phase of 50 Ni-YSZ samples was removed by dissolution in HNOs.

This chapter is limited to the description of the samples. Details on the testing conditions for the
measurement of the elastic properties, strength measurements and 3-D imaging are provided in
Chapters 2.2.3, 2.3, 2.4.1.

2.2.2 Parameter estimation

Parameters estimation is based on an optimisation algorithm for minimising the discrepancy between
the experimental data and model predictions. In this thesis, a numerical workflow for parameters
estimation was developed based on the FEM model of the tested sample presented in Paragraph 2.1.1
and the experimental data obtained with the two setups and measurement procedures described in
Paragraph 2.1.2. The same workflow structure is used for the measurement of the elastic and creep
(details provided in Chapters 2.2.3 and 2.2.4, respectively) properties, only the exchanged model
parameters and responses differ. Table 7 provides the overview of the parameters of interest that are

estimated from the analyses, along with the materials and conditions of reference.

Table 7: Overview of the estimated parameters, materials and reference conditions for the elastic and creep properties

studies.
Case study Material Temperature Estimated parameters
) RT
Elastic NiO-YSZ
) 800 °C
properties
(controlled RT > Elastic modulus, Em
. 700 °C » Coefficient of friction sample/rollers, p
displacement)  Ni-YSZ
750 °C
ELF
800 °C
Creep
properties > Creep pre-exponential constant, B
(constant Ni-YSZ 700-800 °C > Creep activation energy, Q
I > Stress exponent, n
oad) » Primary creep exponent, m
CRP

The developed workflow is validated for both the estimation of the elastic and creep properties
(hereafter referred to as “ELF” and “CRP”), using numerical experiments with the FEM model with
predefined (known) values of the set of parameters listed in Table 7. Once validated, the workflow was
applied to real experimental data, to estimate the mechanical properties of the NiO/Ni-YSZ anode
cermet (Paragraph 2.2.3 and 2.2.4).
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The developed workflow for parameter estimation consists of the following main steps, which are

described in detail in the next sections:

1. Sensitivity analysis
2. Generation of distributed meta-models

3. Optimisation based on distributed meta-models

2.2.2.1 Sensitivity analysis

A sensitivity analysis is first performed to quantify how variations in the design variables impact the
model response [107]. The following description uses design and design variables, as approximately
equivalent terms to e.g. sample and parameters and signals as response or model output. Correlations
between the design variables are identified and quantified, and used as pre-processing information for
the optimisation task. In the present sensitivity analysis, the scanning of the space of the design
variables follows sampling determined by a design of experiment (DoE). The computed responses for

Ill

each design consist of one or several “signals” that are then used to assess for the statistical analysis

and, as it will be explained later, to generate meta-models.

Table 8: Design variables, models and computed signals in the sensitivity analysis of the ELF and CRP parameter estimations

Workflow Sensitivity analysis
mode Design variables FEM models Signals
» Elastic modulus, Em (R
ELF » Coefficient of friction sample/rollers, p ElaDispl Unloading
» Sample thickness, hs Delta

» Sample thickness, hs CrpLoad01 Load01

» Elastic modulus, Em CrpLoad02 Load02
CRP » Coefficient of friction sample/rollers, pu

» Creep rate constant, A

> Stress exponent, n

» Primary creep exponent, m

CrpLoad03 Load03

CrpLoad04 Load04

The workflow is implemented in the software OptiSLang (Dynardo GmbH), a platform for sensitivity
analysis and optimisation, with calls to MatLab and FEM or finite-difference codes Abaqus and gPROMS.
The Dok is first performed in OptiSLang following a prescribed sampling method. The computation of
each design is controlled by a Matlab routine, which (i) implements in the model the variations of the
design variables prescribed by the sensitivity analysis, (ii) execute the simulation run and (iii) post-
process the simulation results to generate the signals, directly or by retrieving first the required
simulation results.

There is no a-priori guarantee that the numerical non-linear simulations will converge over the

complete range of design variables, which may require revision of the problem formulation. A first step
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in assessing the quality of the sensitivity analysis results is to verify that the converged designs are
distributed with sufficient uniformity over the entire space of the design variables. In OptiSLang, plots
of the probability density function and of the 2-D scatter are used for visual inspection, whereas linear
or extended correlations between the design variables indicate how the variation of the i design
variable affects the remaining n-1 design variables. Values of linear correlation close to 1 and -1 denote

respectively direct and inverse relation of proportionality.

2.2.2.2 Meta-modelling

Depending upon the nature of the selected optimisation algorithm used for the parameter estimation,
a relatively large number of iterations and/or demanding computation of often locally-valid sensitivity
matrix is needed. As a result, the parameter estimation runtime can rapidly grow and the problem
become intractable, depending upon the complexity of the FEM simulations and interactions between
the design parameters. An alternative is to perform the optimisation with a meta-model of the signals
generated from the responses of the simulations performed in the sensitivity analysis. This optimisation
approach is faster and requires lower computational resources. A meta-model allows the computation
of the signals and design variables by simpler mathematical relationships.

The meta-modelling capability of the software OptiSLang is used in the present study. Meta-modelling
is performed by the Meta-model of Optimal Prognosis (MOP®). In OptiSLang, MOPs can be generated
following different mathematical approaches. Those available in OptiSLang and used in the
development of the workflow are polynomial least squares (PLS), moving least squares (MLS) or Kriging.

In the case of polynomial least squares, the approximation function is:

y) =1 Y2 - ¥ml" =PT(0R +e ~ 9(x) =p" (0B (17)
where y(x) are the values at m support points, $(x) their approximated values, ¢ the approximation
errors over all the support points m, whereas p” (x) is the global polynomial basis, which is defined as:

pT(xX) =1 x; x5 .. X2x2 .. x7%, ..] (18)

P is the polynomials base computed over each support point m:
P =[p(x1) p(xz) ... p(xm)] (19)
The coefficients B must be determined. They are global coefficients, i.e. their values are the same for all

the support points. Once the polynomial basis p is established and P is computed, the coefficients ,[? are

calculated by least squares:

g = (PPT")"'Py (20)
In moving least squares (MLS), the approximation function is defined as:
y(x) = 9(x) = p" (Da(x) (21)

where a(x) are “moving” coefficients, which in contrast to the coefficients f of the polynomial least

squares, can differ for each support point. The advantage of MLS method over polynomial least squares
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is a better ability to represent arbitrary complex non-linear functions, though still continuous, and
convergence to the exact solution if the number of support points increases [108]. Moving Least
Squares (MLS) and Kriging methods are used in the present study for the meta-model generation,
instead of polynomials for better accuracy and flexibility.

A model independent measure of the MOP quality is required and formulated as the Coefficient of

Prognosis (CoP®) [107,108]. The total CoP (CoPr,tq;) is:

. N
SgPrediction o (y. — 9)2
COPTotal =1 —71:: =1 ——ZNl_l ! ! P
SSt i=1 (Vi — py)

where N is the number of support points used in the MOP, y; and y; are respectively the response

(22)

value at the support point and the meta-model approximation , whereas py is the mean over all the
support points. The support points are split into two subsets, one for the generation of the meta-model
and another for the computation of the error y; — 9;. The CoPr,t4; ranges from 0% to 100%, indicating
respectively poor and good quality. In practice and as rule of thumb, MOPs with a CoPr,¢4; higher than
90% are needed for sufficient accuracy during the optimisation. The total effect sensitivity index of the

i™ design variable is defined as:

_ L VIXL)
T

where V(Y) and V(Y|X.;) are respectively the unconditional variance of the model output and the

(23)

variance of Y caused by all the model inputs without X; [109]. Multiplication of CoPr,¢4; by the total
effect sensitivity index of the i design variable provides the variance contribution of a single design
variable CoP;:

CoP; = CoProtq - STOF (X)) (24)
The CoP; quantifies the separate effect of the i design variable on the generated MOP. This parameter
is used by OptiSLang to identify the design variables of lower importance (i.e. those ones giving a
relatively low CoP;), which can be excluded. This analysis therefore provides knowledge on the effects,
which allows the simplification of problems involving a large number of design variables to lower the
computation time, among others.
In prevision of the formulation of an objective function for parameter estimation, an intuitive approach
consists in generating the MOP of the Euclidian norm of the difference between experimental and

simulated loading curve, which is then minimised:

[ s ]
mml[ D Oery —yFEM)fJ' (25)

i=1

Yexp and ypgy are respectively the experimental and FEM computed values of the tested sample at n
common discrete values. This standard objective function and model formulation proved inadequate

for the measurement of both the elastic (ELF) and creep (CRP) properties. It did not pass the first
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validation tests. The reason is the presence of local minima and inaccuracy in the MOP, which result in
unreliable search of the global minimum. The issue could practically be overcome by formulation of the

MOP using random fields. Figure 17 illustrates the random fields modelling principle.

AN,
/'_ ’
( perturbed ( 7l é1 @9
= + 21+ 29+
< geometry mean value shape #1 shape #2

Figure 17: Representation of the perturbed geometry as a combination of shapes and amplitudesf .

shape #3

Random fields are built upon the mean u, the array of shape functions and the corresponding array of

amplitudes. The formulation of random fields proceeds as follows:

n n ¢1
RF = ﬂ+zzi¢i :‘“’Z[Zl o Zy] Lp (26)
i=1 i=1 n

The decomposition of a set of arbitrarily different perturbed geometries by random fields is performed
by computing u, and the summation of n shape functions ¢, (identical for all the perturbed
geometries), modulated by the corresponding amplitudes z, specific to each perturbed geometry. In
the developed workflow, the random fields are computed by Statistics on Structures (Dynardo GmbH),
hereafter referred to as SoS, a software for the post-processing of statistical data, which evaluates and
simulates random effects. In a first step, SoS acquires the signals from the sensitivity analysis. Each
group of signals is then modelled by a specific F-MOP (Field Meta-model of Optimal Prognosis) using
random fields. Each F-MOP is composed by a number of MOPs that corresponds to the number of
shape functions for the signals that is modelled. The number of shapes is chosen automatically by SoS
to meet a desired quality of the meta-model. Afterwards, the individual MOPs are generated by
computing the amplitudes as function of the design variables.

Once the meta-models are generated, the optimization task can start. It calls the generated F-MOPs
instead of the FEM solver. For each iteration of the selected optimisation algorithm (y. refers to the

response with the set of design variable at the iteration):

1. A set of values of the design variables determined by the optimisation algorithm is
implemented in the F-MOP to compute the amplitude for the corresponding shape function.

2. Using the mean value determined by the random field simulation, the shape functions and the
corresponding amplitude obtained from step 1, the random field computation (run by SoS)
generates x-ylte data. The abscissa x (of dimension NX) between X-yy.or, data and those used as

experimental values in the optimisation x-yExp must be identical.

f Reprinted with permission from Dynardo Austria GmbH
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3. The objective of the optimisation is assessed over all the signals NS and then over all the

simulated models NM:

NM [ NS /NX
. 2
rneln (ylte,i - yExp,i) (27)
k=1|j=1 \i=1 il

where 0 is the set of parameters to estimate. In the workflow developed in this work, the optimisation
processes run on the F-MOPs in either ELF or CRP mode requires only a few minutes on a desktop

computer.

2.2.3 Estimation of the elastic modulus and coefficient of friction

2.2.3.1 Experimental data

For the ELF case, the experimental dataset consists of the reaction force measured on the outer rollers
and generated by applying a constant rate displacement at the inner rollers in contact with the NiO/Ni -
YSZ sample. In a first step, the constant rate displacement bends the sample, and consequently the
reaction force increases as the sample deforms. Afterwards, the constant rate displacement at the
inner rollers is applied in the opposite direction, i.e. the sample is unloaded and thus the reaction force
progressively decreases up to the initial value. During both loading and unloading, the displacement
rate is 0.3 mm/s. For the high temperature tests, the heat-up rate is 100 °C/h, either under reducing or
oxidising atmosphere. Respectively, forming gas (N,:90% - H,:10%) with a flow rate of 5 I/min or
natural convection is used for the two testing conditions. For each testing condition and material, five
measurements (i.e. five sequences of loading followed by unloading) are performed for verifying the
reproducibility. The reaction force for both loading and unloading is found to increase slightly over the
five measurements (by about 0.5% per loading-unloading cycle), supposedly because the relative sliding
between sample and rollers tends to remove the grease from the contact interface.

Each sample is tested sequentially at all the testing temperatures listed in Table 7 to measure the
variation of the elastic modulus upon temperature. The conditions during elastic bending testing on the
NiO-YSZ and Ni-YSZ samples and the measured reaction force for the displacements prescribed at the
inner rollers for each experiment are provided in Figure 18. The experimental dataset shown in Figure
18 is used to estimate the elastic modulus Em and the coefficient of friction p. The thickness of the
sample (treated as a design variable in the sensitivity analysis) is here left constant and assigned the

average measured value (see Figure 18).
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Figure 18: Reaction force measured on the outer rollers versus position of the inner rollers during bending test of NiO-YSZ

and Ni-YSZ samples at RT and high temperature conditions. Downwards and upwards triangle symbols depict respectively

loading (i.e. downwards displacement of the inner rollers) and unloading (i.e. upwards displacement of the inner rollers)

2.2.3.

For the

curve.

2Specific workflow description

estimation of the elastic properties (ELF), each design in the sensitivity analysis is simulated with

the following sequence in the FEM model, which mirrors the experiments (Paragraph 2.1.1):

1.

Starting with the undeformed sample (point O, in Figure 19), a displacement is applied at the
inner rollers at a constant rate, which deforms the sample elastically (from point 0 to 1a, in
Figure 19). The position of the inner rollers versus reaction force corresponds to the signal
“Loading”.

Afterwards, the constant-rate displacement at the inner rollers is applied in the opposite
direction. This induces a sudden drop (from 1a to 1b in Figure 19) followed by the progressive
decrease of the reaction force (from 1b to 0). Since the simulated deformation is elastic, the
sample returns at the end to the undeformed configuration (i.e. point 0). The signal
“Unloading” is the simulated position of the inner rollers versus the reaction force from point
1b to 0.
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The difference between signals “Loading” and “Unloading” yields the signal “Delta”, which is required
to obtain a unique solution from the parameters estimation process, as discussed later in this section.
The area 0-1a-1b-0 is equivalent to the energy dissipated by the friction between the sample and the
rollers. In the FEM models of this study, the coefficient of friction is assumed independent of the

sample deformation.

x

A YI A

Point: 0

Y

Points: 1a/1b

Reaction Force / RF_ [N]

Point: 0 Rl 0

Position of the inner rollers / Yir [mm]

Figure 19: Simulated elastic bending (loading, from point 0 to 1a, followed by unloading, from 1b to 0) of the 3D FEM model
of Paragraph 2.1.1, with friction between the sample and the rollers. The deformation-reaction force plot (on the right hand

side) depicts the three signals extracted from the output of the models.

A single global sensitivity analysis is performed covering all the variations in experimental testing

conditions and expected sample properties. The range of design variable values must be therefore

sufficiently wide:

e The elastic modulus Em of Ni-YSZ reported in the literature, varies from 38 GPa (at 800°C, in
reduced state) to 210 GPa (at RT, in oxidised state) [15]. Since the parameter estimation is
carried out on experimental data of both oxidised and reduced state, and at both RT and HT,
the selected range of the design variable Em is [30,250] GPa.

e Mechanical tests at RT show that the loading and unloading curves are fairly close if grease is
applied between the sample and the rollers, indicating that friction at the interface is limited.
High temperature (e.g. 700-800 °C) however induces drying of the grease, which is expected to
result in an increase of friction. Variations of the friction coefficient between the sample and
rollers between O (i.e. frictionless) to 1 are therefore considered in the sensitivity analysis.

e The thickness of the sample, hs, is varied between 210 and 300 pum, which exceeds the range

measured on the batch of samples delivered for testing.
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2.2.3.3 Numerical validation

The workflow is tested using two sampling methods, either the Full Factorial (FF) or Advanced Latin
Hypercube Sampling (ALHS), to verify that the sensitivity analysis is not significantly influenced by how
the space of the design variables is scanned. This verification is carried out only for the elastic bending
case. The ALHS case comprises 300 designs. In the full factorial case, the closest number of designs is
achieved with 7 levels, i.e. 7° = 343 designs because there are three design variables (hs, Em and ). The
purpose is not a discussion of the performance of the sampling methods, but a verification of the
behaviour of the developed workflow. The validation test is passed regardless of the sampling method,
i.e. the set of estimated parameter values (with the procedure explained later in this paragraph)
corresponds with sufficient accuracy to that imposed in the computer-generated experiment. This test
suggests that the workflow developed here is not strongly affected by the choice of a sampling method

in the ELF case. All the results presented hereafter were obtained using ALHS and 300 designs.
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Figure 20: Extended correlation matrix of the sensitivity analysis for the ELF mode.

The extended correlation matrix for the case of elastic bending is depicted in Figure 20. There is no
linear correlation between the three design variables. However, quadratic correlations may not be
excluded. The probability density function of all the three design variables (plots on the diagonal) are
close to uniform, and unpopulated regions are not observed in the 2-D Anthill plots, which suggests

that the DoE and simulation execution is adequate.

Table 9: F-MOPs and components of the random field simulations for the parameters estimation mode ELF.

Shape
. . .th . . Best MOP
F-MOP RF simulation (i design) functions
. approach
implemented
Loading Hroading T Zi,Loadingqbl,Loading ¢1,Loading MLS
Unloading Hunioading T Zi,Unloadingd)l,Unloading ¢1,Unloading MLS
Delta Upelta + Z{,Deltad)l,Delta ¢1,Delta MLS
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Table 9 shows the outcome of the post-processing by SoS of the three signal types (i.e. Loading,
Unloading and Delta) for all the simulated designs to generate the random fields components and thus
process the corresponding F-MOPs.

The CoP matrices of the three F-MOPs (F-MOP 4aqing, F-MOPypi0aging and F-MOPp,i,) are depicted in
Figure 21. The first three columns provide the CoP; values relative to each design variable, whereas the

last column shows the CoPoya).

shape #1

[Unloading |

shape #1

shape #1

E 7] hs Total

Figure 21: COP matrices of the three F-MOPs of the workflow for parameters estimation in ELF mode.

The CoPry, of the three F-MOPs all reach 100%, which indicate that a meta-model of high quality could
be generated. As expected, the variation of the elastic modulus Em within the values range defined in
the sensitivity analysis has the dominant effect on the response of the F-MOP a4ing and F-MOPyqi0adings
since the CoPg,, are about 68%. The effect of the sample thickness hs within the range of prescribed
values comes next and remains significant (i.e. CoPs of about 37%). However, in both F-MOPs the
coefficient of friction has practically no effect. Figure 22 shows the MOPs of the F-MOP .4ing (the MOPs
of F-MOPyi0ading are not provided because similar). Upon variation of p within the range of values, the
response of the MOPs on both left and right hand-side of Figure 22 (respectively: z;, as function of Em
and W, and z; as function of hs and W) is essentially negligible, compared to that caused by the variation
of either Em or hs. As a result, OptiSLang considers this design variable as not important, which would
be automatically discarded from the optimisation task. This conclusion contradicts the observations of
Paragraph 2.1.1, where a meaningful increase of the reaction force is measured when there is friction

between sample and rollers.
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Figure 22: MOPs of the amplitude z, (i.e. corresponding to shape function ¢,) constituting the F-MOP,,,qing as a function of
the three design variables Em, u and hs.

The simplification of the problem following a standard guideline would therefore not allow capturing

the effects of friction on the measurement error. The solution implemented in this study consists in

adding the signal Delta, as mentioned previously. Indeed, verification of F-MOPp,, leads to a CoP,

much higher than in F-MOP 4,ging and F-MOPyqi0ading, S€€ Figure 21.

In the ELF case, the objective function for parameter estimation (Equation (28)) reduces to:
3

40
min (ylte,i - yExp,i)2 (28)
Em,u

i=1 j

j=1
The validation of the parameters estimation for the ELF case is performed using a sample thickness hs
of 280 um, elastic modulus Em of 100 GPa and coefficient of friction sample/rollers u equal to 0.7 for
the artificial experiment. We recall here that this choice of numerical values is arbitrary and

corresponds to an initial guess. Table 10 summaries the results of the validation tests.

Table 10: Validation tests on the parameters estimation workflow, ELF case.

. o Set of parameters to
L A Start point of optimisation )
Sensitivity analysis Test estimate

Em[GPa] | [ hs [um] || Em[GPa] | p[]
#1 39.0
a) Advanced Latin #2 209.0 009
Hypercube Sampling 280 HLLLL 0.7
b) Full factorial » 0 0.99
#4 209.0

The convergence is tested for two optimisation starting points to assess if the problem formulation
produces critical local minima or inaccuracy that affect the search for a unique optimal solution. Table
10 shows that the values of Em and p used for the computer-generated experimental data are
successfully retrieved during all the four tests, within satisfactory accuracy (3% error is estimated here
acceptable). The approach is therefore considered ready for the analysis of the experimental 4-point

bending data.
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2.2.3.4 Parameter estimation

Figure 23 shows the estimated parameters Em and p as a function of temperature. The provided error
bar is the standard deviation calculated using 5 repetitions of the measurements.

The estimated elastic modulus of NiO-YSZ is close to the value reported in the literature but for higher
porosities (19 %), i.e. about 125 GPa and 120 GPa, respectively at RT and 800 °C [110]. The dominant
contribution to the large decrease in the elastic modulus from NiO-YSZ to Ni-YSZ is mainly due to the
increase in porosity, i.e. from 9% to about 29% (see also the analysis on aged samples in Paragraph
2.4.1). In part, the different elastic modulus between NiO and Ni also contributes to the reduction of
the effective elastic modulus upon reduction: the elastic modulus of NiO is 277 GPa and 200 GPa as

reported in Ref. [111], respectively at RT and 800 °C, whereas that of Ni is 205 and 140 GPa at the same

temperatures.
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Figure 23: Estimated elastic modulus (filled circle) and coefficient of friction between the sample and the rollers (empty
triangle). Green and grey refers to NiO-YSZ and Ni-YSZ, respectively. Interpolating straight lines between data points are

provided as guide.

The estimated elastic modulus of Ni-YSZ at RT and 800 °C is about 81 GPa and 63 GPa, respectively.
These values fall within the same range as those reported in the literature for Ni-YSZ with 39% porosity,
which for the same temperatures are 73 GPa to 58 GPa [110]. The difference is likely justified by the
lower porosities of the Ni-YSZ samples tested in this work (about 29%). The increase of the coefficient
of friction with temperatures is attributed to the drying of the grease between sample and rollers,
which at RT is fluid, whereas after heat-up to high temperatures dried and becomes a fine powder.
Compared to NiO-YSZ, the higher friction coefficient when testing Ni-YSZ is probably caused by the

favoured sticking of the Ni particles on the rollers (which are made of steel).
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Figure 24: Plot of the responses simulated by the FEM model (black lines) of the tested sample using the parameters
estimated by each data-set of mechanical tests. The experimental reaction force versus displacement at the inner rollers,

already plotted in Figure 18, are here reported for comparison with the results of the simulations.
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However, this cannot be confirmed, because grease should partially prevent such sticking. The mild
decrease of the friction coefficient from 750 to 800 °C is unexpected, but error bars indicate that it is
not significant.

The elastic modulus and friction coefficients reported in Figure 23 are used to simulate the FEM model
of the sample for the six experiments. The simulation and experimental results are plotted together in
Figure 24.

The experimental data shown in Paragraph 2.2.3.1 and implemented for the estimation procedure of
elastic modulus and friction coefficient of NiO/Ni-YSZ samples at room and high temperature are used
to estimate the elastic modulus by analytical solution (see Chapter 2.1). The results are listed in

Table 11. The discrepancy between the elastic modulus measured using the meta-model parameter
estimation and the analytical solution is lower than 10% for all the cases in

Table 11.

The results indicate that the use of the unloading experimental data provides higher accuracy, because

the component of the friction force is opposite to that of the measured reaction force.

Table 11: Comparison of the elastic modulus computed from estimation procedure and analytical solution.

Analytical solution

Estimation

(GPa) Loading Unloading
Em (GPa) err % Em (GPa) err %

. RT 142.0 154.7 8.9 154.0 8.5
NiO-YSZ

800 °C 112.0 105.3 6.0 104.1 7.0

RT 81.0 88.9 9.8 87.2 7.6

. 700 °C 67.0 73.1 9.1 72.2 7.8
Ni-YSZ

750 °C 65.0 71.0 9.2 70.2 8.1

800 °C 63.0 69.1 9.7 68.0 8.0

Therefore, inaccuracies in the four-point bending test measurements are partially compensated. As
expected, the error scales inversely in average with the elastic modulus. Variations may be due to

differences in the coefficient of friction.

Table 11 shows that for the tested Ni-YSZ samples, the error in first estimations provided by post-

processing based on the analytical solution remains limited.

2.2.4 Primary and secondary creep
2.2.4.1 Experimental data

The experimental dataset in the creep (CRP) case consists of the displacement measured at the inner
rollers over time during four-point bending test of the Ni-YSZ samples. It comprised testing at three
different temperatures to investigate the temperature dependence of the creep parameters. In each
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experiment at a determined temperature, four Ni-YSZ samples (one in each slot) were subjected to a
different mechanical load, i.e. 0.9, 1.04, 1.18 and 1.32 N.

For each series of experiments, sets of four samples having a relatively low variation in thickness (see
Table 12) were selected from the batch. The experimental procedure for the creep tests consisted in a
first heat-up from RT to the testing temperature at a rate of 100 °C/h and under reducing atmosphere
(N,:90% - H,:10%) with a flow rate of 2 I/min. During this stage, the mechanical loads are disabled, i.e.
the four samples are subjected only to gravity body force, which is assumed to cause a negligible
bending moment. After the end of the heat-up, the testing temperature (i.e. in this work 700, 750 or
800 °C) as well as the atmosphere is kept constant throughout the whole testing time. After a
stabilization time of 30 minutes, the mechanical load prescribed for each sample is applied.

In the three series of tests, creep deformation is measured over a total time t of 215 h. The deformation
of the samples measured at the inner rollers is plotted in Figure 25. A strong dependence of the creep
strain rate on temperature is already observed by comparing series of curves at the three different

testing temperatures, but same set of loads.

Table 12: Overview of the creep test conditions at the three testing temperatures.

Temperature Sample thickness (um) Initial max
Material Atmosphere Load (N)
(°C) Experiments  FEM model stress (MPa)
267 0.90 18.9
266 1.04 21.9
700 - 267
267 1.18 24.8
268 1.32 27.7
261 0.90 19.6
Reducing -
262 1.04 22.7
Ni-YSZ N, - H,: 750 S 262
263 1.18 25.7
90% - 10% -
262 1.32 28.8
278 0.90 17.4
278 1.04 20.2
800 - 278
279 1.18 22.9
278 1.32 25.6

It is here further worth mentioning that thicker samples were used for the experiment at 800 °C
compared those at 700 °C. Hence, if the samples had had the same thickness over all the experiments,

the dependence of the temperature on the creep strain rate would have been visually higher.
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Figure 25: Displacement at the inner rollers over time for the four mechanical loads, caused by creep at the three testing
temperatures (the initial elastic deformation caused by the application of the load on the sample is here not plotted).
Upwards and downwards triangle symbols depict respectively experimental data at 800 and 700 °C, whereas circle symbols

are for the test at 750 °C.

2.2.4.2 Specific workflow description

For the estimation of the creep properties by bending tests (CRP), each design of the sensitivity analysis
contains four models. The parameter varied is the constant applied force on the inner rollers. Four
discrete values are considered and correspond to the experiment, 0.90, 1.04, 1.18 and 1.32 N (see Table
12). For each design in the sensitivity analysis, the simulation with the 3-D FEM model therefore

comprised four runs each consisting of the following sequence:

1. The force in the experiments is applied on the inner rollers of each model. Only elastic
deformation is first allowed in the model during this first simulation step.

2. The force is then maintained constant and creep deformation is enabled in the model. The
sample deforms because of creep for a defined time duration, see time-deformation curves 0-1
(Load01), 0-2 (Load02), 0-3 (Load03), 0-4 (Load04) in Figure 26.

First tests showed that the agreement between the experimental and simulated response is better with

the strain-hardening version of power-law as the creep constitutive law:

. 3 m+ n-1-m
7 =25, AlGm + D] (020) (29)

A, n and m are first estimated for each testing temperature separately and their temperature
dependence then investigated, i.e. the parameters B and Q corresponding to the pre-exponential factor

and activation energy are determined.
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Figure 26: 4-point bending creep experiment with the 3-D FEM model.

The design variables in the sensitivity analysis are the three parameters of the strain-hardening creep
power law A, n and m as well as the elastic modulus Em, the friction coefficient between sample and
rollers p and the thickness of the sample h. In the optimisation step, the estimated parameters are A, n

and m, whereas the last three design variables are assigned constant values:

e The temperature-dependent values estimated in Paragraph 2.2.3 (ELF case, Ni-YSZ) are used for
Em and p (see Table 7).

e hs is assigned the mean (i.e. Sample thickness - FEM model, in Table 12) of the thickness
measurement for the corresponding series of four tested samples at a given temperature
(Sample thickness - Experiments, in Table 12). The reason is that for each run of the

optimisation step, the thickness is a constant.

Similarly to the ELF case, a global sensitivity analysis is first performed for the CRP case. All the creep
parameter estimations in this study are therefore based on the same metamodel. This approach is
selected to reduce the runtime of the sensitivity analysis, which is the most demanding. Because the
creep properties of the Ni-YSZ anode cermet are not known a priori, sampling is performed over a
highly conservative range to ensure that the optimization is not limited by the search space. However,
the drawback is that the generation of a F-MOP of sufficient accuracy over a larger range of design
variables typically requires a higher number of design evaluations. Therefore, the adequate ranges of
variation for each design variable are estimated based upon physical considerations for the Ni-YSZ case.
Creep in ceramic materials is expected to occur by vacancy diffusion, either along the grain boundaries
(i.e. Coble creep) or by bulk diffusion (i.e. Nabarro-Herring creep). The stress exponent for this creep
mechanism is typically slightly higher than unity [106]. In this study, a conservative range spanning from

0.5 to 2.5 is therefore used for the design variable n.
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The parameter m relates to the primary creep regime. For physical reasons, it assumes values between
-1 (high primary creep deformation) and 0 (no primary creep). However, numerical convergence with
the 3-D FEM model of the tested sample with values of m lower than -0.8 proved difficult for sets
where the values of A and n are relatively high. This numerical issue is attributed to the relatively high
creep strain rates occurring with such values. Therefore, the range for the design variable m is between
-0.8 and 0, to prevent unpopulated regions because of simulation failures in the workflow.

The parameter A is dependent upon temperature and topological, morphological and crystallographic
properties of the material microstructure. Generalized scaling laws are to our knowledge not available
for first-estimations. Therefore, the limits of the adequate range of values for the sensitivity analysis are
determined by comparison between the experimental results with a few runs with the FEM model of

the tested sample:

e FEM simulations were performed with n and m equal respectively to 2.5 and -0.8 (upper and
lower bounds imposed in the sensitivity analysis, respectively) and increasing values of A until
the simulated response is sufficiently close to the experimental curve with the lowest creep
strain among those used for the parameters estimation, i.e. the curve measured under a load of
0.90 N at 700 °C, see Figure 25. The value of A thus determined is then used as the lower bound
in the sensitivity analysis.

e Similarly, FEM simulations were performed with n and m equal respectively to 0.5 and 0 (lower
and upper bounds imposed in the sensitivity analysis, respectively) and decreasing values of A
until the simulated response is sufficiently close to the experimental curve with the highest
creep strain among those used for the parameters estimation, i.e. the curve measured under a
load of 1.32 N at 800 °C, see Figure 25. The value of A thus determined is then used as higher

bound in the sensitivity analysis.

Concerning the design variables Em, p and hs, the same ranges as for the ELF parameters estimation are

used.
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Figure 27: Extended correlation matrix of the sensitivity analysis of the workflow for parameters estimation in CRP mode.
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The sensitivity analysis for the CRP parameter estimation comprises more than 400 design evaluations.
Figure 27 shows the extended correlation matrix. Mild linear correlations are observed in this
configuration. This suggests that more than one signal may be required to obtain a unique solution,
which is in line with the expected behaviour. The sample distribution is less uniform for the design
variables A and n, in particular close to the upper bounds, (see the lower density on the right-hand side
of the probability density function for A and n). Therefore, the Anthill plot of A with respect to n
exhibits a blank region in the top-right hand- side, i.e. for values of A and n close to their upper bound.
This is due to simulation failures, because combined high values of A and n lead to higher creep strain
rates and thus complicate numerical convergence.

Each of the four series of signals Load01, Load02, Load03 and Load04 is used to generate the respective
F-MOP, i.e. F-MOP 42401, MOP 02402, MOP 02003 @and MOP ,.q404, S€€ Table 13. Each F-MOP contains as
many MOPs as the quantity of shape functions implemented by SoS for simulation by random fields.
Simulation by random fields of the series of signals of both Load01 and Load02 requires two distinct

shape functions. The following upfront words of caution are worth mentioning:

e the shape functions #1 used here in all four F-MOPs are not necessarily the same as for the ELF
case.
e shape functions with the same index but referring to distinct F-MOPs are not necessarily the

same, e.8. @1 1.0ad01 aNd P4 10aq02 May be different.

Table 13: F-MOPs and components of the random field simulations for the parameters estimation mode CRP.

Shape
Best MOP
F-MOP RF simulation (i design) functions est MO
. approach
implemented
. - ®1,L0ado1 MLS
Load01 Uroadot t Z1 1oado1P1,L0ado1 T 22, L0ad01P2,L0ado1 —
®2,L0ad01 Kriging
; ; $1,L0ado2 MLS
Load02 Hroadoz F 21 Loaao2P1,L0ad02 + 22,10aa029P2 Loado2 —
2, L0ad02 Kriging
Load03 Hroados t 21 10ad03P1,L0ad03 ®1,L0ad03 MLS
Load04 Hroadoa + Zi,Load04¢)1,Load04 ®1,L0ad0s MLS

Figure 28 depicts the CoP matrices of the four F-MOPs (F-MOP o401, F-MOP 2402, F-MOP 50403 and F-
MOP | a404). The first six columns provide the CoP values of each design variable, whereas the last
column shows CoProa. FOr F-MOP 4,401 and F-MOP o,402, two shape functions are required. Therefore,
the lower and upper line of the CoP matrices corresponds respectively to shape #1 and shape #2. The
CoProa Of the four F-MOPs with respect to shape #1 all reach 100%, which denote a MOP of high
quality. The quality is also very high for F-MOP,a401 and F-MOP .40, Using shape #2. For the four F-

MOPs with respect to shape #1, the creep parameters A and n are the most important factors
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influencing the response of the meta-model (about respectively to 55% and 43%). The importance of
the primary creep exponent is captured only by F-MOP .01 and F-MOP 4,40, computing the shape #2,
leading for both MOPs to a COP,,, of more than 93%. This means, that to estimate the parameter m (in
addition to A and n), the optimisation must comprise at least the F-MOPs Load01 and Load02. In this
work, the optimisation step uses all the four F-MOPs.

The design variables Em, p and hs have a limited effect on the response of all the four F-MOPs, since
their COP; are close to 0%. If they were part of the design variables to optimise, the optimisation task

would have discarded them. In this study, they are however set as constant values.

shape #1 shape #2
shape #1 shape #2

A n m E 1y hs Total A n m E [ hs Total

shape #1

Figure 28: COP matrices of the four F-MOPs of the workflow for parameters estimation in CRP mode.

In the CRP case, each design requires four model runs, to retrieve one signal. Discretisation of each
signal is carried out over 40 equidistant points on the abscissa, i.e. in this case the range of time t, from

0 to 215 h. The objective function for the CRP case is computed as follows:

4

40
) 2
2’7111‘% Z (YIte,i - YExp.i) l (30)
k

k=1 Li=1

which is very similar to Equation (28). The validation of the workflow for the CRP case consisted of the 8
tests listed in Table 14. Two distinct artificial experimental dataset were generated for test #1 to #4 and
#5 to #8, respectively.

Table 14: Overview of the tests for the numerical validation of the parameters estimation, CRP case.

Sensitivi Ivsi Test Start point of optimisation Set of parameters to estimate
ensitivity analysis esf g ; i ;
1 analy Alh'MPa"I|  n[d mi | emmral | wb | hspum [Amimeat|  nE m (]
#1 1.28E-07 0.55
-0.05
#2 4.80E-06 2.4
100 0.7 280 8.00E-07 1.5 -0.3
#3 1.28E-07 0.55
-0.78
a) Advanced Latin #4 4.80E-06 24
Hypercube Sampling
#5 1.28E-07 0.55
-0.05
#6 4.80E-06 2.4
200.0 0.1 220 2.00E-06 2.0 -0.7
#7 1.28E-07 0.55
-0.78
#8 4.80E-06 2.4
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Figure 29: Plot of the experimental (green, blue, orange and red markers) and simulated (black lines) displacement at the
inner rollers (black lines) over time for the four mechanical loads. Simulated curves are computed using the parameters

estimated by the workflow. Top, middle and bottom plot are referred respectively to testing at 800, 750 and 700 °C.
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Two sets of values for A, n, m, Em, i and hs within their range of allowed variation discussed previously
are implemented in the FEM model to simulate the responses CrpLoad01, CrpLoad02, CrpLoad03 and
CrpLoad04, and obtain the computed set of signals, i.e. Load01, Load02, Load03 and Load04, which
together form the artificial experimental data-set.

For each set of parameters to estimate, four optimisation tests with varying start point are performed,
as a first verification that the search of the optimal solution is not strongly affected by local minima. The
validation test for each study case is considered successful if the workflow retrieves with adequate
accuracy (3% error is estimated here acceptable) the set of predefined parameters values used in the
computer-generated experiments. This is the case for all the 8 cases in Table 14 and the workflow

therefore considered adequate for the study of the creep behaviour of Ni-YSZ.

2.2.4.3Estimated parameters

Figure 29 depicts the displacement at the inner rollers over time simulated by the FEM model and the
experimental data. The set of creep parameters estimated and used for the simulation of each series of
tests is included in Figure 29 for each temperature. The sample thickness is the same as listed in Table
12 (values for FEM model).

The stress exponents estimated from creep testing between 700 and 800 °C are close to unity and thus

suggest a diffusion mechanism.

Table 15: Creep parameters A, n and m of Ni-YSZ at 700, 750 and 800 °C obtained from estimation procedure.

Material Temperature A (h*MmPa™) n(-) m (-)
(°C)

700 2.58E-07 1.04 -0.719

Ni-YSZ 750 6.14E-07 1.15 -0.733

800 1.16E-06 1.33 -0.762

Assuming Arrhenius law, the creep pre-exponential factor B and the creep activation energy Q are
estimated from the measurement of the creep rate constants at 700, 750 and 800°C. B and Q are

further assumed constant over the tested range of temperatures, leading to Equation (31):

A=Be URT  In(A) = —gl+ In(B) (31)

RT
The logarithmic form yields a linear equation, i.e. y = ax + b, where the slope and interception point
provide the activation energy Q and the pre-exponential factor B. The Arrhenius plot is shown in Figure
30. The values of B and Q_estimated by linear fitting are respectively 2.75 h™*MPa™ and 130.7 kimol™.
Morales-Rodriguez et al. [112,113] investigated the steady-state creep properties of Ni-3YSZ (40 vol.%
Ni) anode cermet by compressive testing between 950 to 1250 °C, yielding n = 2.5, Q = 640 (kJ mol™)
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and B = 1.04E+20 (h™MPa™). These parameters were negligibly affected by the Ni content, it was

therefore inferred that the YSZ phase controlled the creep deformation of the cermet.
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Figure 30: Arrhenius plot of the natural logarithm of the estimated creep rate constant A from the experiments at 700, 750

and 800 °C. The values of B and Q reported on the plot are obtained from the linear fitting.

This also justified the observed decrease of the stress exponent upon temperature increase, because
the stress exponent of the Ni phase (n=4.7) is higher than that of the YSZ and the contribution of the Ni
phase to the apparent creep strain of the cermet is expected lower at higher temperatures. Due to the
significantly higher testing temperature, comparison with the results obtained in this work is not fully
representative, because of the dependence upon temperature of both stress exponent and creep
activation energy [15]. The steady-state creep of Ni-8YSZ (56 wt.% NiO) anode cermet was studied by
four point bending and analytical solutions in ref. [106]. The porosity of the tested samples was ~43%,
which is higher than that of the samples tested in the present work, i.e. ~29%. If the same strain rate is
applied to two identical phases differing in porosity, the effective stress remains the same, but local
higher stresses can be expected in the material with a higher porosity. The increase of the value of
creep stress exponent upon increase of strain rate (and thus of generated stress) is reported [114]. This
may partially explain the higher stress exponent in Ref. [106], i.e. n=1.7 at 800 °C, compared to the value
estimated in this work, at least for the testing temperature of 800 °C. Both Ref. [106] and this work
observe an increase of the stress exponent upon temperature increase: in both studies, n increases
respectively by 0.6 and 0.18 over a temperature increase from 750 to 800 °C.This trend, opposite to
that reported by Morales-Rodriguez et al. [112,113], requires further investigations.

To our knowledge, data on the primary creep exponent of Ni-YSZ is very limited. For 8YSZ, the primary
creep exponent is around -0.67 [115] and is constant over the range of testing temperature, i.e.

between 600 and 1000 °C. The primary creep exponent values obtained in this work are slightly higher,
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supposedly because of i) different material microstructure than that in Ref. [115] and ii) a contribution
of the Ni phase on the apparent primary creep strain.
The measured creep activation energy of 130 kimol™ is fairly close to that reported in Ref. [106] (i.e. 115
kimol™). The reason is that at temperatures lower than ~1100 °C, the favoured mass transport
mechanism in polycrystalline YSZ is diffusion along the grain boundaries (i.e. Coble creep), whereas at
higher temperatures the dominant mechanism is bulk diffusion (i.e. Nabarro-Herring creep). The
dependence of the activation energy upon the creep mechanism is confirmed by several studies:
between 800 and 1100 °C, it varies between 104 and 190 kimol™ for 8YSZ [116,117], and between 114
and 134 kJ mol™ for 7YSZ [118,119], whereas it increases up to 440-460 kimol™ (for 8YSz) for higher
temperatures, i.e. in the range of 1100-1300 °C [120,121]. The creep strain rate in ceramics is
determined by the diffusion of the slowest species, Zr** cations in YSZ [106,116].
Due to mostly the different microstructure, the creep pre-exponential constant estimated in this study,
i.e. 2.75 h™MPa™, is higher than that of Ref. [106], which is equal to 0.037 h™MPa™. The creep pre-
exponential constant expressed as function of the grain size is:

B’

== (32)

B

where B’ is a material parameter independent of the grain size, d is the grain size and g the grain size
parameter. In Coble and Nabarro-Herring creep mechanisms, g is equal to 3 and 2, respectively.
Assuming that in both this work and in the measurements in Ref. [106] Coble creep is the dominant
mechanism (i.e. g=3) and that the values of B’ are similar, the YSZ grain size of the Ni-YSZ tested in this
work is approximately four times lower than the one in Ref. [106]. The trend corresponds to that of the
mean of the YSZ phase size distribution (approximately 1.1 and 0.37 um, i.e. ratio of 3), but requires

confirmation by a direct measurement of the grain size.

2.2.4.4 Comparison with analytical solution

The three sets of experimental data at the three testing temperatures, i.e. displacement at the inner
rollers over time over four mechanical loads, are also used to estimate the creep parameters A and n by
analytical solutions reported in the literature and based on the linear beam theory [105,106], for
comparison with the metamodel-based parameter estimation. The approach consists in interpolating
the displacement rate at the inner rollers upon the steady-state deflection regime over the set of

mechanical loads by the following equation:

n(v.e) = nl WA (-a'[P-a® L-a(n@-1)
n(yIR)_nn(P)+n{(2[CTp)n( 2 ) [ g ' 2 (4(714'2))]} .

This logarithmic form yields a linear equation, i.e. y = ax + b, where the slope provides the stress

exponent n. The moment of inertia with the contribution of creep is calculated as:
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2n+1
JCTP = Zwn (E) " (34)
1+2n

2

The creep constant A is then calculated from the interception point of the fitting equation.

By visual examination of the plots in Figure 25, the start of steady-state creep rate is estimated after
180 h. The analytical solution is therefore applied for the range of displacements at the inner rollers

between 180 h and end time of testing (i.e. 216 h).

Table 16: Displacement rates at the inner rollers obtained from linear fitting of the experimental data (see Figure 25).

Temperature Sample Displacement rate inner
Load, P (N) . 4
(°C) thickness, h (um) rollers, yig (mm/h) x10
0.90 1.50
1.04 1.70
700 267
1.18 1.92
1.32 2.09
0.90 3.87
1.04 4.36
750 262
1.18 4.98
1.32 5.57
0.90 7.90
1.04 9.14
800 278
1.18 10.63
1.32 11.84

The displacement rates at the inner rollers, y;g, obtained from the linear fitting of the displacement at
the inner rollers after 180 h, are listed in Table 16. By linear fitting with Equation 33 of the four
displacement rates at the inner rollers for each testing temperature, the parameters A and n are
calculated. They are listed in Table 17 (the values obtained from the estimation procedure are reported

for comparison).

Table 17: Creep parameters A and n obtained from the estimation procedure and from the analytical solution.

Temperature A (h*MPa™) n(-)
(°C) Estimation Analytical Estimation Analytical
700 2.58E-07 6.82E-09 1.04 0.88
750 6.14E-07 1.43E-08 1.15 0.96
800 1.16E-06 2.54E-08 1.33 1.07

For the material, sample dimensions and testing conditions investigated here, the analytical solution
underestimates both the stress exponent n and the creep constant A by about 18% and by two orders
of magnitude, respectively. These deviations are attributed to the limitations of the analytical solution

and to the use of the simple beam theory.
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2.3 Strength of NiO/Ni-YSZ anode cermet

The effects of material flaws is typically reduced because of plasticity in metals and polymers [80]. For
such materials, the scatter in the measured strength is usually limited, indicating that there exists at a
first appraisal a load level (and thus a stress state) above which mechanical failure by cracking always
occurs. Hence, deterministic approaches are applicable for practical failure analysis of structures made
of such types of materials [122]. Plastic deformation in ceramic materials is in most cases negligible and
therefore the size and spatial distribution of geometrical flaws and material defects can lead to a
significant scatter of the failure load measured on components made of a same ceramic material. The
strength in ceramics is therefore not an intrinsic material property, because it depends on the quality of
the component, therefore on the manufacturing parameters, among others. For this reason, statistic
approaches instead of deterministic were proposed to estimate the mechanical reliability of ceramics. A
summary of standard concepts is provided hereafter.

The most common statistical approach for analysing the failure probability of ceramics is based on the
Weibull distribution. The concept originates from the “weakest-link” model, which approximates the
component as an in-series assembly of links, with the weakest one governing the apparent strength.
The derivation yields an expression containing the probability of a volume failing at a given stress, for
which Weibull proposed a simple parametric solution. Inserting into the weakest-link expression yields
the probability that a component fails as (without lowest threshold):

Pi(o) =1—exp [— (Gmax)m] (35)

)

where o, is the value of the characteristic strength (value corresponding to a failure probability of
63.2%), Omay is the stress at which failure occurs, and m is known as the Weibull modulus, a reciprocal
indicator of the scatter in the sample strength measurements. The rationale behind the choice of
Weibull parameters is not based on physical considerations, but they intuitively express the effects of
the size and spatial distribution of the defect population.

Standard Weibull analyses are typically based on the principle of independent actions. It postulates that
the components of the principal stress contribute to crack propagation independently in each
corresponding principal direction. However, it cannot be rigorously excluded that a combination of
principal stresses in multiaxial stress states contribute together to crack propagation. For this reason,
and as observed experimentally [96], Weibull statistics is not necessarily a conservative approach to
estimate the failure probability of components. The limitation of this approach is thus the prediction of
failure in components with multiaxial stress states. Extensions of the approaches are available, such as
the Batdorf theory [123], which is however less extensively used, because despite the increase in the
complexity of the mathematical treatment requiring numerical analysis, limitations remain.

Equation (35) is limited to the calculation of the probability of failure of identical components and made

of the same material, subjected to different stresses. Because the Weibull approach aims at including
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the effects of defect distribution, the failure load of ceramics is expected dependent upon the size of

the component, since the probability that large flaws or inclusions are present scales with the volume

—@j o™ dVl =1-—exp [—%(%)m] (36)

14

of material subjected to stress:

Pi(o,V)=1—exp

The stress ¢ is the subset in tension, because in ceramics the strength measured in compression is
about three times higher than that in tension. The reason is that failure in tension is caused by crack
propagation in the direction perpendicular to that of tensile stress, whereas in compression the sample
failure often comes from the friction between setup and sample, i.e. the compression stress in the
sample generates transversal stress in tension (i.e. along the compressive force direction) which are
much lower than the compressive stress. Hence, failure of ceramics under compression occurs for
significantly higher compressive stresses.

The knowledge of the effective volume is also needed for the application of the Weibull approach to
structures. In the case of mechanical testing different from uniaxial tension, it accounts for the fact that
i) only a part of the tested volume is under tensile stresses and ii) the tensile stress is not uniform.
Depending upon the nature of the defect, a surface-based equivalent version of Equation (35) is

sometimes used.

2.3.1 Experimental data processing

In the mechanical tests carried out in this study, the standard approach to estimate the Weibull
parameters consisted in fracture testing of a batch of samples. Standards for the calculation of the two
Weibull parameters are described in ASTM C1239-13. Post-processing is typically based on the
linearized form of Equation (35), leading to Equation (37), which neglects the volume correction. It
applies if the spatial and size distribution of flaws as well as the geometry of the domain subjected to
stress are similar in each sample. Hence, the samples must be produced with the same manufacturing

process.

In <1n ) =m lnM (37)

1-F 0y
To apply this linearized form, the values of stress at which failure occurred are ranked in ascending
order. Respecting the same order, the cumulative population failure Py ; is assigned to each sample
[122]:
p = L1703
TET N +04
where N is the total set of measurements. The Weibull modulus m and the characteristic strength o

(38)

are then calculated from the slope and interception point of the regression line fitting the data from
Equation (37). In four-point bending, the effective volume V, corresponds to the volume of an

equivalent sample tested in uniaxial tension and subjected to a uniform equivalent stress g;eys, With
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the same probability of failure as the tested sample and undergoing a maximum stress at the fracture

point equal to 0,4y = Otens-

1
Vo = —f oc™dv
0 (Umax)m (39)
v
In four point bending, the reference volume is computed as [100]:
whL(2 + m
Vo = (—) (40)

® 7 4(m2+2m+1)

Assuming that the sample dimensions are constant, a decrease of m corresponds to an increase in the
reference volume, because if the distribution of the heterogeneous flaws is larger (i.e. if m is lower), the
equivalent volume tested in uniform tensile stress is higher.

The Weibull analysis can be applied also on the stress state computed from numerical simulations of
the FEM model of the sample (see Paragraph 2.1.1) rather than by analytical solution. In this way, the
accuracy of the obtained Weibull parameters is increased. The cost in terms of efforts is higher but not
expected critical because a numerical simulation is required for each tested sample. Such a procedure
would consist in a routine which modifies the FEM model for each tested sample: i) the thickness of the
sample is the same as in the test and ii) the displacement at the inner roller is the same to that
obtained from the testing setup at the point where the sample failed. The first principal stresses
computed by FEM simulation of each sample are post-processed. The failure probability of a

component under multiaxial stress state is defined as:

(01)™ + (02)™ + (03)™
P, =1- - 41
(o) = 1~ exp [ G (41)
Afterwards, the reference volume is computed from the output of the numerical simulation as:
g \™ g, \™ gz \™
o= () ) + ) v )
Vv amax Jmax Umax

where 0,4, cOrresponds to the maximum simulated stress in the sample, i.e. the maximum value of

the first principal stress.

2.3.2 Experimental

Batches of the NiO-YSZ, Ni-YSZ and YSZ scaffold (referred to as (Ni)-YSZ) samples described in Paragraph
2.2.1 were used for the strength measurements. Before testing, the laser-cut edges of the samples
were polished by P1200 sandpaper, to minimise the effects of edge defects. The testing consisted in the
four-point bending of the samples at a constant displacement rate at the inner rollers (0.3 mm/s). For
high temperature testing, this displacement rate was assumed sufficiently high for negligible stress
relaxation by creep upon sample bending. The effect of creep is i) the increase of the plastic zone at the
flaws tips, hence higher external work (i.e. higher sample deformation until failure) is needed to break
the sample and ii) the reaction force measured by the setup is lowered. From the practical standpoint

of macro-scale deformation, if the post-processing of the experimental data is based on the sample
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deflection at failure (i.e. the procedure described in the previous section for the FEM model-based post-
processing), creep is expected to result in an overestimation of the apparent strength, whereas if the
post-processing uses the value of force at failure (i.e. with the analytical solution), the apparent
strength is underestimated.

The reaction force of the load cells was recorded at a frequency of 100 Hz. The value of force at the
point where the sample failed RFy,;; (detected visually) was then used to calculate the maximum stress
at failure by the analytical solution of force-maximum stress derived from the linear beam theory:

(L — @)RFs gy
Omax = 15Tm

(43)
For h, the averaged value of 261 um was used. L and a were equal to 50 and 25 mm, respectively.

Since the Weibull approach is based on the statistical distribution of flaws in the material, the
uncertainty on the parameters g, and m depends upon the number of samples tested. Figure 31
illustrates how the errors on these two parameters vary as a function of the number of tested samples,
reproduced from ASTM C1239-13. The accuracy on the Weibull modulus is much lower than on the
characteristic strength. It can be deduced that the testing of a small batch of samples (e.g. <30) would
lead to significant errors on the obtained Weibull statistics parameters. This is a practical difficulty in
the application of the Weibull theory, since the testing of large batches of samples using conventional

mechanical test setups is time consuming and guarantying identical conditions throughout the

measurement campaign is challenging.
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Figure 31: Plot of the error on the characteristic strength (red, green and blue lines, for different Weibull moduli) and on the
Weibull modulus (black line) as a function of the number of tested samples. The curves are generated using the 90%

confidence interval.
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The aim of the present analysis is however not to provide exact values of the probability for design
guaranteeing a target probability of survival, but to understand the risks of failure in a stack by
comparative analysis (Chapter 3.4).

The SEP setup fabricated at GEM (see Paragraph 2.1.2) is designed to test up to 30 samples in one heat
up stage. This quantity was determined based upon practical considerations including expected target
properties of the materials to be tested, space constraints in the laboratory and required accuracy for
qualitative comparative analyses. In this work, for each experimental condition a batch of 50 samples
was tested. Since the capability of the SEP setup is of 30 samples, two heat-ups with 25 samples each
were performed. The testing temperatures were RT and 800 °C, whereas the testing atmospheres were
air for the testing of NiO-YSZ and (Ni)-YSZ samples, and reducing for Ni-YSZ samples (forming gas 9% H,
-91% N,).

2.3.3 Results and discussion

Figure 32 shows Weibull plots from the four-bending measurements of NiO-YSZ, Ni-YSZ and (Ni)-YSZ
both at RT and 800 °C. Table 18 summarises the measured Weibull parameters, together with the
confidence interval and sample batch size. The Weibull statistic parameters g, and m are calculated
using the procedure based on the analytical solution of linear beam bending, see Paragraph 2.1.1. The
range of error does not account for the effects of imprecisions in the elastic properties or simplified
post-processing using analytical solutions (see Paragraph 2.1.1). The probability of failure computed
using the measured properties are shown in Figure 32 as a guide for the eye. The measurements seem
to follow a Weibull distribution, but stronger deviation is observed for NiO-YSZ at room temperature.
The typical strains at failure are low as expected, for NiO-YSZ at RT and 800 °C about 0.3% and 0.25%
and they fall within similar range for Ni-YSZ, i.e., 0.47% at RT and 0.25% at 800 °C. This suggests that the
amount of plastic deformation is limited at high temperature for the tested Ni-YSZ material. The
Weibull moduli of all the tested materials are overall low. A value of 10 is usually considered a
threshold for technological materials, but the primary function of the Ni(O)-YSZ is not of mechanical
nature.

The characteristic strength and Weibull modulus of NiO-YSZ are respectively 449.7 MPa and 8.5 at RT,
whereas at 800 °C they decreased by about 37% and 46%, which is larger than the decrease in the
elastic modulus of 21% measured in Figure 32. Opposite dependence upon temperature is observed for
the characteristic strength and Weibull modulus for Ni-YSZ. A temperature increase from RT to 800 °C
decreased (increased) the characteristic strength (Weibull modulus) by about 60% (35%). For
comparison, the measured decrease of the elastic modulus is of about 21 %, similar than that of NiO-
YSZ (Figure 32).

83



o
3
T

e
o
T

NiO-YSZ, RT

© (0,7449.7 MPa, m=8.48) |
NiO-YSZ, 800°C
(0,=284.9 MPa, m=4.60)
Ni-YSZ, RT

© (9,-380.9 MPa, m=11.53) | |

, Ni-Ysz, goo°c
(0,=157.7 MPa, m=7.35)
(Ni)-¥SZ, RT

© (0,283.6 MPa, m=7.71)

(Ni)-YSZ, 800°C B

(UD=40.4 MPa, m=6.23)
|

500 600

Probability of failure, Pf [
o o
B [3,]
T T

e
w
T

e
]
T

Maximum stress at failure, T ax [MPa]

Figure 32: Measured strength of NiO-YSZ (green), Ni-YSZ (grey) and (Ni)-YSZ (orange) at RT (circles) and 800 °C (triangles).

The Weibull failure probabilities calculated with the estimated parameters are plotted for reference in continuous lines.

Table 18: Weibull statistics parameters estimated from the RT and 800 °C testing.

Characteristic . Reference
. Weibull
Material Temperature Samples strength g, modulus m (-) volume V,
(MPa) (mm’)

Upper and lower bounds: 90% confidence interval

The strength of the zirconia scaffold obtained from the dissolution of the Ni phase of Ni-YSZ samples is
considerably lower than that of the corresponding Ni-YSZ samples at the same testing conditions. At RT
and 800 °C, it is lower by about 78% and 75%, respectively. The temperature dependence is the same
for the characteristic strength and Weibull parameter, which decrease by about 52% and 19%. The
inspection of the confidence intervals indicates that the changes are overall significant, with the

exception of that of the Weibull modulus of the YSZ scaffold.
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Ni(O)-YSZ is a porous heterogeneous material designed to provide a variety of functions, such as gas
and ion and electron solid-phase transport to a high density of electro-catalytic sites. Material features
spanning across varying length scales that are relevant to the primary purpose of the electrode material
can therefore represent material flaws from a mechanical standpoint. The size of the critical defects can
be estimated assuming that the crack propagates only in mode I, from the estimated fracture

toughness K;. and the stress at failure 0,4 as:

a == )2 (44)

T Jmax

For K, in the range of 1-2 m**MPa [124] for NiO-YSZ and a characteristic strength of 450 MPa, the
estimate of the critical flaw size ranges from approximately 3 to 10 um. Direct application of the
estimate is not expected to break down for highly porous materials. Indeed, using K;. of YSZ equal to 1
to 1.80 m®>MPa [125], the flaw length for a stress of 83.6 MPa (e.g. characteristic strength of (Ni)-YSZ2)
yields 90 um to 0.3 mm. Correction based on the volume fraction of YSZ measured by 3-D electron
microscopy yields smaller values of 16-52 um. For the Ni-YSZ, the estimate is in the range of 2-8 um.
Critical crack sizes computed for Ni-YSZ and NiO-YSZ using volume fraction correction and the highest
fracture stress for each batch yields a flaw size of 1.5-2 um. For comparison, the phase size distribution
measured by ray-tracing on volume samples obtained by 3-D focused-ion beam — scanning electron
microscopy (FIB-SEM) serial sectioning extends up to approximately 2.5-3 um, but the median and
modal values in pristine state are all smaller than 1 um. Care is therefore required when drawing
conclusions. The results suggest that the strength of the tested material is primarily limited by defects
from production that are still slightly larger than the features that provide to Ni-YSZ its electrochemical
activity. This is further supported by the relatively low Weibull modulus, but not directly by the
variation upon temperature. The difference between the estimate and the measured size distribution is
less than one order of magnitude, which is low, owing to the uncertainty on the fracture toughness and
stress distribution in a reticulate structure, among others. The analysis suggests that the factors that
control the strength of the tested material cannot be investigated in the views of defects in a
continuum, but that the stress state in the different phases plays a role. The comparison between the
difference in strength and elastic properties at high and room temperature further support this first

conclusion, except for the YSZ scaffold ((Ni)-YSZ).

Table 19:Thermo-elastic and strength properties of NiO and YSZ.

Em (GPa) Strength (MPa) CTE (800 to RT) (K™)
. RT 277 40
NiO 300 200 30 13.5e-6
RT 205 400
Y52 300 163 165 12.2e-6
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Care is however required in the application of Weibull theory in the case the defect size is similar to
that of the phase size distribution, i.e. distribution close to uniform. Table 19 lists the material
properties of the phases in NiO-YSZ to support the discussion hereafter. Residual stress builds-up in the
Ni(O)-YSZ upon manufacturing. Both NiO and YSZ phases are stress-free at the sintering temperature of
about 1400 °C in this work. During the cool down to RT, the mismatch of CTE between these two phases
(13.5E-06 and 12.2E-06 between 800 °C and RT, for NiO and YSZ respectively) generates residual
stresses in both phases. An offset in apparent zero-stress temperature is expected because of
significant creep relaxation upon cool-down. Hence, the stress-free temperature depends on the
highest creep strain rate among the phases. At 800 °C, these residual stresses are still present in both
phases but their magnitude is less. In all cases, the higher thermal shrinkage of the NiO is constrained
by the YSZ. As a result, on average, the NiO withstands tensile stress whereas the YSZ is in compression.
A calculation assuming linear elasticity indicates that the expected magnitude of the stress is in the
range of 182 MPa, neglecting microstructural effects. The fracture of NiO-YSZ anode occurs because of
that of both the YSZ and NiO phases, which are ductile at room temperature. Indeed, NiO fails by brittle
failure until 300 °C, ductile failure above 500 °C [111]. At high temperature, the NiO yield strength is in
the range of 25 MPa, the fracture strength 30 MPa and the elongation rupture larger than 25%. The
difference in the characteristic strength of 37% between RT and 800°C that exceed the change in elastic
modulus is therefore the results of a decrease of the strength and of the compressive stress in YSZ with
temperature. The failure is expected to initiate in the NiO phase at room temperature. Clear conclusion
cannot be provided at 800°C, because of the NiO plasticity, which should partially balance the more
detrimental situation in the YSZ. The ductility of NiO at high temperature is expected to increase the
apparent strength of Ni-YSZ, because of the hardening effect before failure, even though the strength
of both phases decreases with temperature. This analysis does not account for microstructural effects.
The median neck size of Ni and YSZ and pore were measured by 3-D imaging, but not that of NiO.
However, since the median neck size of YSZ and Ni are similar, that of NiO is expected only slightly
larger than YSZ. The significant decrease in temperature of the Weibull modulus may be explained in
the case the phase where the failure is initiated changes from NiO to YSZ, from the perspective of
defects of a size similar to the phase size distributions, but not necessarily in the case of larger isolated
defects.

Macro-scale fracture of Ni-YSZ anode also requires the cracking of both YSZ and the Ni phases. The YSZ
fails by brittle failure, whereas Ni is expected to fail in the plastic regime over the whole investigated
temperature range. The comparison of the strength measurements between Ni-YSZ and (Ni)-YSZ (the
YSZ scaffold) provides several informations. The characteristic strength of Ni-YSZ is higher than that of
the YSZ scaffold (by about 78%) and the Weibull modulus follows similar trends. There is therefore a
clear beneficial effect of the Ni phase. The expected beneficial effects are residual stress in the brittle

YSZ phase and increased resistance to crack propagation because of plasticity. From the latter
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standpoint, the Weibull modulus of Ni-YSZ is also higher than that of NiO-YSZ. The CTEs of Ni and YSZ
between RT and 800°C are respectively 16.2e-6 and 12.2e-6. Assuming a stress-free temperature
around the reduction temperature and an elastic modulus of 200 GPa for both phases, the magnitude
of the stress is expected in the range of 320 MPa. The compressive stresses in YSZ are beneficial and a
calculation without considering microstructural effects and creep relaxation suggests that plastic
deformation already occurs in Ni. The yield strength of Ni is about 150 MPa at room temperature, and
rupture occurs at 430 MPa. In a simplified view, the Ni phase is expected to start failing for an applied
stress of 110 MPa. For a corresponding increase in stress in the YSZ initially in compression, failure does
not occur, but the failure of the Ni is expected to alter the residual compressive stress in the YSZ. The
failure of Ni however occurs at high elongation, up to 40%, a behaviour that is difficult to integrate in
the present reasoning. The strength of the YSZ phase should be around 90 GPa to withstand such
elongation.

The results suggest that the dependence upon temperature of the Weibull modulus, and the higher
value compared to that of (Ni)-YSZ is partly due to the compressive residual stress in YSZ. Even if Ni is in
traction, the effect of flaws on stress concentration can be alleviated by plasticity. The Weibull modulus
is therefore highest at room temperature and higher than that of (Ni)-YSZ. At 800°C, the compressive
stress is released (in contrast to NiO-YSZ) and only the beneficial effect of Ni plastic deformation
remains. This may explain why the difference between the apparent strength at room and high
temperature is the highest for Ni-YSZ, among all the three tested materials. The offset between the Ni-
YSZ and (Ni)-YSZ curves in Figure 32 indicates that Ni plasticity still improves the strength at high
temperature, i.e. both the characteristic strength and the Weibull modulus. The effects of changes in
flaw geometry because of a lower porosity are likely less for such a fine heterogeneous microstructure.
The dependence upon temperature for (Ni)-YSZ is however unexpected. It does not follow most of the
published work on either dense 3YSZ or 8YSZ, which report usually an increase, because creep can to
some extent lower the stress at the crack tip generated because of the flaws. A comprehensive analysis

of the (Ni)-YSZ dataset therefore requires further analyses to explain the reasons for the discrepancy.
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2.4 Computational homogenisation

The purpose of computational homogenisation is the measurement of effective properties based on the
concept that the macroscopic material properties are related to the volume average of the microscopic
fields. For the computation of effective mechanical properties, modelling a domain of material of
sufficient size and with adequate spatial resolution to be representative is performed and the
relationship between the volume-averaged values of simulated strains and stresses and macro-scale
counterpart used to obtain a measure of the effective mechanical response of the heterogeneous
material in a macroscopic sense [126].

Computational homogenization based on 3-D imaging is complementary to mechanical testing
methods, such as presented in Chapter 2.1. The microstructural metric and topological parameters of
the material of the samples for the mechanical testing must be as similar as possible as those of the real
components, ideally identical. This requires production using the same manufacturing route, because
modifications of the process parameters to e.g. increase the thickness of the deposited layer may lead
to changes in the material microstructure. This is a practical difficulty for characterisation as a key
factor for the performances of the SOFC systems is the thickness of the SRU components: cell
electrodes and interconnects with reduced thickness have a lower ohmic resistance because of the
shorter current transport path, as long as sufficient in-plane conductivity is maintained. Similarly,
electrolytes with reduced thickness have a lower ionic resistance thanks to the shorter ionic transport
path. Besides, the reduction of the thickness of the SOFC stack components is also dictated by market
requirements, since thinner layers reduce the usage of raw material and lower ohmic and ionic
resistances help reducing the operating temperature of SOFC stacks, enabling the use of cheaper steels
for the metallic interconnects and balance-of-plant (BoP) components, among others.

Conventional macro-scale mechanical testing of ceramic and cermet materials used in SOFCs does not
inform alone about the relationships between the material’s microstructure and mechanical properties.
Moreover, there are practical difficulties when macro-scale mechanical testing is used on relatively thin
samples, because i) the brittleness of ceramic materials complicates the handling of the samples ii) the
dimensional and geometrical tolerances can hardly be scaled down with the reduction of the thickness
of the deposited layer, leading to higher uncertainties in the quantification of the thermo-mechanical
properties.

SOFC stacks comprise several components made of heterogeneous materials. For example, the
common anode material is a three-phase material containing metallic, ceramic and pore phase. Further,
GDLs are often domains comprising a metallic and a pore phase. The characteristic length of the
geometrical features relevant for understanding the mechanical behaviour therefore ranges
approximately from 100 nm (e.g. mean phase diameter of the electrode material phases) to a few mm
(e.g. typical GDL channel size). Modelling with such varying level of detail is demanding in terms of

computational requirements. A practical workaround is the use of effective (volume-averaged)
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properties. In the case samples of the material of adequate size can be produced, direct measurement
of the properties by mechanical testing is preferable. Alternatively, computational homogenisation
enables the estimation of the mechanical properties at the continuum macro-scale by solving a
boundary values problem at the micro-scale, using as computational domain either the computer-aided
design (CAD) geometry for stack sub-assemblies or 3-D imaging for complex heterogeneous materials.
Computational homogenization requires attention to two main requirements on the size and level of
details of the computational domain. A definition of a representative volume element (RVE) is provided
by Kanit et al. [127] as “a volume V of heterogeneous material that is sufficiently large to be statistically
representative of the composite, i.e., to effectively include a sampling of all microstructural
heterogeneities that occur in the composite. This is generally the principle adopted, and it leads to the
fact that the RVE must include a large number of the composite micro-heterogeneities (grains,
inclusions, voids, fibres, etc.)”. However, the fulfilling of the two requirements is limited by the available
computing resources. Further, the two requirements are in a simple sense opposite requirements.
Computational homogenisation has already been used for investigating the mechanical properties of
SOFC materials or artificial reconstruction equivalent. For instance, Johnson and Qu [128] determined
the elastic modulus and CTE of the Ni-YSZ anode cermet at RT. The domain was an artificial
microstructure made of Ni, YSZ and pore, generated by a three-dimensional reconstruction method.
The size of RVE and voxels affects relevantly the elastic properties (the value of elastic modulus
converges for small voxel sizes and large RVEs). Delette et al. [129] reconstructed a Ni-YSZ functional
layer and LSCF cathode microstructure respectively by X-ray holotomography and FIB-SEM serial
sectioning. The two modelled microstructures were simulated by FEM to determine the elastic
properties and CTE of the materials at RT. Recommendations were provided in terms of discretization
refinements and size of the RVE. Conventional mechanical testing of these two layers is typically
difficult, since they are thin and brittle, which illustrates the relevance of the method.

Two homogenization studies were performed in this study. Paragraph 2.4.1 presents the application of
standard elastic homogenization for computing the thermo-elastic properties of Ni-YSZ. In Paragraph

2.4.2, the elastic and creep behaviour of single-solid phase gas diffusion layers is investigated.

2.4.1 Thermo-elastic properties of NiO/Ni-YSZ

In this study, the Hill-Mandel [130] method for the homogenization of the thermo-elastic properties has
been implemented. Grid and volume independence studies have been performed to estimate the
required spatial resolution and volume for the accurate measurement of the thermo-elastic properties
of the studied Ni-YSZ electrode. The computed thermo-elastic properties then have been compared to
dilatometry and four-point bending measurements of the pristine anode. Once validated, the effects of
short-stack operation on the mechanical properties were analysed for comparison with the improved

accuracy provided by the meta-model parameter estimation (Paragraph 2.2.3).
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2.4.1.1 3-D imaging and characterization

Imaging was performed on Ni-YSZ anode samples similar to those described in Paragraph 2.2.1. A
reduced cell was kept un-operated to measure the properties in the pristine state, while other cells
were operated in a 6-cell short stack for 4700 h fed with air and dry H,. Testing was performed at a
current density of 0.4 A cm?” and a furnace temperature of 780°C. Both pristine and aged cells were
fractured to expose the interface between the anode and the YSZ electrolyte and impregnated. The
samples were polished first mechanically, then by ion-milling for preliminary 2-D SEM observations. The
region close to the interface with the electrolyte was then imaged by FIB-SEM serial sectioning. Before
the acquisition, fiducial marks were milled to adjust the position of the FIB beam and maintain the
thickness variation of the slices below the nanometer level. The acceleration voltage was of 1.7 kV and
data from both the energy selective backscatter (ESB) and in-lens secondary electron detector were
recorded. The pixel size and slice thickness were respectively of 10 nm and 15 nm for the aged sample,
and set equal to 7 nm for the pristine cell. The sections were aligned with a Fiji [131] script using the
marks, which consisted of groves orthogonal to the imaged plane. The reconstruction of the aged stack
was resampled at an isometric voxel size of 10 nm.

The imaging data consist of two 3-D reconstructions of 17x18x10 pum? for the pristine cell and of
21x13x19 pm? for the aged cell. A bilateral filter was applied before combining the data from the ESB
and in-lens detector to remove artefacts caused by imperfect impregnation. The segmentation of the
data, which consists in assigning to each voxel belonging to a same material phase the same label, has
been performed using Matlab routines with calls to Avizo [132] for image gradient and watershed
transform computations.

The volume fractions, the contiguity, and the total and connected triple-phase boundary length are
computed using standard methods implemented in Matlab [133]. The phase size distributions are
measured based upon the concept of the phase volume that can be filled with overlapping mono-sized
spheres, as described in e.g. [134]. The Matlab code reproduces the process of filling a phase with
spheres of decreasing radii by repeatedly thresholding the phase distance map and then dilating for
corresponding values of the distance map. The neck size distribution is determined on a discrete
representation of the heterogeneous material provided by skeletonization of the phase volume
followed by partitioning into transport channels [135],[135]. The cross-sections are measured at each
skeleton point. The smallest cross-sectional area in each channel is recorded and the corresponding size
of the neck is set as the radius of a circular section of the same area.

The two segmented stacks were re-sampled at a same voxel size of 15 nm. The volume fractions,
contiguity, phase size distributions and total and effective triple-phase boundary length measured
before and after resampling did not differ significantly.

For the grid independence study two volume samples were prepared. They were cubes of 2.25 pm? and

6.75 um’ extracted from the reconstruction of the pristine and aged cell, respectively. The volume was
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resampled at 11 and 7 voxel sizes ranging from 20 nm to 200 nm and 50 to 200 nm, respectively for the
first and second volume. Ten volume samples have been generated for the volume independence study
by expanding a core of 2.25 pm? in the aged cell to differing sizes, up to 8.25 um?, with a constant voxel

size of 75 nm.

2.4.1.2 Homogenization

Computational homogenization enables the determination of properties at the continuum macro-scale
by solving a boundary value problem at the micro-scale on a representative volume element. The
macroscopic homogeneous strain and stress tensor are the volume average of their microscopic
counterparts, and the problem complies with the Hill lemma, an additional equation that expresses
volume averaging of the virtual work. The deformations simulated by the boundary values problem
must not be inelastic. The convergence behaviour as a function of the domain size varies depending
upon the applied boundary conditions. Static and kinematic uniform boundary conditions respectively
underestimate and overestimate the apparent elastic modulus of the composite for sizes smaller than
the RVE, but asymptotic convergence is obtained in all cases to the same limit for ever increasing sizes.
They can therefore be practically seen as approximate upper and lower bounds. With periodic
boundary conditions, the convergence of the apparent elastic modulus is usually faster.

For evident reasons in the case of a non-periodic porous computational domain, kinematic uniform
boundary conditions are applied in the present study for the measurement of the linear elastic
properties [127]. Linear relationships u; = E; x; are enforced between the displacements u; and the
macroscopic homogeneous strain E; at locations xj on the sample volume boundaries. Within this
framework, the components of the stiffness tensor are determined from six simulations, one for each
column. The effective CTE is computed by enforcing that opposite faces remain parallel and flat. The
expansion of the sample volume along the 3 directions caused by a uniform change of temperature is
measured.

Macro-strain and macro-stress tensor are conveniently expressed in the array form as:

N
1 1
ESP = — f et dv = Z 4 45
Y VRVE 174 Y VRVE 1 Y " ( )
n=
1 1 v
I = —f olPdV = Z o’V (46)
VRVE 174 VRVE ne=1

where Vi is the total volume of the RVE (i.e. including also potential unmeshed domains), V, is the
integration volume of the ny, mesh element, N is the number of mesh elements in the RVE, siLjD and al-’“jD
are the component jj respectively of the elastic strain tensor and stress tensor in the n, mesh element

for the loading configuration LD.
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The segmented and resampled 3-D reconstructions are meshed by converting the voxels into 8-node
linear brick elements. The material properties, boundary conditions and thermal loads are then applied,
depending upon the property to be measured. All the pre- and post-processing steps are implemented
in Matlab routines. A rapid test of the consistency is performed by retrieving the properties of
homogeneous volume sample with linear elastic properties assigned arbitrarily. The phase properties
for the computational homogenization of the properties of the Ni-YSZ electrode material are listed in

Table 20. The Poisson ratio is assumed temperature independent.

Table 20: Thermo-elastic properties of Ni and YSZ at room temperature and 800°C.

Em (GPa) v (-) CTEss.800°c (10_6K_1)
. RT 207
Ni 300 120 0.29 16.2
RT 205
YSZ 300 163 0.32 104

2.4.1.3 Volume and grid independence study

The elastic modulus and CTE measured on a 2.25 um?® cubic sample for voxel sizes ranging from 20 to
200 nm are shown in Figure 33-a. Changes in the phase volume fractions can be non-negligible during
the resampling of a brick mesh and were monitored. Variations are less than 1.5% for all the phases
(0.2% for the pore phase) once the voxel is smaller than 100 nm (not shown). The average elastic
modulus stabilizes at a similar value of the voxel size and the variations are then lower than 1%. The
dependence of the CTE is less pronounced. Part can be ascribed to an artefact of the resampling. Within
the variations of the volume fraction of 1.5%, the Ni volume fraction with a higher CTE monotonically
decreases for decreasing voxel sizes, which is mainly mirrored by an increase of the YSZ volume
fraction. At a voxel size lower than 100 nm, the error is estimated acceptable. The trends in the grid
independence study performed on a sample volume of 6.375 pm? are similar (Figure 33c-d). In this case
however, the resampling does not cause variations of the volume fraction exceeding 0.07%. For voxels
smaller than 100 nm, the variation in the averaged Young modulus is apparently negligible for the

Young modulus and the CTE (both below 0.1%).
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Figure 33: Grid independence of (a) the Young modulus and (b) CTE on a 2.25 um3 sample; (c) Young modulus and (d) CTE on

The volume independence study shown in Figure 34 is performed with a voxel size of 75 nm based upon
the results of the grid independence study. The convergence behaviour is expected for kinematic
uniform boundary conditions. The bars correspond to the scatter between the three directions,
assuming an isotropic behaviour. For volume samples larger than 6.5 um?, the variations of the average

Young modulus are within 1.3% and 0.6% for the CTE, which is smaller than the scatter among the
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Figure 34: Volume independence study based on growing cubic samples for: (a) the Young modulus and (b) the CTE.
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2.4.1.4 Results and discussion

Based upon the results of the grid and volume independence studies, homogenization calculations
were performed with a voxel size of 75 nm and a volume size of 9° pm®. Table 21 shows that the results
for the pristine sample from homogenization are close to the four-point bending and dilatometry

measurements, but the remaining discrepancy requires further investigations.

Table 21: Young modulus and CTE obtained by experimental methods and 3-D imaging.

Em (GPa) .
CTE;s.800°c (107K™)
RT 800 °C
Dilatometry - - 12.4
Four-point bending 81+3 6314 -
Computational homogenisation 91+1 6712 12.8+0.05

The Ni-YSZ electrode is known to evolve upon operation. A discussion of Ni coarsening is outside the
scope of the present study, e.g. [136],[137], which aims at quantifying the effects of microstructural
changes on the thermo-elastic properties. The evolution of the metric and topological properties upon
short stack operation follows expected trends. Table 22 lists the properties of the Ni and pore phases,
which undergo the largest microstructural changes, whereas the volume fraction and coordination
number of the YSZ do not vary significantly (not listed). In a simplified view, the evolution of the Ni
phase is mirrored by that of the pore phase. Upon coarsening of the Ni phase indicated by the increase
of the median phase diameter D50, the contiguity and the intra-phase coordination number decrease.
The trends in the pore phase are opposite, but the magnitude of the changes is smaller for most of the
metrics. The connected and accessible TPB lengths concurrently decrease (not shown) which is

detrimental for the electrochemical performance.

Table 22: Metric and topological properties of the pristine and aged Ni-YSZ volume samples.

Pristine Aged

Pore Ni Solid (Ni and YSZ) Pore Ni Solid (N1 and YSZ)
Volume fraction 0.281 (0.009) 0.290 (0.008) 0.719 (0.009) 0.302 (0.010)  0.266 (0.009) 0.698 (0.010)
Contiguity 0.957 (0.012)  0.960 (0.011)  1.000 (0.000) 0.991 (0.004)  0.878 (0.055) 1.000 (0.000)
Average intra-phase
mordl.iatim n&nber 3.2(0.1) 32(0.1) 6.6 (0.0) 3.8(0.1) 2.8(0.1) 6.4 (0.0)
Dso (um) 0.385(0.009)  0.443 (0.014) 0.619 (0.017) 0.408 (0.012)  0.593 (0.024) 0.681 (0.016)

Because the contrast between the elastic modulus of Ni and YSZ remains small at room and high
temperature (Table 20), microstructural quantifications were performed considering the composite as a
porous single-solid phase material (Ni and YSZ together) to simplify the analysis. The microstructure of
the solid phase also changes upon operation. The effects of the coarsening of the Ni phase on the

lumped solid phase remains significant, as indicated by the increase of the median diameter and the
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decrease of the coordination number (Table 22). Figure 35 further indicates that the neck size

decreases. This overall follows the behavior expected during topological coarsening, where the solid

structure network comprises larger particles connected by narrower necks, because of progressive

pinching-off of the Ni phase.
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Figure 35: (a) Phase and (b) neck size distribution of the solid phase (Ni and YSZ together) before and after aging.

Figure 36a-b shows that the computed mean Young modulus decreases after 4700 h, by 8.4% and 7.8%

at room temperature and at high temperature, respectively. The bars correspond to the standard

deviation among the 4 samples of 9° um?®. The slight difference between RT and HT is due to the

temperature dependence of the elastic properties of Ni and YSZ, which influences the effects of the

microstructural changes. At 800°C, the contrast between the elastic properties of YSZ and Ni is larger

than at room temperature (see Table 1).
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Figure 36: Ageing study of: (a) Young modulus at room temperature, (b) Young modulus at 800°C and (c) CTE.
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The YSZ phase that undergoes limited morphological and topological changes during aging
consequently influences the cermet elastic behaviour to a larger extent. This results in a smaller
decrease of the Young modulus at high temperature. The CTE slightly decreases upon aging by less than
1% (Figure 36c). The elastic properties of the Ni-YSZ cermet are known to depend upon porosity. The
measured volume fractions suggest a mild loss of Ni, which results in an increase of the porosity (Table
22). This observation has consequences for the long-term stability of the Ni-YSZ material, but the
available data is not sufficient to support a detailed analysis. For the present study, the quantification of
the separate effects of variations of the material volume fraction and of morphology and topology has
been performed by manipulating the 3-D reconstructions of the aged samples. The Ni phase was dilated
to maintain the average volume fraction (solid phase) constant between the aged and pristine samples.
The results for the manipulated aged Ni-YSZ volume samples are included in Figure 36 by circles.

Figure 36a-b indicate that a variation of porosity lower than 2% modifies the Young modulus by 6.2%
and 6% at room and high temperature, respectively, and the CTE by approximately 0.6%. The slight
difference is consistent, because the Ni phase contributes less at high temperature. Apart from the
measured mild loss of Ni, the changes in the morphology and topology quantified by the decrease of
the coordination number and neck size distribution therefore contribute together to approximately one
fourth of the decrease of the Young modulus caused by aging. Similarly, their effect on the limited
decrease of the CTE is estimated of 40%.

The detected changes in the mechanical properties upon aging captured by homogenization are
consistent with the microstructural analysis. However, their magnitude remains limited and the effects
on the stack reliability may not be significant after 4700 h of SOFC operation. The measurement errors
listed in Table 21 suggest that ascertaining such changes using four-point bending and dilatometry may

be practically challenging.

2.4.2 Homogenised elasto-viscoplastic behaviour

The knowledge of the effective creep properties of GDLs in SOFC stacks is essential to investigate
thermo-mechanical issues by numerical models, because creep deformations in GDLs are expected to
alter the contact pressure on the active area (Chapter 3.3 and 3.4). Since GDL geometries are typically
complex, discretisation of the domains in full detail is not possible in terms of computational
requirements and simulation run-time. The replacement of the details of the geometry with a
continuum domain to which effective creep properties are obtained by homogenization is instead more
efficient. In this Chapter, the approach followed by Tsuda et al. [138] has been implemented. The
properties were then used in the “Model v2” in Chapter 3.1, which is dedicated to the analysis of stack
thermo-mechanical failures. We emphasise here that the application of homogenization to stack GDL as

performed in the present study is not fully rigorous, but a practical approach, because in a simplified
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view, a volume sample of the same size as that used as “RVE” sampled anywhere in a stack will likely
contain e.g. the cell, or higher volume fraction of MIC, etc.

A 2-D simplification of the theory was used by Molla et al. [31] to analyse the creep behaviour of a
generic metallic SOFC GDL design. The micro-model was a 2-D RVE of the GDL in frictionless contact on
the upper and lower side by mechanical contact with two rigid surfaces, which represent respectively
the cell and the MIC. The study aimed at describing the initial non-linear macro-strain upon applied
mechanical load by a dimensionless function that accounts in an averaged manner for the dimensional
and geometric changes of the structure.

The present study follows the 3-D implementation presented by Tsuda et al. [138], without
determination of the dimensionless function by Molla et al. [31]. Besides the geometry of the GDL of
the stack design modelled in Chapter 3.1, a test case was used for the validation of the creep
macroscopic constitutive model. Once the computational homogenization process is validated by
comparison with the published results, the approach is used to simulate and post-process the micro-

model simulations of the SOFC GDLs, to determine their anisotropic creep properties.

2.4.2.1 Macroscopic constitutive modelling of creep behaviour

The analysis starts with the homogenization of the elastic properties following the description in
Paragraph 2.4.1. A summary of the approach proposed by Tsuda et al. [138] for the creep behaviour is
provided in this section. Local small deformations are assumed for the identification of the parameters
of the material constitutive law, which does however not prevent that the large dimensional changes
occur in the structure upon applied deformation. The possibility for structural instabilities at the RVE
scale such as buckling is not considered. The material constitutive law of the dense material is linear
elasticity without rate-independent plasticity, and creep following Norton law, which applies only to the
secondary creep regime (i.e. primary creep is not considered). The approach is based on the quadratic
strength function, which is an extension of Hill’s orthotropic incompressible yield function and is valid
for a porous single solid phase material. This means that the approach presented in this section cannot
be applied directly to the case of heterogeneous materials comprising solid phases that exhibit
differences in creep behaviour, such as SOFC electrodes. Residual stresses in the modelled parts,
generated e.g. by the manufacturing, are also neglected.

.crp 3 n-1

;" = EA(U”’) Sij (47)

where s'icjrp is the creep strain rate tensor, s the deviatoric part of the stress tensor, A and n are
material properties, namely the creep power law multiplier and the stress exponent of the bulk

material. The equivalent Von Mises stress g, is defined as:
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(48)

The macroscopic constitutive model here developed uses the macro-stress and macro-strain computed
from six FEM simulations to provide the anisotropic creep properties of the homogenised material. The

computed macro-strain Eitj"t is defined as the sum of elastic macro-strain El-ejl and creep macro-strain

crp.,
Eij :

Eft = Eff +E57 (49)

Calculation of the equivalent macro-stress in the presence of anisotropy is introduced by Tsai and Wu
[139], who have developed a formulation for the computation of the strength in anisotropic solids. This
formulation has then been applied as plastic flow rule for metallic sandwich core structures [140] and
open-cell nickel foams [141] as well as for developing macroscopic models of anisotropic creep

[138,142]. It is expressed as:

(50)

where M;; is a matrix containing the anisotropy factors. Using Equation (50) as expression of the
equivalent stress, and including the deviatoric operator factors into M, the modification of Equation
(47) for the creep macro-strain becomes:
EP =2 a(5,.)" My 5 (51)
j 2 q ijeij
If the domain of the macro-model is isotropic and incompressible, M reduces to the deviatoric operator
14, expressed as:
r2/3 -1/3 -=1/3 0
-1/3 2/3 -1/3 0
-1/3 -1/3 2/3 0
0 0 0 2
0 0 0 0
0 0 0 0 2-

The matrix M is independent of the applied macro-strain rate E°f, elastic modulus and creep power

S N O O O O
o O O o o

law multiplier A of the base material. It is in contrast dependent upon the geometry of the structure
and creep exponent of the base material. Calculation of the terms of each line of the matrix M require
the simulation of the six micro-models under respectively loading mode uniaxial XX, YY, ZZ and shear
XY, XZ, YZ. The conditions are listed in Table 23, and the applied macro-strain rate Etot js the same for

all loading modes.
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Table 23: Kinematic equations of the boundary conditions at the RVE for the six loading modes.

uniaxial XX uniaxial YY uniaxial ZZ
i i _ i _
ul = X pe Ux = Ux =
x L. oxx i i _
o ui = 2 pe Uy =
- y yy ;
uy =0 Ly ; 7t Ee[
. . U, = —
| A— 1 zZ ZZ
u, = u, =0 L,
shear XY shear XZ shear YZ
i i i _
i Y ; u, =0
i _ el i el X
Uy —L—Exy Uy —L—Exz i
y z Uy =
i _ i .
uy—O Uy 0 ui_ylEel
U =0 Ul =0 2=, b

From each simulation of the six loading modes, the macro-stress is calculated as:

LD __

N
1
LD LD
= gy = — ) gkPy, 52
VRVE LGU 4 O-U " ( )

RVE
n=1
The macro-stress for each loading mode is then used to compute the components of the matrix M as

follows (compare with Equation (51)):

2

2( 1 )2 (ZﬂEgp)nﬂ E;;IJM EZPM 0 o 0
2l merp Y11 morp 11
3T A EF EZT
2
. 2 I ,
—EZW M,, E(i) (E—ny;;p)n+l —Egp M, 0 0 0
RCTp CTD
B 3\Z,y A E
2
E,L‘;I’M Ey”fM 2( 1 )2 Z,, EoP\™T 0 0 0
_ gor s gor e 3\, A
M= ) 2
0 0 0 21 Il "\ 0 0
3\Z, A
2
20 1\ (Z 0P\
0 0 0 0 7(—) 7 0
3\Z,, A
2
) L2
0 0 0 0 0 E i M i
3\Z,, A

The procedure described above has been implemented to determine the components of the matrix M

of a test case geometry first for validation, then for stack GDL sub-assemblies.

2.4.2.2 Validation of the homogenisation implementation

As verification of the developed homogenisation workflow, the geometry of the micro-model of the
RVE is reproduced with few simplifications from Ref. [138] and is shown in Figure 37. It consists in a

brazed plate-fin stack used as compact heat exchanger.
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Figure 37: Periodic structure considered in this study and analysed RVE.

The simulation of the RVE consisted in imposing the boundary conditions listed in Table 23 and applied

strain rate of 0.001 s™. The Von Mises stresses for the six cases are shown in Figure 38.

Von Mises
Stress (MPa)

= |
S PRI Uniaxial, dir: 22
159.3 Uniaxial, dir: XX Uniaxial, dir: YY

Shear, dir: YZ

Shear, dir: XY Shear, dir: XZ

Figure 38: Von Mises stress in the analysed RVE for the six cases of loading. Meshes correspond to the undeformed

configuration.

From the six simulations, the parameters of the M matrix are computed and plotted in Figure 39. For
simplicity, only the diagonal terms are shown. The terms of M vary over the applied total macro-strain
because of the change of the structure geometry upon deformation. It is worthwhile highlighting that in
this study the creep constitutive law implemented in the micro-model is limited to the secondary
regime. The approach formulation does not allow including primary creep, but it is expected that the
initial non-linearity of the terms of M as a function of macro-strain capture only part of the behaviour in

the reality.
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Figure 39: Values of diagonal terms of M matrix over applied macro-strain computed from this study.

In the present study, the initial non-linearity is neglected, following the approach by Tsuda et al. [138].
The matrix M is therefore determined when the terms M; become constant over macro-strain. From
Figure 39, they can be considered constant starting from a value of macro-strain £ of 0.005. Figure 40
shows the macro-stress X as a function of macro-strain for each micro-model simulation (see Figure
40). At the value of macro-strain of 0.005, the macro-stress becomes also constant. From Equation (50)
and (51), it can be inferred that X,,does also not change and thus E€™P is constant. The values of the M
matrix computed for the present verification case are reported in black as follows, whereas the values

in red correspond to the results published in Ref. [142] are shown for comparison:

1.90 -095 —0.95 0 0 0
(1.94) (=0.97) (=0.97)
—-0.26 9.32 —0.54
0 0 0
(=0.97) (13.23) (-1.82)
-0.65 —1.47 2.80
0 0 0
(-0.97) (-1.82) (2.18)
MValid= 3375
0 0 (44.28) 0
0 0 0 0 732 0
(7.08)
0 0 0 0 94.32
(78.05)

A further test was performed in the view of the implementation in the stack thermo-mechanical model
(Chapter 3.1). A macro-model consisting in a simple rectangular hexahedron with the same dimensions
as the RVE of the micro-model was simulated with the six loading modes and same prescribed macro-
strain rate. The elastic stiffness matrix of the homogenised structure has been calculated according to

the procedure described in Paragraph 2.4.1, using PBC as boundary condition. The obtained parameters
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of the stiffness matrix (in GPa) are given as follows (black: values obtained in this work, red: values from

Tsuda et al. [138]):

r79.88 9.78 20.30 7
79.59 9.78 22.39 0 0 0
23.82 8.79
7101 1160 0 0 0O
58.87
m 0 0 0
Dyaiia = 11.01
1034 0
22.63
sym M
3.14
| 4.731

The parameters of the stiffness matrix here calculated are in good agreement with those reported by
Tsuda et al. [138]. The creep behaviour predicted by the macro-model (homogeneous cubic
computational domain) and the micro-model were compared and are shown in Figure 40. The macro-
model and the values reproduced from Ref. [138] are included as well in Figure 40. The relatively large
difference in macro-stress between the curves of the six loading modes indicates a significant
anisotropy of the analysed structure. Furthermore, the relevantly lower macro-stress in XX, YY and ZZ
compared to the base material tested in uniaxial loading mode, and XY, XZ and YZ compared to the base
material tested in shear loading mode, show how the geometry significantly increases the creep

compliance of the structure.
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Figure 40: Macro-stress versus Macro-strain computed from micro- and macro- model simulations (in dashed and continuous
line, respectively). Data points, reproduced from Tsuda et al. [138], and the simulated mechanical behaviour of the base

material (in black continuous lines) are plotted for comparison.
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2.4.2.3 Application to SOFC GDLs

The validated homogenisation workflow is used to determine the homogenised creep properties of
different GDL geometries for implementation in the SOFC stack design analysed in Chapter 3.1. The
geometries of the micro-models of the GDLs are here not reported because they are proprietary.
Temperature-dependent elastic and creep properties of the bulk materials were implemented in the
micro-model and simulation runs performed for the six independent loading cases, using a prescribed
macro-strain of 0.001 s™. The anisotropy matrix M was computed for each GDL geometry by using the
macro-stress and macro-strain computed by the six simulations following the approach described
previously. The results of the computations are provided hereafter for different geometries and

implemented into the stack model.

r 260 —-1.29 -1.30 O 0 0 r 1.79 -0.74 -0.80 0 0 0 1
—0.54 11.38 —4.16 0 0 0 -0.76 152 -0.76 0 0 0
—0.24 —3.59 5.34 0 0 0 -0.76 -0.72 261 O 0 0
M1 = M3 =
0 0 0 1878 0 0 0 0 0 477 0 0
0 0 0 0 1078 0 0 0 0 0 541 0
0 0 0 0 0 11.26 L0 0 0 0 0 5.24d
r 1.75 —-0.87 —0.86 0 0 0 r 1.30 —-0.64 —0.64 0 0 0 1
-0.86 1.72 —-0.86 0 0 0 —-0.64 129 -0.64 0 0 0
—0.00 -0.86 181 0 0 0 —-0.00 -0.64 130 O 0 0
M2 = M4 =
0 0 0 517 0 0 0 0 0 390 0 0
0 0 0 0 611 O 0 0 0 0 405 0
0 0 0 0 0 5.20- L0 0 0 0 0 3.89
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3 Thermo-mechanical modelling of SOFC

stacks
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3.1 Model description

The stack design analysed in this study is based on planar anode supported SOFC and is operated within
the intermediate-temperature range, i.e. between 600 and 800 °C. The series of thermo-mechanical
investigations presented in this Chapter uses an uncoupled thermo-electrochemical and thermo-
mechanical approach. The 3-D temperature field over the computation domain during polarization is
first simulated using a thermo-electrochemical model for a variety of operation conditions, then
imported into the FEM thermo-mechanical model [12,143-145]. The computational domain corresponds
to a complete repeating unit in a stack. The stack assembly is simulated first as an initialisation
sequence, followed by long-term constant polarisation combined with thermal cycling. The information
exchanged between the thermo-electrochemical and thermo-mechanical analyses is the 3-D spatial
distribution of the temperature under SOFC polarisation. In the present work, the emphasis was placed
on the thermo-mechanical reliability. The thermo-mechanical model was implemented in the
commercial FEM code ABAQUS [60]. The control of material and interface property changes upon
assembly, the importation of the temperature profile and the post-processing of the results is
implemented in Matlab with calls to Python routines.

The development of the model required the testing of variations in the modelling assumption, following
the progresses on the other aspects of this thesis. Two versions of the thermo-mechanical model are
presented in this Chapter. They differ in terms of slight modifications of the geometry, mechanical
properties of the material and mechanical interactions between the components. Hereafter, they are

referred to as “Model v1” and “Model v2”, respectively.

3.1.1 Geometry and mesh

The study is focused on the SOFC stack design currently produced by SOLIDpower S.p.A (ltaly). A
repeating unit is the elementary item that is piled to obtain a SOFC stack that meets a target nominal
power.

The repeating units in a stack are geometrically identical. Thus, with adequate simplifications, a subset
of repeating units rather than the entire stack may be modelled to reduce significantly both the
computational requirements and the simulation runtime. With the appropriate set of boundary
conditions, the outcome of the stress analysis of a single repeating unit (SRU) will be relevant for a large
part of the stack.

The geometry of the analysed SRU is shown in Figure 41. The planar anode-supported cell is composed
of a NiO/Ni-YSZ anode approximately 270 um thick. The YSZ electrolyte with a thickness of
approximately 10 um, and the 40 pum thick LSCF cathode are separated by a GDC compatibility layer
approximately 5 um thick. The electrolyte covers the whole area on the upper face of the anode (y-

direction in Figure 41), whereas the footprint of both the GDC and cathode layers is the same and
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corresponds to the active area. The inactive area, i.e. the region of the cell that is not covered by the
GDC and the cathode, is approximately 4 mm wide. In the SRU model, the cell comprises the anode,
electrolyte and compatibility layer, whereas the cathode is not considered. Its stiffness is lower than
that of the other cell layers and the cathode layer has therefore a lower effect on the cell curvature and

residual stress, including that of the other stack components.

Manifold
sealant

z Y
L

GDL-fuel Cell sealant

Figure 41: Exploded view of the geometry of the SRU®.

The MIC is made of metal. This stack design uses an integrated manifold configuration: in co-flow, the
two manifolds on the left and right hand side (see Figure 41 for reference) are respectively the
incoming and exhaust fuel streams; the opposite in counter-flow. The air stream is provided externally,
from the left to the right hand side of the SRU. To ensure the electrical contact between the MICs and
the cell, as well as the distribution of gas over the active area, two pairs of GDLs are inserted, each of
them on the two sides of the cell. In the present study, each pair has a first layer in contact with the cell
electrodes and another for gas distribution on the MIC side. In Figure 41, the GDL pair on the cathode
side is referred to as “GDL air”, whereas that on the anode side as “GDL fuel”. Contact pastes are
usually deposited on the contact interfaces of the GDLs before the assembly of the stack. In this work,
the mechanical properties of such interlayer with unknown properties were approximated as contact
interface instead of solid elements (see Paragraph 3.1.4 for the details on the numerical
implementation).

The repeating unit comprises two sealing geometries to seal the two gas compartments: the cell

sealant, joining the inactive area of the cell with the MIC, and the manifold sealants, placed between

& Reproduced with permission from J. Electrochem. Soc., 78, (2017). Copyright 2017, The Electrochemical Society.
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two contiguous MICs. They are both made of a barium-calcium-aluminosilicate glass-ceramic type
material (BCAS).

In “Model v1”, the upper layer of the “GDL air” has the footprint as the active area. This means that the
assembly load is supported by the manifold sealants and by the cell active area. To study the effect of
design variations on the stack reliability, the “Model v2” considers a larger “GDL air” plate, which can go
in contact with the cell sealant. This entails that part of the assembly load may be supported also by the
cell sealant. For further modelling assumption discussions are provided in Paragraph 3.1.4.

In the implemented geometries of both SRU model versions, the computer-aided design (CAD)
geometry is slightly simplified for tractable meshing of the parts. The influence of such simplified details
on the simulation results is expected to be negligible. Furthermore, the in-plane dimensions of the
porous layer of “GDL fuel” were slightly adjusted to prevent numerical issues in the contact simulation,
i.e. scratching between layers with contrast in stiffness, which may cause numerical issues.

A main effort in the present study was the investigation of the effects of component geometrical
imperfections. A workflow, the mesh and modelling assumption, among others, were developed to
perform simulations with idealised as well as geometrically imperfect SRU components. In the idealised
case, the model comprises one SRU, to reduce the computational requirements and the simulation
runtime. In the second case, two identical SRUs are modelled, to investigate the effects of the
component with dissimilar shapes over the two SRUs. The details of the implementation of the
component geometrical imperfections are provided in Paragraph 3.1.5. The model with one SRU is
composed of approximately 350°000 mesh elements, whereas the number of mesh elements is almost
doubled for the model with two SRUs. The number of elements may seem low, but the margin for
refinement is low for tractable runtime, which are currently in the range of 1-2 days (on 1 node cluster:
14 cores each, 2.2 GHz, 128 Gb RAM), because of the many interfaces. The mesh and the element types
used to discretise the components of the SRU models of this work are shown in Figure 42. The rationale
behind the choice of the different element types is discussed hereafter.

To compute the stresses with adequate accuracy, the aspect ratio of the mesh elements (i.e. the ratio
of the longest to the shortest dimension of the element) must be maintained within reasonable limits.
However, meshing of the thinnest components in the SRU model (i.e. electrolyte, compatibility layer
and cathode) by solid elements would lead to a mesh excessively fine and thus to increased
computational requirements. In the present SRU models, conventional shell elements were used to
discretise these thin layers. Conversely to solid elements, the thickness is not modelled in conventional
shell elements, but defined as element property. They possess six nodal degrees of freedom
(translation and rotation along the three directions). In this work, the type of selected shell elements
was second-order, reduced integration, for improved accuracy and reduced computational

requirements, respectively. The aspect ratio issue is less severe for the anode, because it is thicker.
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- Second-order solid elements
First-order solid elements
Gasket elements

Figure 42: Overview of the mesh.

In this work, the reduction strain of the anode was simulated by imposing an artificial volumetric
shrinkage, which requires solid mesh elements. In addition, since the cell bends upon thermal cycling,
the use of second-order mesh elements is recommended for improved accuracy of the computed
stresses. Hence, the anode was meshed with 3-D second-order, reduced-integration solid elements.

Simulation tests comprising MIC geometrical imperfections showed that the use of first-order, reduced
integration solid elements for both the MICs and the GDLs leads to severe numerical inaccuracies on
the computed contact pressure on the active area. The best trade-off between computational
requirements and accuracy was obtained by discretising the MIC and the GDL plates (both on the air
and fuel sides) with 3-D second order, reduced integration, solid elements, whereas 3-D gasket
elements were used for the second GDL layers. In gasket elements, the in-plane and through-the-
thickness mechanical behaviour are uncoupled (for further details, see Chapter 1.5). Since the GDLs
transmit the contact pressure between the MICs and the cell, gasket elements used for meshing such
layers must include the through-the-thickness mechanical behaviour. The in-plane mechanical
behaviour (also known as membrane behaviour) is included for those GDLs that can withstand shear
and tensile/compressive stresses along the in-plane direction caused e.g. by the mechanical interaction
with the interfaced components, at the cost of higher computational requirements. In the present two

SRU model versions, the gasket elements used to mesh the GDL fuel included both mechanical
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behaviours, whereas only the through-the-thickness mechanical behaviour was enabled for the mesh
elements of the GDL air.

Very similar results were obtained during comparative simulations between first- and second-order
solid elements for the sealants, the metal spacers and the metallic frame. However, the simulation
runtime was higher by about 20% for the case with second-order solid elements. This was mostly due to
the several contact interfaces (sealants with the metallic parts and the cell), which in the case of
second-order elements require solving a higher number of equations by the contact algorithm. Hence,
first-order, reduced integration, solid elements were selected to mesh the sealants, and the adjacent
metallic parts.

Significant reduction of the computational requirements and simulation runtime was achieved by a
careful assignment of the “master” and “slave” definition of the surfaces involved in the contact
interface (see Chapter 1.5) and by the adequate mesh refinement of the parts in contact. In the contact
pairs over the cell area of the SRU models, the master property was assigned to the stiffer materials, i.e.
the cell and the GDLs channelled plates, whereas the slave property to the GDLs porous layers.

The current understanding of the mechanical failure of sealants during combined long-term operation
and thermal cycling is largely imperfect. Failures can arise because of a combination of microstructural
changes in or near the sealant (both bulk and interfaces), mismatches in the coefficients of thermal
expansion of the joined layers, accumulation of plastic strain in the stack components and stack-scale
external loading. A decrease of the thickness of the sealant reduces the stored energy and hence the
driving force for crack propagation. Procedures that automatically modify the component dimensions
were developed using Matlab routines to study such effects. The variations in the thickness of the
sealant were compensated by that of the other components to maintain the total thickness of the SRU
constant.

h =0.2mm

Sealant —

h =0.7mm

Sealant —

hSpacer

Magnification: x4 Magnification: x14

Figure 43: Close-up view of a sealing region, where the mesh is automatically adjusted to modify the component thickness.

Figure 43 illustrates the two cases used here to investigate the failure at the interfaces (see Chapter
3.4). The cases were successfully tested to ensure that the modification of the thickness does not alter

the tracking of the surfaces at the interfaces. The mesh shown in Figure 42 is already fine, but not yet
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sufficient and to allow capturing adequately singularities at biomaterial interfaces and e.g. simulate the
propagation of a crack. Tests showed that it is sufficient for investigating the effect on the overall SRU

deformation and comparative studies of the stress fields.

3.1.2 Mechanical properties of the materials

The thermo-mechanical properties of the materials in the SRU are listed in Table 24 and 25, for “Model
v1” and “Model v2”, respectively. The Young’s modulus, Em, is mainly dependent upon the porosity p of
the material and temperature T. The symbols v, g, and €4 refer to respectively the Poisson’s ratio, yield
strength and reduction strain. Table 24 and 25 provide only values at room temperature and 1073 K,
but the values implemented in the FEM model include temperature dependence over the full range for
most of the materials (except for the elastic properties of NiO/Ni-YSZ in “Model v2”).

All ceramic components and sealants are assumed to follow a linear elastic behaviour, whereas
plasticity with a isotropic hardening law is used for the metallic parts. In this work, creep was
implemented in all SRU materials. The model used as constitutive law for creep is the Norton power law

crp

expression [81], which correlates the stress o;; to the creep strain rate s'i] as:

3 -1
éicjrp — Be(-Q/RT) [E (Ueq)n Sij] (53)

where B, Q, T, R and n are respectively the pre-exponential factor, the creep activation energy,
temperature, universal gas constant and stress exponent. The creep parameters for the strain-
hardening form of the creep constitutive law (which includes both primary and secondary creep
regime) were measured for the Ni-YSZ anode, see Chapter 2.2. However, numerical convergence of the
SRU model with the implementation of the creep constitutive law and the estimated parameters
proved unsuccessful, despite several tests. Numerical failure occurred at the early stages of stresses
relaxation by creep in the anode, i.e. right after the simulated reduction. Potential sources of numerical
issues are the relatively fast and large deformations caused by the primary creep. The analysis of the
topic remains of interest, which warrants dedicated future efforts. Therefore, for both “Model v1” and
“Model v2” the creep properties of the Ni-YSZ anode were taken from literature data [112].

Potential shrinkages of YSZ, GDC, LSCF and that of the anode upon thermal cycling were not
implemented in the SRU models of this work. A reason is that the outcome of the first analysis
performed previously at the present scale suggests that the effect of at least a uniform shrinkage may
be assessed separately [56].

The CTE values correspond to the total form, i.e. to the thermal expansion between the reference and a
given temperature. The reference temperature for the CTE data is set to RT in the SRU models. Table 24
and 25 list the CTE values for all the materials in the SRU at the temperature of 1073 K (reference
temperature: RT), but the model implementation comprises the temperature dependence over the

complete range.
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Table 24: Thermo-mechanical properties of the materials of the SRU for “Model v1”. Data from Ref.

[15,68,103,104,110,112,121,128,146-155].
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Table 25: Thermo-mechanical properties of the materials of the SRU for “Model v2”. Data from Ref.

[15,68,103,104,110,112,121,128,146-155].
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Figure 44: Temperature dependence of the anisotropic elastic properties of the GDLs materials obtained from computational

homogenisation and implemented in the stack model.

The model version “Model v1” and “Model v2” differ in terms of level of refinement in the estimation
of the mechanical properties of the GDLs. In the “Model v1”, the mechanical properties of the layers of
both GDL air and fuel were estimated by expressions which scale the properties of the dense material.
These laws provide reasonably accurate estimations for periodic material structures and isotropic
behaviour at the macro-scale. Significant anisotropy was observed in the mechanical properties of the
GDLs layers obtained by computational homogenisation, see Chapter 2.4. However, for first analysis
and comparisons, these layers were all assumed isotropic in the “Model v1”. First estimate of the elastic
modulus of the porous layers was obtained using Equation (54) [156]:

Em = 0.28(1 — a)2Emy (54)
where Em, is the elastic modulus of the dense material, and a the porosity.
To estimate the creep properties of the Norton power law expression (i.e. valid only for the secondary
creep regime) it was assumed that the struts of the porous layers deform in compression. In this case,
Equation (55) has been proposed in the literature for calculating the effective creep strain rate of the

porous media [157]:

-n

. _ 3 n—1 1-a\™" 1-a
gicjrp = Bye-Q/RD) [E (Ueq) Sij] (T) - B= Bd( 3 ) (55)

The creep pre-exponential constants B, and B are here referred to the dense and porous materials,

respectively. The effective mechanical properties were estimated using dense Crofer 22 APU [146] and
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Nickel [158], respectively. The computed elastic modulus, yield strength and creep parameters are
reported in Table 24. The Poisson’s ratio was set at an arbitrary value of 0.10 (relatively high
compressibility, because of the porous structures). In the “Model v2”, the anisotropic elastic and creep
properties of the GDLs layers were obtained from computational homogenisation, see Chapter 2.4, and
indicated in Table 25 as CmpHmg (see Figure 44 for anisotropic elastic properties).

The elastic properties of the NiO/Ni-YSZ anode in “Model v1” and “Model v2” were respectively taken
from literature data and measurements in Chapter 2.2. In the second case, the model uses data from
linear interpolation between the values at RT and 800 °C, for NiO-YSZ, and between the values at RT
and 700 °C, for Ni-YSZ (see also Figure 23), because in Chapter 2.2 no mechanical testing was carried
out at intermediate temperatures. However, especially for NiO-YSZ a remarkable non-linear
temperature-dependence of the elastic modulus is reported [110,159], because of the
antiferromagnetic to paramagnetic structural transition of NiO at the Néel temperature of 250 °C. This
behaviour may affect the conclusions from the simulation of the first stack heat-up, and should be
considered in future studies.

For the anode material tested in this work, the reduction strain and the CTE were assumed the same as
the literature data. For the glass-ceramic material, an artificial relatively low elastic modulus is
implemented before the sealant curing, to minimise the contribution of the glass-ceramic pastes on the
stresses in the SRU, because the glass-ceramic material is not yet crystallised. The elastic modulus of
the glass-ceramic material is then changed throughout the simulation, see Paragraph 3.1.6 for further
indications. ABAQUS allows the control of each set of material mechanical properties by a field variable
which can be used as a flag. For the same material, switches or variation between sets of mechanical
properties, such as caused by microstructural changes, e.g. Ni to NiO reduction or crystallization, can be
implemented. Hence, by manipulating the field variables over the simulation steps, the modification of
the mechanical properties can be controlled by the user. This modification was applied for instance to
the simulation of anode reduction, i.e. the mechanical properties of the anode domain changed from
those of NiO-YSZ to those of Ni-YSZ. Specific details about the numerical simulation of the anode

reduction are provided in Paragraph 3.1.6.

3.1.3 Boundary conditions

The stack design considered here typically comprises around 70 cells. Therefore two limiting cases were
treated to investigate the conditions of units or a cluster of units close to the middle of the stack or to
the end plates. The first case is that of a stack made of an infinite number of repeating units, without
variations in gas flow among the height i.e., approximating a real situation where (i) the analysed SRU is
far from the end-plates (ii) the stack is relatively large (iii) the temperature profile is close to symmetric

across the z direction and (iv) the loading system can accommodate differences in expansion along the
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flow path. An intuitive approach for simulating such situation consists in enforcing modified periodic

boundary conditions (referred hereafter as PBC) [19,56].

Th
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Figure 45: Schematic of the modified periodic boundary conditions applied on the lower and upper node sets of the
repeating unit, and linear multi-point node equations involving nodal displacements (u) implemented in the model. The

temperature increase along the flow path (positive x direction) is depicted qualitatively by a colour scale from blue to red.

With these boundary conditions, the periodicity of the displacements on the in-plane directions is
enforced, whereas the respective nodes on the lower and upper MIC are allowed to rotate around the
z-axis, as shown in Figure 45. This relative rotation is constrained to be the same for all nodes on which
the PBCs are applied. In the case of SRUs, the temperature difference along the gas flow path causes
the outlet air side of the stack to be hotter and thus to expand more than at the inlet.

The second case is that of SRUs close to the end plates or approximating a real situation closer to that
of a short stack. Oppositely to the case of modified PBC, here the upper and lower MICs of the SRU are
enforced to remain flat (FBC), whereas their rotation around the z-axis is allowed.

\.11

| ——
&
~ ~

with x periodicity with PBCs

B 4

Figure 46: Schematic of the limitations using simple in-plane periodicity on the modelled SRU (on the left-hand side), and

simplified configuration using modified PBC (on the right-hand side).

116



Figure 47 shows two simulated cases of SRU deformation with enforced MIC flatness (FBC) and
modified periodic boundary conditions (PBC). In “Model v1” only PBC were implemented. To compare
the effects of the position of the SRU in the stack, the “Model v2” was modified to consider either FBC
or PBC.

Enforced MIC flathess (FBC)

0 & FH PP LS LRSS
PORTISTARIKNGRMARER AR IR ORI
| (K]

Modified PBC (PBC)

Figure 47: Representation of the simulated displacement of the upper and lower MICs of one SRU using enforced MIC

flatness (FBC, on the top) and modified periodic boundary conditions (PBC, at the bottom).

In this work, considerable reduction of the computational requirements and simulation runtime was
achieved because of the assumed symmetry of the stack along the z direction in terms of i) SRU
geometry ii) temperature field under polarisation with co- and counter-flow configurations and iii)

geometrical imperfections (see Paragraph 3.1.5).

3.1.4 Modelling of the mechanical interactions between the SRU

components

The mechanical interactions between the components in a stack are complex. The properties are
known to differ for the several interaction pairs that exist in a repeating unit and further, evolve during
the assembly, manufacturing and most likely operation of the stack. The characterization of the several
interaction properties is far-reaching and the dissemination of the results subject to confidentiality
issues. The current knowledge on the interfacial properties is not yet sufficient for full detail simulation.
Assumptions based on expected behaviour, assembly and testing experience and inspection of
intermediate model results were used for the development of the SRU model. A reason for the
distinction between “Model v1” and “Model v2” is the investigation of differences in the implemented

interaction properties.
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In this study, the mechanical interactions between two or more parts are approximated using either tie
or contact. The tie (on surfaces 0Q;) consists in a surface-based constraint, which enforces identical
displacements of the mesh nodes of the two surfaces throughout the whole simulation. This
mechanical interaction is set to the interfaces between MICs parts and between the MICs and a face of
both the GDL air and fuel.

The contact mechanical interaction comprises both a normal and a tangential behaviour model. In this
study, the normal behaviour follows a “softened” non-linear pressure-overclosure relationship. The
enforcement of this relationship is approximated by the penalty method, resulting in a contact force
that is proportional to the penetration distance, hence allowing a certain inter-penetration of the

contacting surfaces.
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Figure 48: Schematic view of the mechanical interactions (shown in dashed lines) between the components for “Model v1”
(upper) and “Model v2” (lower). Black solid lines (0Q;): tie contact. Black dashed lines (0Q.): default non-linear pressure-
overclosure relationship. Red dashed lines (0Q,,.): modified non-linear pressure-overclosure relationship. Green dashed lines

(depicted by 0Q): frictionless contact with detachment throughout the whole simulation.

In practice, the non-linear form of the pressure-overclosure relationship allows a better convergence
and an acceptable overclosure as the contact pressure builds up. In both “Model v1” and “Model v2”,
the pressure-overclosure relationship does not include separation behaviour of the contact surfaces
(except for the interface between the MIC and cell sealant, in “Model v2”, see below), to reduce the
computational requirements and the simulation runtime. Mechanical contacts were set for the
interfaces within the GDLs layers and with the cell active area, between the cell sealant, the cell inactive
area and the metallic frame, and for the interface of the manifold sealant with the spacer and the MIC,
see Figure 48.

In the “Model v2”, the possibility for mechanical interaction between the upper MIC of each SRU and
the cell sealant (domain 9Q in Figure 48) was investigated (see also Paragraph 3.1.1). This mechanical

interaction was modelled by frictionless contact with detachment allowed.
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For the interfaces of the GDL porous layers with the channelled plates and the cell active area, the
default pressure-overclosure relationship (on surfaces 0Q.; Figure 48 and Figure 49, black lines) was
used in “Model v1”, which entails that independently of the potential tensile stresses generated at the
contact interfaces, no separation is simulated. The slopes K; and K; refer to the initial and final penalty
stiffness, respectively. Ksis equal to the material stiffness of the most compliant material between the
two components in contact, whereas K; is in the default relationship two orders of magnitude lower
than K;. Between the two linear trends, the contact pressure varies by a quadratic function. In the
“Model v2”, K; was reduced by about 8 orders of magnitude with respect to K; (see Figure 48 and Figure
49, red lines). Implementing very low initial penalty stiffness, the simulated tensile stresses at the
contact interface in the case of interface separation are negligible. This partially overcomes the need
for expensive computation of the separation behaviour. In order to achieve numerical convergence
with the modified pressure-overclosure relationship, the clearance at zero contact pressure is set to
0.005 mm. Matching of the two pressure-overclosure relationships was not carried out. However, the
maximum deviation of the contact pressure (i.e. in the final penalty stiffness) between the two

relationships is about 15%.

Contact
pressure
Model v1
K¢
Model v2
Cy
Clearance | Overclosure
K

Figure 49: Non-linear pressure-overclosure relationships for “Model v1” (black line) and “Model v2” (red line).

The discretisation of the contact follows a surface-to-surface approach, because the normal directions
of the surfaces in contact in the SRU are expected to remain close to opposite throughout the whole
simulation. The surface-to-surface approach enforces contact conditions in an average sense over
regions nearby the slave mesh nodes rather than only at individual slave nodes. Thus, large undetected
penetrations of the master nodes into the slave surface are mitigated [60].

In the present analysis, the sliding between the components in contact is dominated by i) mismatches
in thermal expansion and ii) the accommodation of the parts during the assembly of the stack with pre-
deformed components (i.e. the MIC in this study). The magnitude of the relative sliding is expected to
be of the same order as the characteristic mesh element length. Under this condition, the small instead

of the large sliding formulation is preferred because computationally less expensive. In the small-sliding
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tracking approach, a local tangent plane on the master surface of the contact pair is associated to the
region nearby the slave node. This entails that the contact algorithm does not need to monitor the
whole set of slave nodes for possible contact along the master surface [60].

For the tangential contact behaviour, the model uses a frictionless sliding approach until the end of the
first heat up. Compared to other works where coefficients of friction of 0.1+0.2 were used [19,54], this
study therefore assumes that interfaces with e.g. contact or sealing pastes do not constrain the relative
sliding of the parts in contact. Once the simulated temperature reaches the crystallisation temperature
of the glass-ceramic sealants, i.e. at the end of the first stack heat-up (see Paragraph 3.1.6), a no-sliding
condition was enforced for all contact interfaces (except for the interface between the MIC and cell
sealant, in the “Model v2”), which aims at simulating the bonding caused by the sintering of both the

contact pastes and the glass-ceramic sealants.

3.1.5 Implementation of component geometrical imperfections

The variations in the shape of the SRU components because of imperfections in their manufacturing or
design alternatives are simulated by applying artificial deformations to the component. The developed
procedure for implementing imperfections of the MICs in terms of flatness is illustrated in Figure 50.
The implementation of the initial deformations requires first the measurement of the deflection of the
MIC as a function of the in-plane directions (x and z, see step a. in Figure 50). A separate FEM model
(hereafter referred to as “MIC model”) including only the metallic components of the SRU as the
computation domain was implemented (see step b) in Figure 50) is then needed to compute artificial
stress under deformation for importation in the full SRU model. The displacements along the y-axis
(measured in step a)) are applied on each mesh node of the “MIC model” but in the opposite direction
and the stresses computed (see step c) in Figure 50). Because the stress field has the only purpose of
generating a deformation, the MIC model assumes linear elastic behaviour without plasticity for all the
components. The implemented workflow approach then consists in the importation of the stresses
from the “MIC model” into the homologous components of the SRU model. In the SRU model i) the
parts are in their reference state at the start of the simulation, i.e. they are all un-deformed and defined
by the ideal CAD geometry, and ii) the boundary condition of imposed displacement at the mesh nodes
(like in step c) in Figure 50) is not imported. To fulfil the force equilibrium of the model, each metallic
component deforms following the shape measured experimentally (step a) in Figure 50). From this
point on, the simulation of the SRU model is continued with the initialisation sequence (see Paragraph
3.1.6).
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a) Measurement of pre-deformation b) Undeformed mesh configuration

c) Imposed displacement
(y direction) at the mesh nodes

3-D model of
the MIC

‘\y=o

Von Mises
stress (MPa)

d) Importation of the stresses 45.00

MIC in the 3-D
stack model
Y

| xig

Figure 50: Schematic view of the steps in the approach for modelling the pre-deformation of the components in the stack

simulations.

There are caveats to the proposed approach: i) plastic deformations and ii) residual stresses cannot be
imported, which in reality can develop in the metallic components, e.g. upon their fabrication, are not
considered. Instead, in the present approach, the MIC is assumed stress-free under deformation.

Since in this work half of the SRU geometry is modelled (see Paragraph 3.1.3), the pre-deformations
measured experimentally (step a) in Figure 50) are assumed symmetric along the z-axis. This temporary

restriction does however not prevent investigating the effect of pre-deformation on selected cases.
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Figure 51: View of the initial deformation profile of the two MICs used in the stack model comprising 1 SRUs. For illustration

purpose, the deformation is magnified. GDLs, cells and sealants are not represented.
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Figure 52: Plot of the initial deformation profile of the three MICs used in the stack model of two SRUs. For illustration

purpose, the deformation is magnified. GDLs, cells and sealants are not represented.
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Indeed, a multitude of combinations of pre-deformations can be imagined and their effects investigated
to understand how imperfect components must be selected and assembled to minimize the risks of
thermo-mechanical issues, which largely exceeds the available computational resources. The present
study was limited to a few cases, requiring including in the computational domain of the SRU model 1
or 2 units. In the case of modified periodic boundary conditions, the simulation results therefore
correspond to the periodic stacking of such a combination of imperfect components. Figure 51 and
Figure 52 show the series of deformed shapes of the metallic components implemented in the SRU
models comprising 1 and 2 SRUs, respectively. The 1 SRU simulation cases correspond to the situation
where the MICs are imperfect but all identical, whereas 2 SRU models were performed to investigate

the effect of assembling components with different shapes.

3.1.6 Simulation procedure

The SRU thermo-mechanical analyses performed in this work comprise a first set of simulation steps
defined as the “initialisation sequence”, and a second set where the operating conditions are
simulated, i.e. polarisation or operation combined with thermal cycling. An overview of the simulation
sequence is provided in Figure 53. The presentation of the results in Chapters 3.3 and 3.4 is organized
using the steps shown in grey in Figure 53, i.e. “A1”, “A2”, “A3” for the assembly, “HT 0 h”, “HT 10 h”,
“HT 10 kh” for operation under constant thermo-electrochemical conditions, “RT 0 h” and “RT 10 kh”,

for thermal cycles, for the “Model v2”.
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Figure 53: Overview of the simulation sequence. Points from “A1” to “RT 0 h” comprise the phases of the stack production
and qualification, including the first thermal cycle (“A3” to “RT Oh”). Points “HT 0 h” to “HT 150 h” (“Model v1”) and to “HT
10 k h” (“Model v2”) correspond to operation under constant thermos-electrochemical operation, which is followed by a

second thermal cycle (“HT 150 h” to “RT 150 h” in “Model v1”, “HT 10 kh” to “RT 10 kh” in the “Model v2”).
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The sequence is the same for the “Model v1”, except that the simulation duration under constant
thermo-electrochemical conditions is shorter (150 h). The simulation of the initialisation sequence for 1
and 2 SRU models is respectively about 15h and 25h, respectively, whereas for the simulation of
polarisation combined with thermal cycling they are about 20h and 30h, respectively for 1 and 2 SRU
models. These computation runtime are referred to 1 node cluster, with 14 cores each, 2.2 GHz, 128 Gb
RAM.

The output of the initialisation sequence is required for the simulation of the operating conditions. As
long as constant stack design, material properties and manufacturing specifications are considered, a
single initialisation sequence is simulated and used for the analysis of all the thermo-electrochemical
operation scenarios. In contrast, any modification in steps up to A3, such as in modelling assumptions
(e.g. “Model v1” and “Model v2”) or component pre-deformation require running a dedicated
initialisation sequence.

In this study, the detail of the evolution of the temperature profile during cool downs and heat-ups of
the stack (in Figure 53, the intervals A1-A2, A3-RT 0 h, RT 0 h-HT 0 h and HT 10 kh-RT 10 kh) are not
considered. Linear variation from the high to the low temperature profile point is implemented. The
time-scale is also assumed much smaller than the processes at steady-state temperature (i.e. in Figure
53, the intervals A2-A3 and HT 0 h-HT 10 kh). To reduce the simulation runtime, creep in all materials is
disabled during these steps. From these two perspectives, the present simulation of the thermal cycling

conditions intuitively corresponds to a worst-case.

3.1.6.1 Initialisation

The initialisation sequence aims at calculating the stress in the stack during its manufacturing and
conditioning. This sequence comprises both the simulation of real production steps and artificial

numerical procedures to approximate the reality. A description of each step is provided hereafter.

Simulation of components pre-deformation. At the first step of the initialisation sequence, the position
of the upper and lower MICs of the SRU is constrained along the y-axis and the stresses from the MIC
model (if the analysis includes pre-deformed components) imported in the homologous components of
the SRU model (see also Paragraph 3.1.5). Since this step is an analysis and not a manufacturing
procedure, irreversible deformation (i.e. plasticity and creep) are disabled in all materials using

switching of field variables (see Paragraph 3.1.2 for more details).

Cell sintering. The residual stresses caused by the sintering of the cell layers, i.e. anode, electrolyte,
compatibility layer (the cathode layer is not considered in the SRU model), are reproduced in the stack
model by simulating artificial thermal strains. These thermal strains are generated by assigning an

artificial CTE for each material of the cell layers corresponding to an increase of the temperature of the
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whole cell of 1 °C. The reason for this 1 °C increment is the reduction of convergence difficulties
because of relative sliding. The artificial CTEs are calculated using an Euler-Bernoulli 1-D model [41]
including elasticity and creep, which simulates the residual stresses during the cool-down from the
sintering temperature of each layer to RT. The artificial CTE of the electrolyte and compatibility layer
were computed with respect to the anode. For the present cell, the computed values for the anode,
electrolyte and compatibility layer are 0.00, 2.12E-03 and 1.55E-04, respectively. At the end of this
simulation step, the CTE of the NiO-YSZ, YSZ and GDC is changed from the artificial to the real values by

switching of field variables.

Stack assembly force. The displacement of the MIC along the y-axis is in this step removed, and an
assembly force is applied on the SRU. In the model, this force is applied on the stack using multi-point

constraint (see Figure 45). At the end of this step, plasticity was enabled in all the materials.

First heat-up (after point “A1”). The stack is heated up from RT to a uniform temperature of 800 °C. At
the end of this simulation step, the tangential contact behaviour at the contact interfaces depicted by
black and red dashed lines in Figure 48 is switched from frictionless to no-sliding condition (see

Paragraph 3.1.4), for both “Model v1” and “Model v2”.

Sealants curing. This step aims at including the change of mechanical properties of the glass-ceramic
material (i.e. of the sealants) because of its crystallisation. The dominant change in mechanical
properties upon crystallisation is the increase of elastic modulus, from the artificial initial value of 0.2
GPa, up to 14.4 GPa (see Tables 24 and 25 and Paragraph 3.1.2). However, until this simulation step, the
sealants in the SRU model are elastically deformed and the strains relatively large (i.e. about 4%, mostly
because of the applied assembly force on the SRU as well as to accommodate the pre-deformation of
the MICs). Once the stiffness of the glass-ceramics is increased in the model, relatively high stresses are
generated in the sealants and in the interfaced components. These stresses are artificial and are
relaxed by simulating artificial creep strains only in the sealants, because in reality the glass-ceramic
pastes likely deforms plastically until crystallisation. Ideally, at the end of this simulation step, the
sealants should be intuitively stress-free, from a macro-scale perspective. In reality, the simulation step
is stopped when the stress became negligible, e.g. lower than a threshold of 0.5 MPa. At the beginning
of this simulation step, creep and plasticity material behaviours are disabled in all materials (except for
the creep in the glass-ceramics) and re-enabled at the end of the step, to avoid unrealistic inelastic

deformations in the SRU components because of glass-ceramics stiffening.

Anode reduction (point “A2”). the physical modifications in the anode upon its reduction are the

changes in mechanical properties and the shrinkage (see Tables 24 and 25 and Paragraph 3.12), which
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occur together. In this work, the mechanical properties of the anode material is changed from NiO-YSZ
to Ni-YSZ by manipulation of the field variables, whereas for the reduction strain and the compensation
of the CTE change, with respect to the reference temperature, was applied using artificial isotropic

shrinkage.

Stack qualification (point “A3”, followed by “RT 0 h”). A stack is usually not cooled-down right after
anode reduction, because of first tests and mild IV-characterization. In the present study, a uniform
temperature of 800 °C is maintained for 10 h, during which creep relaxation of the stress in all the SRU
parts takes place. At the end of the 10 h, the stack was cooled down to RT. This is the first thermal cycle
of the stack.

3.1.6.2 Operation

The baseline case considered in the present study is prolonged operation under constant conditions
followed by a thermal cycle. The stress computed by the initialisation sequence, i.e. at the end of the
first thermal cycle, is used as the restart point for the SRU thermo-mechanical simulations of operation
cases, which consists in prolonged continuous polarisation in either co- or counter flow configuration,
see Table 26 for an overview of the operation conditions. The hold time under constant polarization
differs in “Model v1” and “Model v2”, respectively 150 h and 10’000 h. At the end of the polarisation,
the stack is cooled-down to RT, which represents the second thermal cycle of the stack (point HT 10 kh -
RT 10 kh).

A thermo-electrochemical model is used for computing the 3-D spatial distribution of temperature in
the repeating unit in operation, for importation into the 3-D FEM thermo-mechanical model. The
thermo-electrochemical model was developed in the GEM-EPFL group in parallel to this Thesis. The
work performed here consisted in implementing the interfaces in Matlab for the importation of the
temperature profile.

The requirement for the thermo-mechanical analysis is the accurate prediction of the 3-D temperature
profile, over the range of operation conditions relevant for the SOLIDpower stack. While the local
electrochemical model provides local information such as the spatial distribution of electrostatic
potentials in the electrolyte as well as single solid phase or composite electrodes, a discussion of the
modelling assumptions is outside the scope of the thesis. In a simplified view, the requirement is here
limited to the reasonable prediction of the sink/source terms for CFD computations. A brief description
of the thermo-electrochemical modelling approach is therefore provided hereafter.

The approach consists in coupling a fast thermo-electrochemical model with detailed electrochemistry
[143,144] with a 3-D computational flow dynamic (CFD) model that comprises adequate level of

geometrical detail for the thermo-mechanical simulations. In the active area of the SOLIDpower stack
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design, the temperature and current density profiles are close to one-dimensional. The modelling
approach is based upon this quality. A simplified open loop interface provides a model runtime that
allows tractable sensitivity analysis for e.g. meta-modelling [160]. The heat transport and gas flow
governing equations are solved in 3-D in all domains, except in the cell where the sink/source terms are
provided by a finite-difference model, implemented in gPROMS, an equation-oriented process
modelling tool based on the finite-difference/orthogonal collocation on finite-element method.

The information flow is summarized in Figure 54. The transport of electrons and ions and gas species
along with chemical and electrochemical reactions is first solved by gPROMS in all the cell layers,
assuming one-dimensional gas and temperature profiles along the air flow direction. The 3-D CFD
model then solves the transport of mass, heat, and species, with the species and heat source (sink)
along the flow direction computed by gPROMS, after projection and interpolation on the active area of
the 3-D model. The procedure is implemented in Fluent by programming User-Defined Functions
(UDFs).

Figure 54: Schematic view of the information flow in the thermo-electrochemical model. (a) 3-D imaging for the

computation of the effective transport and electrochemical properties of the heterogeneous electrode materials using
methods equivalent to the computational homogenization presented in Chapter 2.4. (b) Micrograph showing the layers
discretized in 1-D in the local gPROMS electrochemical model. (c) 1-D discretization in the finite difference gPROMS stack
model. (d) Importation of the species source and sink terms in the Fluent CFD model (only the subset of the computational

domain that comprises the SRU solid parts is shown).

To reduce complications due to round off errors and interpolation during the importation of the
temperature profile into the thermo-mechanical model, the solid parts are modelled with the same
level of detail in the CFD and FEM models. Compared to the SRU thermo-mechanical models, the CFD
model comprises additional computational domains, such as the thermal insulation and both the air
and fuel domains. Periodic thermal boundary conditions are implemented in the CFD model in the y-
direction. The compatibility of the meshes between CFD and thermo-mechanical models is facilitated
by guaranteeing that the number of cells in the y-direction in the CFD model equals or exceeds that in
the thermo-mechanical model, to allow fast 2-D interpolation layer-by-layer of mesh nodes in the
thermo-mechanical model. Routines were developed for the automatic importation of the temperature
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profile computed by the CFD simulations into the thermo-mechanical model. With the implemented
gPROMS-Fluent procedure, a simulation requires about 45 min per core (Intel Core i7-3930K) to achieve
sufficient convergence. The CFD computations imported in Chapter 3.2 consisted of 700 iterations,
which proved conservative. The simultaneous gPROMS solver allows determining the air flow need to
maintain a constant maximum solid temperature in the stack, and constant surface specific power
density (including an estimate of the ancillary consumption of the air blower) for investigating the

thermo-mechanical effects of differences in features in the temperature profiles.

Table 26: List of selected thermo-electrochemical conditions

U J A|r P Steam to Tair,inlet Tmax
PRU W) | (aem?) | Ratio | (Wem?) Cfarz‘;” (K) K | Y
Co-flow 0.50 | 0.74 0.48 5.5
0.10 | 0.76 0.47 4.1
Counter-flow | 0.50 | 0.76 0.48 6.1 0.33 2 973 1100 | 0.85
0.99 | 0.75 0.49 8.4

3.1.7 Post-processing of simulation results

3.1.7.1 Evolution of the contact pressure

The interface between the cell and the gas diffusion layers in the active area is central for the stack
performance. Achieving and maintaining a low ohmic resistance is not straightforward in a stack, which
is a multilayer. In a simplified view, a state-of-the-art 70 cell stack comprises more than 500 interfaces
that must have the lowest possible resistance to electron transport, among which approximately half
have usually low but inaccurately known mechanical properties. The mitigation of imperfect or altered
contact is often addressed on a trial and error basis, since predictive approaches have not yet been
established. The tolerance on component quality is a first aspect that can be considered, but the
experimental identification of the adequate trade-off between performance, durability and costs is far
reaching. Intuitively, the statistical variability in shape and dimensions caused by the manufacturing
tolerances is expected to detrimentally affect the uniformity of the contact pressure at the interface.
The relationships between the electrical contact resistance and the applied contact pressure were
investigated by Dey at al. [17]. The material for the studies on the cathode side was LSM. They observed
that since the cathode has the characteristics of semiconductor, the contact resistance on the cathode
side decreases with the increase in temperature. Conversely, the contact resistance on the anode side
increases with the increase in operating temperatures and is approximately one order of magnitude
lower than that of the cathode. The results highlight the dependence between the applied load and the

contact resistance. The situation corresponds to that of a sintered screen-printed or tape-cast electrode
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in contact with a MIC, which therefore depends on the surface quality and cannot be generalized for all
stack situations. The relationships shown in Figure 55 were therefore not used quantitatively for the

present study.
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Figure 55: Contact resistance as a function of the contact pressure for the anode (left-hand side) and cathode (right-hand

side) interfaces. Plots reproduced from Ref. [1 7]".

The quantitative prediction of the interfacial electrical resistivity in the long-term and under varying
operation conditions requires first the knowledge of the contact status and pressure and second of the
relationship between the contact status and the effective interface conductivity. The present studies
are focused on the first aspect, within the limits discussed in Paragraph 3.1.4. Therefore, there is no
feedback from the thermo-mechanical simulation results to the thermo-electrochemical mode.

From the mechanical standpoint, the phenomena that can result in a history-dependent contact status
in the model are the effect of history on the stress state, in a simplified view. In contrast, the possibility
for the damage of the contact interfaces is not simulated. This is because the contact formulation
allows any region of discretized surface that underwent zero or tensile contact pressure or opening to
fully recover its original contact properties at any time, which is unlikely the case in reality.

Contact issues differ whether the anode/GDL-fuel or the cathode/GDL-air interface is considered: the
cathode has a lower electric conductivity and thickness than the anode, therefore the effects of current
constrictions at the scale of the interconnection system are more severe on the cathode/GDL-air
interface [19]. Post-test disassembly further shows that the strength of the cathode side interface is also
lower. In the present study, both contact interfaces are investigated. The contact pressure computed by

Abaqus is positive (negative) if the interface is under compressive (tensile) stress.

h Reprinted from Journal of Power Sources, 233, Tapobrata Dey, Debanand Singdeo, Manaswita Bose, Rajendra N.
Basu,Prakash C. Ghosh, Study of contact resistance at the electrode-interconnect interfaces in planar type Solid Oxide Fuel

Cells, 290-298, 2013, with permission from Elsevier.
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The evolution of the contact is quantified by computing the probability density function of the contact
pressure at the interfaces. The binning of the contact pressure data is performed using as weight the
corresponding element surface area.

The “Model v1” and “Model v2” comprise 2 repeating units for the analysis of the pre-deformation
profiles “2Def00”, “2DefA” and “2DefB” (see Figure 52). The spatial distribution of the contact pressure
is not identical within the two pairs of cathode or anode interface. For comparison with the reference 1
repeating unit model, the equivalent contact pressure is calculated for each mesh element on the same
interface of both SRUs. This post-processing choice therefore places the emphasis on the probability of
interface separation at either one or both SRUs, which may cause alteration of the electrical field. The
discrepancy in contact pressure within pairs of same GDL is of interest, but not discussed quantitatively
using a dedicated metric. It is analysed qualitatively by visual comparison of the computed contact

pressure spatial distributions.

3.1.7.2 Cell Failure

The probability that a cell in the stack fails is of little interest, which does not correspond to the
computational domain. In this study, the probability of failure is computed over the volume of anode
materials of all the 70 SRUs of the considered stack.

For the computation of the failure probability in the anode, the Weibull statistics parameters of NiO-YSZ
and Ni-YSZ obtained from four-point bending tests and at room and high temperature are used (see
Chapter 2.3). Confidence intervals on the failure probability are computed using the lowest and upper
bound of the 90% confidence interval values on Weibull modulus, characteristic strength and reference
volume. The mesh of the cell is considered fine enough for comparative studies. Therefore, the
principal stress distribution computed in the cell sub-domain of the full stack model is used for the
probability, i.e. displacement-driven submodelling of the cell is not performed for achieving a higher
accuracy of the stress computation. The probability of failure is computed by integration over the
volumes of the mesh elements of the cell layer, following the standard expression assuming the
principle of independent action:

3

1 m
Pri=1—exp —m ncells fv zl(cfps) dv; (56)
i|ps=

where V, is the reference volume, m the Weibull modulus, o, the characteristic strength of the
material, ncells the number of cells in the stack and o, the principal stress with ps = 1, 2, 3 which
indicates the first, second and third component of the principal stress. The integral can be evaluated for
each volume of material i in the SRU, with i = anode, electrolyte, compatibility layer. Only positive

(tensile) values of the principal stress are used for calculating the probability of failure.
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The Weibull parameters measured in Chapter 2.3 and usually found in the literature correspond to the
strength for the pristine material. Microstructural changes were observed for the present anode under
SOFC operation. An effect on the strength cannot be excluded. Therefore, the direct comparison of the
simulations at the start and end of operation requires some care. The analysis based on computational
homogenization in Chapter 2.4 however shows that the change in the thermo-elastic properties due to
changes in the morphology and topology are limited. The variations in the strength are therefore likely

limited if the degradation does not affect the volume fraction of the phases.

3.1.7.3 Failure of the sealing

A technological difficulty with ceramic materials is that they tend to be much more brittle compared to
metals. Therefore, the effects of geometrical and material singularities that trigger damage by cracking,
because of localised high stress that exceeds the strength of the material [161]. Failure occurs in the
elastic deformation regime with limited possibility for plastic deformation at the crack tip, which entails
that the crack process zone is negligibly small. The analysis of failure in ceramics therefore typically
starts with linear elastic fracture mechanics (LEFM) theory. The fracture mechanics problem has been
historically tackled from two perspectives provided by stress or energy balance of a system comprising
a pre-existing crack.

The stress intensity approach is based upon the analysis of the stress field near the crack tip. The
inspection of analytical solution for the stress field derived by Irwin [162] shows that each component
of the stress tensor is proportional to a constant, which therefore represents a stress-intensity factor.
The analysis holds for different loading, referred to as Mode | (opening), Mode Il (sliding) and Mode llI
(tearing), which yields the stress intensity factors K, K, and K;,. Failure corresponds to a critical stress
intensity factor, which is a measure of the material resistance.

The concept in the energy balance approach introduced by Griffith roots from the first law of
thermodynamics, i.e. crack extension occurs when the energy available in the system exceeds the
resistance of the material, because energy is required to break the atomic bonds. The nature of the
relevant processes that dissipate energy upon crack extension differ depending on the material, but for
evident reasons, always comprise the generation of new surfaces. The energy balance for an
infinitesimal crack growth provides the energy release rate (ERR), which must exceed a critical value
that is a measure of the toughness of the material.

The inspection of the expressions derived from the energy and stress analysis approaches for a crack in
the bulk of a linear elastic material, yields a relationship between the energy release rate and stress
intensity factor, indicating that for such a case the two approaches are equivalent.

A simplified approach based upon energy considerations has been implemented as a post-processing

procedure of the stack simulations to inform qualitatively and comparatively about the risk of failure of
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the sealant. Standard expressions for the energy-based approach are therefore briefly presented

hereafter. For the simplest case, the energy balance for an infinitesimal crack growth is:

dW — dU,, = —dIl = dI’ (57)

Where II is the potential energy, W is the external work dependent upon the displacement at the
boundaries of the system § and the applied forces F. For example, the infinitesimal external work
provided to a system by a constant dead load F and causing an infinitesimal deformation § at the

application point of the load is:
1
AW = 5 Fd§ (58)

The infinitesimal stored elastic energy of the system is the product between an infinitesimal volume of

the considered system and the elastic strain energy density ¢ in the same volume:

Emax
dU,; = @dII with @ :f 0;j-de;j (59)
Independently of compressive or tensile stresses, the elastic strain ene(z)rgy density @ is always a positive
quantity.
The energy to create free surfaces by crack propagation is linearly dependent on the extension of the
created surface and by the specific surface energy y, which is either a material or an interface property,
respectively if the crack develops within one material or at the interface between different materials. In
infinitesimal terms, the free surface energy dI” to generate a surface dS is expressed as:
dr = ydS (60)
By differentiating the condition for crack propagation (Equation (57)) to the surface generated by the

cracking process, we obtain:
dw  dU, dii  dr
— = =_— =g 61
ds ~ ds as ~as ~ 6@ (61)

where G is defined as energy release rate (units of Jm™).

A failure mode of interest in multilayer assemblies is the delamination at the interface between the
dissimilar materials. The analysis usually starts by considering failure at the interfaces, which are often
preferred locations for delamination because of their lower fracture toughness than the bulk materials.
Furthermore, since the two interfaced materials have often different compositions, residual stresses
build-up after manufacturing or usage and imperfections at the interface act as notches where stress
singularities develop.

In SOFC stacks, stable short cracks or delamination not affecting the gas-tightness of the two gas
compartments are of interest for a full understanding of failure and lifetime analysis, but at the present
stage of the analysis, the emphasis is placed on the complete detachment at the interface between the
MIC and the manifold sealants. The approach is based upon that used by Sgrensen et al. [163] for the
analysis of delamination in multilayer plates, along pre-defined paths. The layers are treated as

continuum media, i.e., the microstructural features in the glass-ceramic and MIC must be sufficiently
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smaller than the layer thickness. The approach schematized in Figure 56 “bypasses the complexities of
the stress field at the crack tip” by performing an energy balance using the Euler-Bernoulli beam theory.
The calculation of the energy release rate then simply consists in the variation of the stored elastic

strain energy between far behind and upfront the crack tip position (Figure 56), i.e.:
Gss = Ué{I - Uél (62)

The considerable decrease of the problem complexity comes at the cost of several limitations. First, the
crack faces downstream the tip position do further not enter into contact, i.e., the crack remains open
upon its propagation. However, the energy release rate if delamination occurs with complete
separation of the interface is expected higher than in the case the delaminated layers establish contact,
leading to a likely overestimation of the risks of failure. The second restrictions are on the geometry
and dimension of the samples. The stripe shown in Figure 56 is a typical case for which the assumptions
apply. The crack length must be however sufficiently small compared to the stripe length, but larger
than the multilayer assembly. The analysis is also restricted to the regime of steady-state crack
propagation during which the energy release rate is independent to the crack length. For the stripe, the
crack length must be sufficiently larger than the width of the stripe, because the transition zone where
the curvature changes between that with and without the crack is typically a few times larger than the

stripe width.
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Figure 56: Schematic of the multi-layer stripe used for the description of the energy-based analysis of the failure of the
manifold sealants.

The procedure for the energy-based analysis of the failure of the sealing at the stack scale consists in
applying Equation (62), using for the state Ill the end of a simulated sequence point (RT 0 h and RT 10
kh, in Figure 53), where all the sealing interfaces have retained their integrity. An additional simulation
step is then performed, during which the interaction at the interface of interest is disabled, i.e., full
delamination occurred, which corresponds to state | in Equation (62). Therefore, an additional
interaction release step is performed for each investigated interface and sequence point. Two types of
releases are considered for the comparative analysis of the risks of failures upon stack operation. In the

first case, the contact interaction is simply removed, which does not guarantee that the crack faces
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inter-penetrate. Therefore, a second set of simulations is systematically performed by removing the
joining contact interface by a frictionless contact, which is closer to a real full delamination situation.
The application of the procedure on the computational domain shown in Figure 41 has several practical
implications, in particular in the case of modified periodic boundary conditions (Paragraph 3.1.3). A
detachment simulation corresponds to the simultaneous failure of all the corresponding interfaces in
the stack and on both sides of the symmetry axis. Therefore, the situation rigorously differs for the
cases with one or two computational domains, i.e. failure occur in all, respectively each two similar
interfaces in the stack.

Numerical crack propagation simulations were performed to test the effect of geometry and that the
order of magnitude of the ERR estimated from stack simulations falls within meaningful limits. The
virtual crack closure technique (VCCT) is an established approach to compute the components of the
strain energy release rate (G) from finite-element simulations e.g. in Ref. [164-166]. The VCCT was
however not available in commercial software until fairly recently. Abaqus implementation aims at
simulating crack propagation along pre-defined paths using a mixed-mode fracture criterion within or at
interface between parts. The computation is based on surface discretization and tracking algorithm in a
similar way as contact interactions (see Paragraph 3.1.4).

The discussion of the known caveats of the VCCT for advanced applications is beyond the scope of the
present analysis. A typical example is the appropriate normalization to ensure a breakdown of the total
energy release rate Gy into G, and G, components for biomaterial interfaces that is independent of
mesh size [165], because of oscillations in the analytical solution for the stress at bi-material interfaces.
The present analysis is based only on the G, The complexity of the simulations is reduced by

preventing crack propagation using arbitrarily large critical energy release rates in the software failure

criterion.
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Figure 57: Comparison between VCCT computation and the analytical solution for the energy release rate as a function of
crack length for a single material double cantilever beam (DCB).
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Instead, a Matlab routine sequentially manipulates the node and element sets, as well as surface
definition from a template Abaqus input file to control the position of the crack tip and perform one
VCCT simulation per crack extension. 2-D plain strain, generalized plane strain and axisymmetric
geometries are meshed with full integration first order elements. The full crack path at the interface
between two parts is enclosed in sub-partitions to ensure that the mesh for the VCCT calculation is
similar and made of square elements, with a constant size ranging from 0.05 to 0.125 mm, depending
on the study case. Geometrical non-linearity is disabled. The Matlab-Abaqus VCCT procedure is first
tested on a benchmark case consisting of a single material double cantilever beam (DCB) subjected to
displacement controlled boundary conditions. The agreement with the analytical solution is satisfactory
for the present analysis, as shown in Figure 57. The applicability of the approach proposed by Sorensen
et al. [163] is formally limited to stripe-like shape. A generalized plain strain simplification of the
manifold sealing region as a three-layer stripe was first implemented and the total strain energy release
rate computed as a function of the crack length (Figure 58-a). The second model consisted in an
axisymmetric simplification of the sealing region (Figure 58-b). In both cases, the MIC and glass-ceramic
elastic properties and coefficient of thermal expansion are those used for the stack simulations and

listed in Table 25.

30 mm

Zimic
[ | Sealing

Figure 58: Schematic of the stripe (a) and axisymmetic (b) simplification of the manifold sealing region (not to scale). The

crack propagation directions and interfaces are indicated by al (upper) and a2 (lower).

The assemblies are stress-free at 1073 K and cooled-down to room temperature, and the VCCT
processing is then enabled. The boundary conditions are free standing. For the axisymmetric
simplification, an additional case is considered consisting of periodic boundary conditions on 8Q with a
compression load close to that computed by the stack imposed using multi-point linear constraints.
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3.2 Temperature profiles in operation

This section provides a discussion based on visual inspection of the temperature profile computed by
the gPROMS-Fluent thermo-electrochemical model (Paragraph 3.1.6) for the conditions listed in Table
26. The discussion is limited to aspects relevant to thermo-mechanical analysis. Test simulations were
first performed to verify that the thermo-mechanical simulations converged with the imported 3-D
temperature profiles. Minor issues during the interpolation related to round-off of the node positions
between the thermo-electrochemical output and the thermo-mechanical input had to be solved. The
inspection of the test results did not highlight issues except if local discontinuities in the temperature
field occur. Figure 59 shows the computed 3-D temperature profiles considered for the thermo-
mechanical analysis in the following sections. The profiles in co- and counter-flow with a same fraction
of pre-reformed methane (PR) are similar (see a. and b. in Figure 59). However, as expected, the
thermal gradients in counter-flow are higher in the z direction. A further relevant difference is observed
on the air outlet side, near the fuel manifold. The in-plane thermal gradients are also higher in counter-
flow, because of cooling by the endothermic steam-methane reforming reaction, which also moves the

peak of temperature in the active area towards the air inlet, compared to the co-flow case.
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Figure 59: Simulated temperature profiles for the conditions listed in Table 26: co-flow and fraction of pre-reforming (PR) of
0.5 (a), counter-flow and fraction of pre-reforming of 0.5 (b), 0.1 (c) and 0.99 (d). Only the lower MIC and cell are shown for

illustration purpose.

In a simplified view, the position of the peak of temperature along the air flow path in SOFC mode

follows a balance between internal sources due to electrochemical and chemical reactions and thermal
136



management by the air flow. It therefore differs in co- and counter-flow and depends on the fraction of
methane pre-reforming (PR). In counter-flow, it moves towards the air inlet for decreasing fractions of
methane pre-reforming, because the steam-reforming reaction is endothermic (see b, c and d in Figure
59). In co-flow, the steam-methane reforming can result in a minimum of temperature away from the
air inlet. This is not observed in the present simulated case with a pre-reforming fraction of 0.5. Higher
fractions of pre-reformed fuel also result in an increase of the footprint of the regions of high
temperatures, which is also higher in co-flow than in counter-flow, because cooling by air and steam
methane reforming occur on the same side.

First assessments of the risks of mechanical failures often rely on the analysis of the thermal gradients.
Inspection of the simulated maximum in-plane thermal gradients in the cell shows that they do
however not simply correlate with flow configuration and amount of methane pre-reforming. The
absolute values of the thermal gradients in the cell for the four temperature profiles are listed in Table
27. The maximum value is observed in co-flow in the air flow direction, whereas in counter-flow, it

scales proportionally (inversely) with the amount of pre-reforming in the z (x) direction.

Table 27: Maximum thermal gradients in the cells along the x and z directions for the four temperature profiles.

Co-flow Counter-flow  Counter-flow  Counter-flow

PRO.5 PRO.5 PRO.1 PR 0.99
[OT/0X | max (K/mm) 1.6 1.7 2.2 1.3
|0T/02 | max (K/mm) 3.0 2.2 1.3 2.5

The peak of the temperature is dependent on the profile of the current density. In a simplified view the
latter is governed by a balance between the local temperature and the fuel depletion along the path

[19].
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Figure 60: Current density in operation computed along the symmetry lines corresponding to the temperature profiles shown

in Figure 59.
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Figure 60 shows the current densities upon polarisation corresponding to the four temperature profiles
of Figure 59. In co-flow, because of the trade-off between temperature (i.e. highest at the air outlet)
and rich fuel mixture (i.e. highest at the air inlet), the highest current density is localised near the
middle of the active area. Conversely, in counter-flow and with PR of 0.5 and 0.99, the peak of current
density is in the region of the cell active area that is at high temperature, because the electrochemical
reactions are there facilitated by the hydrogen-rich fuel mixture together with the high temperature. In
counter-flow with a low fraction of pre-reformed methane of 0.1, the cooling effect is sufficient to
lower the temperature at the fuel inlet. Hence, the maximum current density is shifted towards the
centre of the active area.

Electrochemical degradation during operation at constant current density is not enabled in the thermo-
electrochemical model for the present study. The computed temperature profile therefore remained
constant over the simulated continuous polarisation. Another study [56] investigated the effects of
variations in the spatial distribution of temperature caused by electrochemical degradation. The results
suggest that the effects of electrochemical degradation on the thermo-mechanical behaviour of the
stack remain limited, compared to variations in the operation conditions during load following or that
expected from imperfect components, at least when the operation conditions are manipulated to
control the maximum solid temperature.

The thermo-electrochemical simulations show that variation of the operation conditions have a strong
effect on the features of the temperature profile, even with manipulation of the air flow to control the

maximum solid temperature that is in practice difficult to achieve.
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3.3 Overview of the thermo-mechanical results

This section provides a first overview of the simulation results. Trends qualitatively observed in all
simulated cases are presented using as reference the case of co-flow operation with modified periodic
boundary conditions and an ideal initial MIC geometry (“CO 0.5” “PBC” “Ideal MIC” and “Model v2”).
The results are presented for each component separately. The interactions and the effects of boundary
conditions, MIC pre-deformation, operating conditions and variations in modelling assumptions are

discussed in detail in Chapter 3.1.

3.3.1 Stress in the cell

The overall trends observed in the evolution of the stress in the cell layer during the simulated
sequence shown in Figure 53 are discussed. The 1% principal stress computed in the anode is shown in
Figure 61. The effect of i) the anode reduction and ii) the constraint of the sealant and GDL-fuel on the
cell leads to relevant changes in the stress in the anode between the points Al (stack assembly) and RT
0 h (i.e. end of the first thermal cycle). The computed stress state in the anode evolved from tensile
(about +20 MPa) to stress-free condition. The stress state at the end of the first and second thermal
cycle (points RT Oh and RT 10 kh, respectively) also remains similar. This result indicates that the effects
of thermal cycling dominate that of history during long-term polarisation. From a material viewpoint,
the stress state in the anode is less affected by creep than by the mismatch in CTE between the cell and

the other stack components.
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Figure 61: Evolution of the first principal stress (o;) in the anode (GDL-fuel side) and the manifold sealing during stack

assembly (A1-A3), thermal cycling (RT 0 h, RT 10 kh) and operation in co-flow with a fraction of pre-reforming of 0.5 (HT 0 h,
HT 10 h, HT 10 kh).

The first principal stresses in the active area of the anode increase upon reduction (points A2 and A3,
respectively for anode in oxidised and reduced state), from about +5 MPa to +9 MPa. This stress

increase is caused mostly by the interactions with the joined parts (i.e. the GDL-fuel and the MIC, on the
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lower side, and the electrolyte with the compatibility layer, on the top side) and the isothermal
shrinkage of the anode. Conversely, in the inactive region of the anode, the constraint of the GDC is not
present, hence the increase of stress is less pronounced.

Under polarisation, the stress state in the anode is a modulation of the point A3 by the inhomogeneous
spatial temperature distribution. Compared to A3 (uniform temperature of 1073 K), the region at the
air outlet (inlet) is higher (lower) in the point HT O h, i.e. at the start of the polarisation in co-flow.
Because i) of the constraint of the anode with the GDL-fuel and ii) the CTE of the GDL-fuel material
which is higher than that of Ni-YSZ, the higher thermal expansion of the GDL-air was constrained by the
anode. Hence, since the inlet region is colder at the point HT O h than in A3, the tensile stresses in the
anode are lower. The higher tensile stresses, i.e. at about +15 MPa, are located in the cell inactive area
surrounding the hottest region of the temperature profile in co-flow (see Figure 61). The reason is that
the surrounding inactive area is colder, and thus constrains the higher thermal expansion in the active
area.

Creep does not yield a monotonic relaxation of the stress in the anode. At the operation point HT 10 h,
the first principal stress in the anode first increases, since the SRU bent downwards as a consequence of
the different in-plane creep strain rates in the bonded components, see Paragraph 3.3.2, and this
increased the stresses in the lower face of the anode. Over the long-term, the stress in the anode is

however relaxed. The creep strain rate depends on stress and temperature.
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production (A1-A3), thermal cycling (RT 0 h, RT 10 kh) and operation in co-flow with a fraction of pre-reforming of 0.5 (0 h,
10 h, 10 kh).
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Therefore, the larger stress relaxations occurred in the regions of highest stress and temperatures over
the long-term polarisation, which are on the air outlet side. In the anode-supported cell configuration,
the thin YSZ and GDC are subjected to compressive shielding stress. Figure 62 provides an overview of
the effects of i) the assembly process (A1, A2 and A3) and ii) long-term polarisation in co-flow (HT 0 h to
HT 10 kh) and iii) thermal cycling (RT 0 h and RT 10 kh) on the third principal stresses in the electrolyte
and in the compatibility layer.

After the cell sintering (point Al in Figure 62), both the electrolyte and compatibility layer are under
compressive stresses, of about -600 and -20 MPa, respectively. The increase in tensile stress in the
anode upon its reduction (stress states A2-A3 shown in Figure 62) is compensated by a limited increase
of the compressive stresses in both the electrolyte and compatibility layer, by comparing the stress
state in points A2 and A3.

Upon polarisation, the compressive stresses decrease (increase) in the electrolyte (compatibility layer)
in the hottest region of the cell (i.e. at the outlet), see point HT Oh in Figure 62. The effects of creep are
relevant already during the first 10 h of polarisation. Then, the compressive stress in both layers are
largely relieved during the long-term polarisation, see point HT 10 kh in Figure 62. In this situation, the
compatibility layer is under compression only in a restricted region at the inlet, where creep strains
were limited by the lower temperatures, whereas the rest of the layer undergoes very low tensile
stresses (red region in point HT 10 kh in Figure 62). On the contrary, the compressive stresses in the
electrolyte are not completely relieved after the 10 kh under polarisation.

Since the CTE of Ni-YSZ is higher than that of both YSZ and GDC, the higher thermal shrinkage of the
anode upon cool down (i.e. from A3 to RT 0 h, and from HT 10 kh to RT 10 kh) results in beneficial
compressive stresses in the electrolyte and compatibility layer for the RT conditions. The magnitude of
the stress is however lower than initially.

The simulated tensile stress in the anode is low and not expected to lead to a high initial probability of
failure (see Paragraph 3.4.2), or long-term problems since microstructural analysis suggest that the
mechanical properties are expected to vary mildly upon aging (see Chapter 2.4). From a proof-testing
perspective, the pattern of the stress in operation does not change significantly and while the
magnitude of the stress increases during the beginning of operation, a strong dependence on operation
history is not observed for the simulated conditions. The decrease of the shielding stress in the YSZ
electrolyte and GDC compatibility layer is in contrast detrimental, but the present analysis does not
highlight a critical situation. The results however suggest that the vulnerability towards re-oxidation or

rapid changes in operation conditions may be practically lowered, which warrants follow-up studies.

3.3.2 Deformation profiles and stress in the MIC

The failure of the MIC itself is believed unlikely. This component still requires attention, because of its
contribution to the deformation of the repeating unit, therefore indirect contribution to contact or
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sealing issues. The MICs do not necessarily enforce the flatness of the repeating unit. Figure 63 shows
the simulated deformations in the y-direction along the symmetry line of the SRU during the
initialisation sequence (Figure 63-a) and the long-term polarisation in co-flow (Figure 63-b). After the
stack assembly (point A1), the SRU is slightly bent upwards because of the initial cell curvature resulting
from sintering. As described in Paragraph 3.1.4, the GDL-fuel and the MIC constrain the isothermal
shrinkage of the anode during its reduction. The in-plane stiffness of the GDL-fuel with the MIC is higher
than that of the bilayer electrolyte-compatibility layer. The shrinkage of the anode bent the SRU

downwards, compare point A2 (anode oxidised) with point A3 (anode reduced) in Figure 63.
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Figure 63: Evolution of the displacement in the y-direction along the x-axis (symmetry line) on the lower MIC during stack
assembly (a) and operation (b). (c) Schematics showing highly magnified view of the y-deformation at the start and after 10

kh of operation, with color-coded temperature.

The lower face of the anode is tied to the porous layer of the GDL-fuel. The CTE of the material of this
layer is higher than that of Ni-YSZ. The contact GDL layer is also tied with the GDL gas distribution, made
of Crofer 22 APU, which has a CTE lower than that of the contact layer, but higher than that of Ni-YSZ.
Upon cool down, the thermal shrinkage of the overall GDL-fuel is higher than that of the cell.
Consequently, the simulated SRU bent upwards, see point RT 0 h in Figure 63-b. Considering the higher
CTE of Ni-YSZ with respect to that of both YSZ and GDC, this upwards bending is further promoted. This
effect is observed not only during deep thermal cycles, but also for intermediate temperatures between
1073 K and RT (e.g. in the regions with temperatures below 1073 K in operation). It is worth mentioning
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that in this work, the gasket elements in cathode GDL account for only the through-the-thickness
mechanical behaviour, unlike the gasket fuel GDL (see Paragraph 3.1.1). The bending behaviour of the
SRU induced by mismatches in in-plane thermal expansions is thus governed by the components on the
fuel side.

The uneven spatial distribution of temperature during polarisation influences the bending of the SRU
along the flow path (i.e. x direction in Figure 63). In the region colder than 1073 K, i.e. for dimensionless
x between 0 and 0.6, approximately, the SRU bends upwards, because of the same effect described
before for thermal cycling. For dimensionless x between 0.6 and 1, the temperatures are higher than
1073 K. Hence, the effect of the CTE mismatch is reversed compared to that described upon thermal
cycling, and the SRU tends to bend downwards. The bending effect is not linear with temperature: for
example at x=0.3, the temperature difference between 1073 K and temperature profile at polarisation
is about 5%, whereas the y-displacement at the point HT Oh is 45% of that at RT Oh (Figure 63-b). This
nonlinearity is caused supposedly by the temperature-dependence of the thermo-elastic properties of
the SRU materials and the modified periodic boundary condition formulation.

Creep in the SRU materials modifies the deformation profile during long-term operation. However,
after the first 10 h of polarisation, the y-displacement decreases by about 5%, followed by an opposite
trend in the long-term, i.e. the y-displacement increases by 50%. This behaviour is ascribed to the
different in-plane creep strain rates of the bonded components (because of contrast in material
properties), which relaxes the stresses in the components at different rates. Since creep was disabled
for thermal cycling, the evolution of the y-displacement between the heat-up from the point RT 0 h to
HT 0 h and the cool down from point HT 10 kh to RT 10 kh is symmetric but offset by the increase of y-

displacement upon long-term polarisation (compare points RT Oh and RT 10kh in Figure 63).
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Figure 64: Evolution of the von Mises stress (Oy;s.s) in the lower MIC during thermal cycling (RT 0 h-RT 10 kh) and operation
in co-flow with a fraction of pre-reforming of 0.5 (HT 0 h, HT 10 h, HT 10 kh).
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For all the simulated cases, rate-independent plastic deformation is not observed in the dense metallic
components of the modelled SRU. The Von Mises stresses for both RT conditions, i.e. 0h and 10kh (see
Figure 64) are well below the yield strength of the Crofer 22 APU (248 MPa at RT). In these conditions
plastic deformation is very unlikely to occur, even with potential changes or variations in mechanical
properties or operating conditions compared to those implemented in the SRU model. Similarly, under
polarisation in co-flow, the maximum Von Mises stress is approximately half of the yield strength of
Crofer 22 APU at the maximum stack temperature of 1100 K (39 MPa). The Von Mises stresses in the
MICs upon the initialization sequence were lower than the values shown in Figure 64, thus not shown.
The peak of stress at RT 0 h (see black circles in Figure 64) arise from different effects of the cell and
sealants on the MIC, because the upwards bending of the cell upon cool down deforms the MIC on the
corresponding region, whereas the bending of the fuel manifold region is constrained by the manifold
sealants. Upon polarization in co-flow, the region at highest temperatures, i.e. at the outlet, undergoes
compressive stresses, because the higher thermal expansion of this MIC region is constrained by the
colder neighbouring regions. As a consequence, tensile stresses develop in these colder regions (see red
circles in Figure 64). Conversely, the stresses in the hottest region are not significantly high because of i)
lower elastic modulus, due to the higher temperature and ii) high temperatures spread over a relatively
large region. The inhomogeneous Von Mises stress pattern was not analysed in detail, because it is not
believed to result in mechanical issues. It may arise from the strong dependence between temperature
and elastic modulus of metals.

Creep relaxed the stresses in the metallic components during polarisation. After 10 h (point HT 10h in
Figure 64) the stresses decrease slightly. However, the creep constitutive law implemented in the SRU
model included only the secondary regime. Hence, it is expected that in reality the contribution of
primary creep would have relaxed the stresses by a larger amount. At the end of the long-term
polarisation (point HT 10 kh in Figure 64) the stresses in the metallic components are almost completely
relaxed. Because of the strong dependence of temperature on creep strain rate, the stress relaxation is

larger in the hottest region.

3.3.3 Contact pressure at the interfaces between the cell and
GDLs

Contacting imperfections are likely to occur in a large SOFC stack and affect the performance. The
capability for the quantifying and predicting of partial loss of electrical contact on the long-term
performance is to our knowledge not yet established, but believed to be of central relevance. The
following discussion is based on the analysis of the evolution of the contact pressure during the

simulated sequence. The contact pressure simulated at the interface between the cell and the fuel and
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air GDLs is shown in Figure 65. The contact pressure on both interfaces is the combination of both the

assembly force and interaction with the manifold sealants.
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Figure 65: Evolution of the contact pressure (0,,.;) on the anode (left) and cathode (right) sides during stack assembly (A1-
A3), thermal cycling (RT 0 h, RT 10 kh) and operation in co-flow with a fraction of pre-reforming of 0.5 (HT 0 h, HT 10 h, HT
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10 kh). The temperature profile is shown at the top right.

As expected and desired, the spatial distribution of the contact pressure computed for the cathode side
mostly mirrors that for the anode side. The slight variations near the cell edges are due to the
mechanical interaction with the cell sealing.

The contact pressure on the active area after the application of the assembly load is about 0.48 MPa.
Under these conditions, the manifold sealants are in mild traction. This situation is a modelling artefact,
because the pressure-overclosure relationships in “Model v2” include a clearance at zero contact
pressure, which causes an artificial opening of the contact interfaces on the active area between the
GDLs, cell and MICs. The contact pressure at the interface between manifold sealant and MIC at the
condition Al is about -5 MPa (interface in traction).

After the sealants curing in the initialization sequence (see Paragraph 3.1.6), the artificial creep strain
relaxes the stresses in the manifold sealants, leading to a contact pressure at the interface between the
manifold sealant and MIC of about -2 MPa (interface in traction). This reduction is also due to a
modification of assembly force (see Paragraph 3.1.6). In these conditions, the contact pressure on the
active area was 0.31 MPa. In the point A3, i.e. after anode reduction and 10 h at 1073 K, creep relaxed

further the artificial stresses in the manifold sealants, and the contact pressure on the sealants became
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about -1.5 MPa. In these conditions, the contribution of tensile stresses in the manifold sealants on the
contract pressure on the active area is still not negligible, i.e. the contact pressure on the active area
(about 0.19 MPa) is supplied both by the manifold sealants and by the assembly force. Contact pressure
simulated in steps A1-A3 are therefore an overestimation of the reality, but the main outcome is that
the design does not result in strong in-homogeneity of the contact pressure in the contact area during
the assembly and heat-up, despite the bending of the SRU (see Paragraph 3.3.2) which is beneficial for
the last step of the stack fabrication.

After the first thermal cycling to RT, the contact pressure on the active area (on the manifold sealants)
decreases (increases) from 0.19 to 0.14 MPa (from -1.5 MPa to -0.8 MPa). These variations are caused
by the CTE mismatch between the glass-ceramic (i.e. the manifold sealants), the GDLs and the cell (see
Paragraph 3.1.1 for the values of CTE). Assuming that at the point A3 (1073 K) the thickness of the
manifold sealant is equal to the sum of the thicknesses of both GDLs and cell, upon cool down to RT

(point: RT 0 h) the GDLs shrinks by a larger amount than the sealant, see Figure 66.
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Figure 66: Schematic of the thickness variation of the manifold sealant, GDLs and cell because of thermal shrinkage upon

cool down. Dashed and continuous line depicts the components at HT and RT conditions, respectively.

Since the assembly force on the stack remains unchanged, the different thermal shrinkages caused the
contact pressure to decrease on the active area (see Figure 65) and to increase on the manifold
sealants. Regions of high contact pressure (in Figure 65, the red ribs of about 0.5 MPa) are found on the
edges of the anode contact interface, after both the first and the second thermal cycles. This is ascribed
to a change in cell curvature in the inactive transition region between the active and sealing area,
because the upwards bending of the cell upon cool down is constrained on the inactive area by the cell
sealant.

Upon polarisation in co-flow, the thermal expansion of the GDLs is higher than that of the manifold
sealants at both the air inlet and outlet regions, because i) the CTE of the GDLs materials are higher
than that of the glass-ceramics and ii) the active area is hotter than the manifold regions. These two
contributions control the contact pressure on the active area upon polarisation, because in comparison
with the condition A3 (uniform temperature of 1073 K) the contact pressure increases at the outlet (i.e.
T>1073 K), whereas it decreases at the inlet (i.e. T<1073 K). However, the zones of highest contact

pressure at HT 0 h do not correspond to the highest temperature, because of the trade-off between the
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decrease of the elastic properties with the temperature increase and higher contact pressures for larger
mismatches of thermal expansion. In these conditions, the contribution to the higher contact pressure
at the outlet is given in part by the assembly force, and in part by the manifold sealants in tension.
Upon long-term polarisation, creep in both the glass-ceramic and in the GDLs materials, among others,
monotonically relax both the compressive stresses in the GDLs and the tensile stresses in the manifold
sealants. The decrease of contact pressure is significant in the first 10h of polarisation, see point HT 10
h in Figure 65. However, this decrease would be expected faster if primary creep was included in all the
material constitutive laws of the SRU model.

Because of the strong dependence of the creep strain rate on the temperature, the contact pressure
decreases more rapidly near the air outlet than the inlet region: after 10 h of polarisation, the contact
pressure at the outlet is already similar to that at the inlet. In the long-term i) the higher creep strain
rates because of the higher temperature lead to contact pressure at the outlet region lower than at the
inlet, i.e. the opposite pattern from the start of the polarisation (point: HT 0 h), and ii) the mean contact
pressure on the active area would converge to the value given by only the assembly force without the
effect of the sealants, around 0.12 MPa.

After the second thermal cycling (point RT 10 kh) the contact pressure decreases, for the same reasons
as in the first thermal cycling (point: RT 0 h). However, the contact pressure before the cool down was
lower in HT 10 kh than in A3. As a result, in the second thermal cycle the contact pressure in RT 10 kh
was almost lost on a large region of the active area. This showcases an undesirable situation, because
the region affected first by a loss of contact pressure corresponds to that of highest current density (see
Chapter 3.2). Compared to RT O h, the contact pressure is also less uniform at RT 10 kh. The reason is
that, similarly to the heat-up for the start of polarisation (point: HT Oh), the difference in thermal
shrinkage upon cool down between the GDLs and the manifold sealants is larger at the outlet, because
the outlet of the active area is hotter than the inlet. As a result, the outlet region is at lower contact
pressure than at the inlet, and the manifold sealants support about 80% of the assembly force.

The simulations indicate that ensuring a constant and uniform contact pressure at the interface
between the cell and GDLs is a challenge. The effect of history is observed and suggests that the risk of

contact issue can be expected to increase upon operation, during thermal cycling.

3.3.4 Sealing

The achievement of gas tightness throughout the whole life of a stack remains a challenge. Glass-
ceramic materials provide better sealing performance, at the cost of increased risk of failure, in
particular during thermal cycling. The evolution of the sealing stress state at room temperature is
discussed in the present section using the cumulative density function of the opening and shear
component of the stress tensor at the interfaces. The cumulative density function of the simulated
opening and norm of the shear stress components in the manifold sealing during thermal cycling are
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shown in Figure 67. Before the simulation of the long-term polarisation (i.e. until point RT 0 h), the
temperature over the whole SRU is uniform. Hence, the stress cumulative distributions are identical for
both the inlet and outlet manifold sealants, because they share the same geometry and mechanical
properties. In contrast, the temperature at the outlet manifold sealant is higher than that at the inlet
side during operation, thus also the stresses and the creep strains differ between the two manifold
sealants. Before the first thermal cycling, the stack is at the uniform temperature of 1073 K. Upon cool
down to RT, the opening stresses increases both in compression and in tension, respectively from -6
MPa to + 13 MPa. This tensile stress is well below the normal strength measured experimentally for
G18 [147], i.e. about 79 MPa at RT. The tensile and compressive stress are located respectively at the
inner and outer side of the manifold sealant, and they vary monotonically along the sealant width. The
tensile stresses are caused by the local bending of the MIC in the region at the interface with the

manifold sealant.

a. = b. , .
0.9 |
~~RTOh 09 09
508 To08 1 08
= X
£0.7 20.7 {2
z T~RT 10 kh 2 527
506 A ' 506 1 §o06
Q.5 air inlet a
o 0 05 | 005
s B >
5 14 ©04 | §o4
go03 I FL 03 | Eo3
302 air outlet B o | @og
0.1 0.1 | 041
0 — - - 0 0
-10 -5 0 5 10 15 0 5 10 15 20 0 5 10 15 20
a,, (MPa) |0l (MPa) |05 (MPa)

Figure 67: Cumulative density functions of the opening (a) and norm of the shear components (b) of the stress at the
interface between the manifold sealing and the MICs during thermal cycling. Dots: RT 0 h, inlet and outlet, red: RT 10 kh air
inlet, blue: RT 10 kh air outlet. Co-flow, fraction of pre-reforming of 0.5.

The two components of shear stresses at the interface between the manifold sealing and MICs (g4, and
0,3) are expected very similar, because they both root from the CTE mismatch between the glass-
ceramic and Crofer 22 APU. The pattern of the cumulative density functions of both the opening and
shear stress components between the first and second thermal cycle are very similar. This suggests that
the stresses in the manifold sealants are not substantially affected by the long-term polarisation; rather
the mismatch in thermal expansion from operation to room temperature controls the stress state.

The two shear stress components are however lower for the manifold sealant interface at the inlet side.
The reason is that upon cool down (during the second thermal cycling RT 10 kh), the temperature
variation between polarisation condition and RT is higher for the hotter air outlet manifold sealant,
consequently the difference in thermal shrinkage between the MIC and sealant is higher. However, the
shear stresses for the outlet side manifold sealant between RT 10 kh and RT 0 h (both manifold
sealants) are very similar, because the elastic modulus of the materials decreases with temperature
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increase. Hence, at higher temperatures the CTE mismatch between the materials affects the stresses
by a lower extent.

Figure 68 shows the cumulative density functions of the uniaxial stress components along the x (o11)
and z (o33) directions in the manifold sealants. At RT, both manifold sealants undergo high compressive
stresses, because the CTE of glass-ceramic is lower than Crofer 22 APU. For the same reason as for the

shear stress components, also the uniaxial stress components for the outlet side manifold sealant

between RT 10 kh and RT 0 h (both manifold sealants) are similar.
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Figure 68: Cumulative density functions of the uniaxial components of the stress in the manifold sealing during thermal
cycling. Dots: 0 h, inlet and outlet, red: 10 kh air inlet, blue: 10 kh air outlet. Co-flow, fraction of pre-reforming of 0.5.

At 1073 K, both the shear stresses at the interface with the MICs and the opening component of the
stress are similar. However, upon polarisation the inlet and outlet manifold sealants are exposed
respectively to lower and higher temperatures than 1073 K. These temperature variations from the
1073 K condition result in the shear and opening stresses shown in Figure 69 for the HT O h condition.

At the point 3 (1073 K), the shear and opening stress components are between the red and blue dots

The magnitude of these stresses is however relatively low.
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Figure 69: Cumulative density functions of the opening (a) and norm of the shear components (b) of the stress at the
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Upon constant long-term polarisation, creep relaxes the stresses, and the manifold sealants become
practically stress-free (see HT 10 kh condition in Figure 69). Figure 70 shows the cumulative density
functions of the opening and of the norm of the shear stress components in the cell sealant. The cell
sealant bonds on one side the MIC and on the other the inactive area of the cell, thus it constrains
these components predominantly along the in-plane directions. The opening stress component
increases slightly between the first (RT 0 h) and second thermal cycle (RT 10 kh). However, the locations
where the stress increases are the fillets of the sealant, where the accuracy of the numerical solution

may have been affected by relatively high aspect ratio of the mesh elements in that region.
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Figure 70: Cumulative density functions of the opening (a) and norm of the shear components (b) of the stress at the
interface between the cell sealing, the MICs and the cell during thermal cycling. Black: RT Oh, grey: RT 10 kh air. Co-flow,

fraction of pre-reforming of 0.5.

The two shear stress components between the interface of the cell sealant with the MIC and the cell do
not show significant variation between the two thermal cycles. Similarly to the manifold sealants, the
stresses in the cell sealant are not affected significantly by the constant long-term polarisation. The
interface between cell sealant and MIC induced higher shear stresses than at the interface between cell
sealant and cell, because the CTE mismatch between glass-ceramic and Crofer 22 APU is larger than
that between glass-ceramic and Ni-YSZ.

The present analysis based on averaged metrics does not detect a worsening of the stress state at the
sealing interface, therefore of the risk of failure assuming that the bulk and interfacial properties do not
degrade significantly. In the case of uniform property degradation, the situation is expected more
critical for the air outlet manifold sealing, which has oppositely lower (critical) implication in co-flow

and counter-flow, in the case anode-gas recovery is not needed.
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3.4 Analysis of the effects of pre-deformation, operation

conditions and model formulation

This section extends the overview provided in Chapter 3.3 for a single model version (“Model v2” with
modified periodic conditions) and operation (co-flow with a fraction of pre-reforming of 0.5). The
discussion is extended to the effects of MIC pre-deformation (Paragraph 3.1.5), variation in the
operation conditions (Paragraph 3.1.6) and variations in model assumptions and formulation
(Paragraph 3.1.4).

3.4.1 Contact pressure

3.4.1.1 Difference between model assumptions

The cumulative density function of the contact pressure at the interface between the anode and fuel
GDL during operation combined with thermal cycles is shown in Figure 71 for the operating points of

the long-term polarisation combined with thermal cycling.
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Figure 71: Cumulative density functions of the contact pressure at the interface between the anode and fuel GDL for the
points RT 0 h (end of first thermal cycle), HT 0 h (start of polarisation), HT 10 kh (end of long-term polarisation) and RT 10 kh
(end of second thermal cycle after long-term polarisation in co-flow with a fraction of pre-reforming of 0.5). The model
version is “v2” if not indicated. Case of ideal MICs
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The effects of the differences between “Model v1” and “Model v2” in terms of boundary conditions and
sealant thickness are presented. Before the first thermal cycle (point A3, i.e. at a uniform temperature
of 1073 K), the mean contact pressure at the anode contact interface computed by the “Model v1” is
0.15 MPa. This contact pressure is completely supplied by the assembly force. In the case of “Model
v2”, the artificial residual stresses in the manifold sealants are not completely relaxed, despite the hold
time, thus the mean contact pressure for 0.7 and 0.2 mm thick sealant is 0.19 MPa and 0.21 MPa,
respectively.

After the first thermal cycle (point RT Oh), the contact pressure distribution shifts towards negative
values for both the “Model v1” and “Model v2”. The larger decrease of contact pressure for the “Model
v1” was unexpected, since almost the whole cell interface undergoes tensile stresses. The difference
compared to “Model v2” is the elastic properties of the GDLs. In particular, all GDLs in “Model v1” used
the arbitrary value of 0.1 as isotropic Poisson’s ratio. Instead, the anisotropic Poisson’s ratios of the
GDLs materials in “Model v2” obtained from computational homogenisation are very close to that of
the bulk material, i.e. around 0.3. Because of the SRU bending upon cool down, the GDL air and the
GDL fuel are respectively in compressive (about -15 MPa) and tensile stresses (about +15 MPa) along
the in-plane directions. Since the GDL-air is 40% thicker than the GDL-air, along the y-direction (i.e.
stacking direction) the elastic expansion of the GDL-air is larger than the elastic shrinkage of the GDL-
fuel, and this contributes to increase the contact pressure on the active area. Because of the lower
Poisson’s ratio in “Model v1” (compared to “Model v2”), the elastic expansion of the GDL-air along the
thickness upon cool down is lower. Hence, the elastic expansion of the GDL-air along the thickness is
not sufficient to compensate the difference in thermal expansion between the GDLs and the manifold
sealants caused by the cool down. As a result, the loss of contact pressure is higher than in “Model v2”
and equal to about 0.25 MPa. The “kinks” observed in the cumulative density functions at high contact
pressure are found only on the second version of the SRU model. They arise from the change in cell
curvature in the transition zone from the inactive zone (bonded to the cell sealant) to the active area
(see Chapter 3.3), which is pronounced in the second version of the model because of a through-the-
thickness stiffness component of the material of the fuel GDL about four times higher than in the first
version of the SRU model.

In the “Model v2” the reduction of sealant thickness is implemented without modifying the SRU
thickness. Since the CTE of Crofer 22 APU is higher than that of the glass-ceramic, the difference in the
through-the-thickness thermal shrinkage between the manifold sealants region and the GDLs upon cool
down from point A3 to RT is lower when the thickness of the manifold sealants is 0.2 mm instead of 0.7
mm. It results in a contact pressure on the anode about higher 0.05 MPa for the case of 0.2 mm thick
manifold sealants.

Upon heat-up to the temperature profile of polarisation (Figure 59), the mean contact pressure as well

as the spread in distribution computed by “Model v1” and “Model v2” increase, because the difference

152



of the through-the-thickness thermal shrinkage between manifold sealants and GDLs differs between
the outlet and inlet sides, see discussion in Chapter 3.3. About 70% of the contact interface in “Model
v1l” switches from negative to positive contact pressure (see Figure 71 and Figure 82), which is
beneficial, even though the initial situation (RT 0 h) is undesirable. The tensile stresses at the interface
are located in the inlet region.

During long-term polarisation (150 h and 10 kh for “Model v1” and “Model v2”), stress relaxation by
creep in all materials redistributes the contact pressure at the cell surfaces. As a result, the negative
contact pressure simulated in “Model v1” is almost completely recovered, whereas in the case of the
“Model v2”, the contact pressure decreases by about 40% compared to HT O h. After the second
thermal cycle to RT, after HT 150 h and HT 10 kh for “Model v1” and “Model v2”, respectively, about
70% of the anode side interface is under tensile stress, located in the middle and outer regions, i.e.
where the temperature upon polarisation is the highest (see Figure 82). The larger difference in mean
contact pressure between 0.2 and 0.7 mm thick manifold sealants is caused, similarly to the first
thermal cycle, by the larger thermal shrinkage with thinner sealant and thicker metallic spacer.

For all operation points, the effects of the boundary conditions on the distribution of the contact
pressure are close to negligible, by comparing the contact pressure distributions between PBC and FBC
in Figure 71. This result suggests that the variations in the magnitude and shape of the y-deformation of
the repeating unit are not sufficient to change the main effects that govern the distribution of the
contact pressure. A further consequence is that as discussed in Chapter 3.3, the discussions apply to the

contact pressure on the cathode side, which mirrors that on the anode side.

3.4.1.2 Effect of operation conditions

The effects of variations in the operation conditions on the distribution of the contact pressure at the
interfaces between the anode and the fuel GDL and between the cathode and air GDL are shown in
Figure 72 for the points HT 0 h (start of polarisation), HT 10 kh (end of long-term operation) and RT
(thermal cycle at the end of long-term polarisation). The cumulative distribution of the contact pressure
distribution for the RT 0 h is shown as reference in the RT plots in Figure 72.

Since upon heat-up the cell deflection decreases (as explained in Paragraph 3.3.2) and the thickness of
the GDL-fuel increases because of thermal expansion, the contact pressure between the inactive area
of the cell (constrained by the cell sealant) and the GDL-fuel is partially recovered, compare plots for
the anode side between RT and HT 0 h for values of the contact pressure close to zero.

The trends observed for the other points are discussed with the help of Figure 73, which provides the
evolution of the mean and standard deviation of the contact pressure at the interface between the
cathode and air GDL. The values of mean contact pressure at about 0.31 MPa (the first two points) and

at point A3 (i.e. start of the first thermal cycle) were discussed in Paragraph 3.3.3 and affected by
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modelling artefacts. Since the temperature is uniform until the point RT 0 h, the contact pressure on

the active area is practically homogenous.
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Figure 72: Cumulative density functions of the contact pressure at the interface between (a) the anode and the fuel GDL and
(b) the cathode and the air GDL for the four considered operation conditions, at the operating points at RT (end of both first
and second thermal cycles), HT 0 h (start of polarisation), HT 10 kh (end of long-term polarisation). Case of ideal MICs,

modified periodic boundary conditions, “Model v2” with 0.7 mm sealants.

Upon heat-up to the temperature profiles of polarisation, i.e. from RT 0 h to HT O h, the contact
pressures on both the anode and cathode sides become less homogeneous, see Figure 72 and the
standard deviation in Figure 73. Since the contact pressure during polarisation is largely governed by
the difference in the through-the-thickness thermal expansion between the manifold sealants and the
GDLs, at the start of polarisation (HT 0 h) the highest mean contact pressure on the active area occurs
in counter-flow with PR=0.1, because compared to the other polarisation conditions, the difference
between the mean temperature on the active area and that on the manifold sealants is the largest (in
practice, this is the case where the manifold sealants are much colder than the active area), see Figure
74. For four investigated thermo-electrochemical operation conditions, the mean of the contact
pressure decreases and converges in the long-term to a value of about 0.12 MPa, which is close to a

contact pressure corresponding to the assembly force on the stack considered for the simulation, i.e.
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the contribution of the manifold sealants on the contact pressure is negligible, because of creep

relaxation in the materials.
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Figure 73: Evolution over the operation points of the mean (a) and standard deviation (b) of the contact pressure at the
interface between the cathode and air GDL during assembly (A1-A3), operation (HT 0 h — HT 10 kh) and thermal cycling (RT
Oh, RT 10 kh) for the four considered operating conditions cases (co-flow with PR=0.5, counter-flow with PR=0.1, 0.5 and
1.0). Case of ideal MIC, modified boundary conditions, “Model v2”.

For the same reason, the standard deviation of the contact pressure also decreases, but more rapidly in
co-flow with PR of 0.5 and counter-flow with PR of 0.5 and 1.0, because the higher temperature at the
outlet manifold sealants facilitates stress relaxation by creep in the glass-ceramic material. This
behaviour towards convergence for the mean, accompanied with a decrease in standard deviation is
also apparent in Figure 73.

In the second thermal cycle from HT 10 kh to RT 10 kh, the mean contact pressure decreases for all four
cases of polarisation, approaching a zero contact pressure condition at the interface. For the same but
reversed reasons explained above for the heat-up from RT 0 h to HT O h, the decrease of the contact
pressure after the second thermal cycle is the highest for the counter-flow case with PR of 0.1. In the
same operation condition, the difference in the mean temperature between inlet and outlet manifolds
is lower than in the other polarisation cases. As a consequence, the contact pressure becomes more
homogenous upon the second thermal cycle from HT 10 kh to RT 10 kh.

The relationship between polarisation conditions and simulated mean contact pressure on the active
area is illustrated in Figure 74. The four investigated cases of polarisation conditions (CR 0.1, CR 0.5, CO
0.5 and CR 1.0) yield variations in the difference between the mean temperature in the active area and
the manifold regions. With increase of the fraction of methane pre-reforming (for the three counter-
flow cases), the mean temperature between the active area and manifold sealants decreases. As a
result, the mean contact pressure on the active area at the start of polarisation decreases.

The metric is as expected limited to first estimate discussion. The results for the co-flow case with

PR=0.5 deviate from the trend observed in the three cases on counter-flow. A main reason is that this
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polarisation condition results in a difference between the mean temperature between outlet manifold

and active area lower than in the analogous case of counter-flow (i.e. with PR=0.5).
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Figure 74: Relationship between the mean of the contact pressure on the cathode gas diffusion layer and the difference
between the mean temperature in the active area and manifold sealant for varying operating conditions during thermal
cycling (RT) and operation (HT 0 h and HT 10 kh). The dashed lines are not computed but provided as visual guides. Modified

periodic boundary conditions, case of ideal MICs. The temperature profiles on the right are repeated from Figure 59.

This is noticeable by the lower AT for the co-flow case compared to counter-flow with PR=0.5, see
Figure 74. As a result, the difference in the through-the-thickness thermal expansion between the outer
manifold sealants and outer region of the GDLs is lower and so the mean contact pressure.

During long-term polarisation, the tensile stresses in the manifold sealants, generated by the difference
of the through-the-thickness thermal expansion upon heat-up between manifold sealants and GDLs are
relaxed by creep in both the glass-ceramic and GDLs materials. Hence, in the long-term polarisation
(see point HT 10 kh in Figure 74) the mean contact pressure on the active area (0.12 MPa) is not
affected by the manifold sealants, and converges to that equivalent to the assembly load.

After the second thermal cycle (point: RT 10 kh), the mean contact pressure for the four polarisation
cases decreases, because the through-the-thickness thermal shrinkage of the GDLs is higher than that
of the manifold sealants, and thus, compared to the condition HT 10 kh, part of the assembly force is
transferred to the manifold sealants. The SRU simulations do not take into account creep deformation
upon heat-ups and cool downs. This explains the symmetry in trends in the evolution of the mean
contact pressure on the active area between HT 0 h and RT 10 kh conditions.

The tensile stress on the manifold sealants is caused by the difference in the through-the-thickness
thermal expansion between manifold sealants and GDLs during the heat-up from RT to the temperature
profile of polarisation, which is not the same at the inlet and outlet. Figure 75 shows the contact
pressure at the interface between manifold sealants and MIC for the point HT 0 h, which directly affects
the through-the-thickness stress component of the manifold sealants, for both co-flow and counter-

flow cases, with PR equal to 0.5 and 0.1, respectively.
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Figure 75: Contact pressure on the air inlet (left) and outlet (right) manifold sealants at the start of operation in co-flow with
a methane pre-reforming fraction of 0.5 (upper) and counter-flow with a pre-reforming fraction of 0.1 (lower). Modified

periodic boundary conditions without MIC pre-deformation.

The region of the MIC corresponding to the manifold sealant is unconstrained along the stacking
direction, and can thus bend. Upon heat-up, the manifold sealants are subject to tension, thus the local
bending of the MIC is the cause of negative (positive) contact pressure at the outer (inner) side of the

manifold sealant, as shown in Figure 75.

3.4.1.3 Effect of MIC pre-deformation

The previous discussions apply for the case of ideal MIC, i.e. that has an initial gecometry identical to the
computer-aided design model. The present section analyses the effect of pre-deformation, following
the description of the cases in Paragraph 3.1.5.

The deformations simulated by the SRU models comprising as computational domains two units and
the MIC pre-deformation profiles (2Def00, 2DefA and 2DefB) are illustrated in Figure 76 in highly
magnified 3-D views (for the cases 2DefA and 2DefB, only the PBC model versions are shown). The
shape follows overall that of the pre-deformation (compare with Figure 52). Figure 77 further provides

2-D time-lapse plots of the evolution of the SRU deformation profile along the symmetry line until the
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first thermal cycling for the simulations comprising the pre-deformed MIC profiles. That of simulated

for ideal MICs is provided for comparison.

CO, 0.5, HT 10 kh CO, 0.5, HT 10 kh

CO 0.5, HT 100 h

Figure 76: Highly magnified view of the simulated deformation with different MIC pre-deformation profiles. Two units
computational domain, co-flow operation with a methane pre-reforming fraction (PR) of 0.5 and modified periodic
boundary conditions. Pre-deformation profiles (a) 2Def00 after 150 h of operation (“Model v1”), (b) profile 2DefA, (c) profile
2DefB, both 10 kh of operation in “Model v2”.
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Figure 77: Evolution of the displacement in the y-direction along the symmetry line, before (A3) and after (RT O h) the first
thermal cycle and at the start of operation in co-flow with a methane pre-reforming fraction of 0.5 (HT 0 h) for varying MIC

pre-deformations (shown in inserts), PBC. The first plot refers to the ideal (flat) MIC case.

The y-deformation behaviour of the repeating unit does not show evolution in the same pattern during
operation point (A3, RT 0 h and HT 0 h). The observation applies for all MIC shapes, whereas the
158
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amplitudes vary differently upon thermal cycling. The largest variation occurred in the 2DefB case,
possibly because the initial shape of the middle MIC favours the downwards bending of the SRU. Since
at the start of polarisation (point HT 0 h) the outlet side of the SRU is hotter, and the elastic properties
of the materials decrease with the temperature increase, the displacement in the y-direction in that
region approaches that of the A3 condition by a larger extent, compared to the inlet side. Compared to
the SRU models with ideal MIC, MIC pre-deformation results in changes in the shape of the distribution
of the contact pressure but not in the mean value (not shown).

Before the first thermal cycle, the distribution of the contact pressure simulated by the SRU models for
the MIC pre-deformation profiles 1DefA and 1DefB corresponds to that computed with ideal MICs (see
Figure 78), because i) the lower stiffness of the GDLs at high temperature flattens the peaks of contact
pressure at the interface and ii) the bending stiffness of both the cell and GDLs is relatively low. At the
same operating point, the distribution of the contact pressure simulated by the SRU models with MIC
pre-deformation profiles 2DefA and 2DefB is slightly more spread than that computed with ideal MIC
(see Figure 78). Here, the lower stiffness of the GDLs at high temperature is also expected to flatten the
peaks of contact pressure at the interface. For this point, the effect of the shape of the pre-deformed
MICs on the contact pressure remains practically limited. The spread of the distribution of the contact
pressure on the active area for the simulations of the “Model v1” with pre-deformed MIC profile
2Def00 is relatively large and comparable with those simulated by “Model v2”. The mean contact
pressure is however lower, despite the higher assembly load, because in the case of “Model v2” the
artificial residual stresses in the manifold sealants are not completely relaxed (see Paragraph 3.3.3),

hence they contributed to increase the contact pressure.
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Figure 78: Cumulative density functions of the contact pressure at the interface between anode and GDL-fuel before the first
thermal cycling (point: A3) for (left) a computational domain comprising on unit, pre-deformed MICs and modified PBC and

(right) two units computational domain, pre-deformed MICs, modified PBC and enforced flatness (FBC).
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Figure 79 shows the distribution of the contact pressure on the anode side after the two thermal cycles
(i.e. RT 0 h and RT 10 kh). In the case of SRU models with one unit computational domain and identical
MIC pre-deformation on the upper and lower MICs (i.e. cases 1DefA and 1DefB), the contact pressure
distribution is practically unaffected by the imposed MIC pre-deformation (compared with the ideal
MIC case), because the bending stiffness of both the cell and GDLs is relatively low. Increased
deviations between the ideal and MIC pre-deformation cases are observed after the 1* thermal cycle.
The cumulative density of the contact pressure distribution is noticeably modified in the case of SRU
models with two units computational domain and MIC pre-deformation. In the “Model v1” with the
MIC pre-deformation 2Def00, the spread of the distribution at the point RT 0 h is much larger than at
the point A3 (Figure 78). However, the contact pressure is lost on about 30% of the active area,
whereas in the case of ideal MIC the loss was on the whole interface. After polarisation followed by

shut down, the distribution becomes narrower than that after the first thermal cycle, because of creep

during polarisation.

1 _ 1 T T
09l RTGh 09 RTOh g
=08 <08 ° /
2
2 0.7 £0.7
306! i §0.6
Qo )
0 0.5 0 0.5 /A
2 >
F04 504 o
£03 £0.3 g
7=} =
30.2 1 302
0.1 ‘ 0.1
0
-0.1 0 0.1 02 03 04 -01 0 0.1 02 03 04
Contact pressure (MPa) Contact pressure (MPa)
1 - , 1
/‘
09 RT10kh ( 09! RT 10 kh e
L
0.8 038+ d
2 2
£0.7 £0.7
T 0.6 T 0.6
) )
0 0.5 0 0.5
= =
04 504}
> = 0 |deal
E03  Ideal E 03} = 2 SRU, FBC, 2DefB
O0.2 _ 1SRU, PBC, 1DefB 00.2 5 2 SRU, FBC, 2DefA
01 — 1SRU, PBC, 1DefA 01! 7 . 2SRU, PBC, 2DefB
; | 2 SRU, PBC, 2Def00 '0 2 SRU, PBC, 2DefA
0 ; .
-0.1 0 0:1 0.2 0.3 -0.1 0 0.1 0.2 0.3
Contact pressure (MPa) Contact pressure (MPa)

Figure 79: Cumulative density function of the contact pressure at the interface between anode and GDL-fuel before the first
thermal cycle (point: A3) for (left column). one unit computational domain, pre-deformed MICs and modified PBC and (right
column) two units computational domain, pre-deformed MICs, modified PBC and enforced flatness (FBC).
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The effect of the pre-deformed MIC shape (2SRU-Def01 and 2SRU-Def02) is more pronounced with
enforced flatness than modified periodic boundary conditions, because the periodicity between upper
and lower MIC seems to help accommodating for the MIC pre-deformation. Figure 80 aims at
quantifying the changes in distribution that can be assessed qualitatively in Figure 79. In the SRU
models 1SRU-Def01 and 1SRU-Def02 the standard deviation of the contact pressure is negligibly
affected by the MIC pre-deformation, see Figure 80 (left-hand side), as a consequence of the bending
compliance of both the cell and GDLs. In contrast, the standard deviation of the contact pressure
simulated for the pre-deformation profiles 2SRU-Def01 and 2SRU-Def02 are initially higher that for the
ideal MIC case, but then, oppositely to the ideal MIC case, decrease during polarisation in co-flow. This
effect is ascribed to the reduction of the GDLs stiffness with the temperature increase, thus upon heat-
up high values of contact pressure in some regions of the active area (caused by the pre-deformed MIC)
are lowered because the GDLS are more compliant. During long-term polarisation, the trend in the
evolution of the standard deviation of the contact pressure follows that of the ideal MIC case. After the
second thermal cycle (i.e. point RT 10 kh) the scatter of the contact pressure is lower than at the point
RT 0 h, because creep deformation over the long term-polarisation compensates for the geometrical

imperfections.
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Figure 80: Evolution over the operation points of the standard deviation of the contact pressure at the interface between
cathode and GDL-air for the four polarisation cases (co-flow with PRF=0.5, counter-flow with PRF=0.1, 0.5 and 1.0). Modified

periodic boundary conditions without MIC pre-deformation.

The analysis of the contact pressure cumulative density function indicates that at RT 0 h, the uniformity
of the contact pressure is altered by the MIC pre-deformation. Figure 81 provides the detail of the
spatial distribution of the contact pressure for a selected case. As expected, in the case of MIC pre-
deformation, the contact pressure does not only vary depending on the region of the active area, but

also among repeating units in the stack. The profiles of the contact pressure computed for the first and
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second unit are overall mirrors before operation. The quantification of the detrimental effect requires
the knowledge of the relationship between contact pressure, including history, and electrical
resistance. However, the results suggest that the effect on performance can be higher than anticipated
from an inspection of a pre-deformation profile. The extent of the effect of alteration of the electrical

contact is also expected to depend on the in-plane conductivity.
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Figure 81: Evolution of the contact pressure on the cathode gas diffusion layer and discrepancy between the first and second
unit, during thermal cycling (RT 0 h and RT 10 kh) and operation in co-flow with a methane pre-reforming fraction of 0.5.
Maodified periodic boundary conditions, MIC pre-deformation profile 2DefB. For comparison, the corresponding reference

case with ideal MIC is shown in Figure 65.

Upon long-term polarisation the effect of MIC pre-deformation on the contact pressure becomes less
and dominated by that of the temperature profile (at HT 0 h) and of creep (at HT 10 kh). For these
operation points, the pattern of the contact pressure distribution is very similar to that shown in Figure
65; the contact pressure at the start of polarisation is higher at the central-outlet region of the active
area, and decreases in the long term near the outlet. After the thermal cycle RT 10 kh, the pattern of
highest contact pressure on the first unit corresponds to that of lowest contact pressure on the second
unit, where complete loss of contact is detected at the outlet side. The situation is qualitatively
worsened, compared to the first thermal cycle (RT 0 h).

Among the investigated cases, the largest extent of loss of contact pressure on the active area is
predicted with the “Model v1”, with either ideal or pre-deformed (2Def00) MICs. Figure 82 shows in
white colour the regions of the active area where the model computes a loss of compressive contact
pressure. During thermal cycling, several regions of the active area are affected by a loss of contact
pressure, in particular near the region of highest current density in co-flow but also counter-flow. The
severity of the detrimental effect may however remain limited, as long as damage does not occur. In
operation, the extent of the zone is less and the pattern is similar in the case of MIC pre-deformation.
The contact pressure at the inlet is partially recovered because of creep, which also relaxes the tensile

stresses at the interface. The evolution of the contact pressure on the cell between “Model v1” and
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“Model v2” was shown to be considerably different. The effect was ascribed to the mechanical

properties of the GDLs, which differed between the two models.
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Figure 82: (a) Evolution of the contact pressure on the cathode gas diffusion layer and discrepancy between the first and
second unit. During thermal cycling (RT 0 h and RT 900 h) and operation in co-flow with a methane pre-reforming fraction of
0.5 (HT 0 h and HT 900 h). Modified periodic boundary conditions, MIC pre-deformation profile 2Def00 insert in (b), the

corresponding reference case without MIC pre-deformation is shown in (c).

The contribution of the design variations, i.e. in this work the possibility of contact between the cell
sealant and the MIC at the interface 0Q, was considered negligible for the effects on the contact

pressure.

3.4.2 Failure of the cell

This section extends the overview of the results in Chapter 3.3 based on the visual inspection of the
stress fields in the cell layers. A Weibull analysis is performed to compute the probability of failure using
parameters measured in Chapter 2.3, as a metric for comparison between operation points and
identifying the most detrimental effects. Chapter 3.3 showed that relevant tensile stresses are
predicted only in the anode. Therefore, the probability of failure provided in the present section
corresponds to that computed only for the anode. The contributions of the other layers to the total
probability of failure are insignificant. The error bars correspond to the 90% confidence interval of the
characteristic strength and Weibull modulus obtained from the experiments in Chapter 2.3. The upper
(lower) bound of the cell failure probabilities is calculated using the lower (upper) bound Weibull

parameters.
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3.4.2.1 Effect of boundary conditions

Figure 83 depicts the evolution of the probability of failure of the anode during initialisation sequence
and stack polarisation combined with thermal cycling for the two boundary conditions FBC and PBC
applied in the “Model v2”. The latter were implemented as intuitive limiting cases corresponding to a
unit near the end or the middle of a large stack, respectively. FBC conditions yield an anode probability
of failure higher than PBC by a factor 1-2 under uniform temperature conditions, i.e. during assembly

and thermal cycling.
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Figure 83: Effect of boundary conditions (FBC, PBC) on the probability of failure of the anode computed for a 70-cell stack (Py)
during the assembly steps (A1-A3), operation in co-flow with a methane pre-reforming fraction of 0.5 (HT 0 h — HT 10 kh)
and thermal cycling (RT 0 h and RT 10 kh). Case of ideal MIC, “Model v2”.

The trend is opposite in operation, where the probability of failure with FBC is smaller than PBC, by a
factor ranging from 0.7-0.94 (monotonic variations from HT 0 h to HT 10 kh).

After the sintering, the cell curvature is low (see Figure 63), hence the stresses in the anode are not
strongly modified by the cell flattening during the assembly of the stack. This means that at point Al
the failure probability is governed mostly by the residual stresses after cell sintering, and equal to about
5E-05. During the first stack heat-up (anode still in oxidised conditions) the cell bends slightly
downwards (see Figure 63, with simulated periodic boundary conditions). Hence, the failure probability
between PBC and FBC is the same. However, it increased up to 2E-04, which is the highest value over all
the analysed points in Figure 83. Anode reduction affects the failure probability differently in PBC and
FBC, because the shrinkage bends the SRU downwards in the former (see Figure 63), whereas the SRU
is constrained to remain flat in the latter. Consequently, the stress state in the reduced anode slightly
differs in the two conditions (see Figure 84). Compared to point A2, the failure probability of the anode

at the point A3 for FBC and PBC decreases to 5E-05 and 2E-05, respectively.
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Figure 84: View of the stress o,; in the anode at the end of the assembly process (A3) for modified periodic (PBC, left) and

enforced flatness (FBC, right) boundary conditions, with ideal MICs.

Part of the reason of this decrease is the reduction of the elastic modulus upon reduction. The ensuing
decrease in stress is balanced by a change in Weibull strength parameter, but in the present case, the
former effect is dominant.

After the first thermal cycle, the failure probability does not follow the anticipated trend. As shown in
Figure 61, the first principal stresses in the anode volume corresponding to the active area are highly
reduced, but the probability of failure does not change significantly. Furthermore, the strength of Ni-
YSZ is higher at RT. The reason is that upon cool-down, the CTE mismatch between the Ni-YSZ and the
glass-ceramic induces tensile stresses in the inactive area of the anode of about 25 MPa. The heat-up
from RT 0 h to the temperature profile of co-flow polarisation changed relevantly the stress in the
anode, compared to the previous HT condition, i.e. at the point A3. Nonetheless, upon co-flow
polarisation the lower stress at the inlet is compensated by higher stress at the outlet, especially in the
colder regions surrounding those at higher temperatures, see Figure 85. As a result, the anode failure
probability at the start of polarisation (point HT O h) is similar to that before the first thermal cycle
(point A3). For this condition, the difference of anode failure probability between FBC and PBC is
opposite compared to that at point A3. The reason is that, oppositely to the FBC case, in PBC the cell is
less constrained to bending in the direction along the flow path. Hence, in the highest region the SRU
bends more than in A3 (because here the temperature under polarisation is slightly higher than 1073
K), and this increases the magnitude of the tensile stresses in the anode, near the interface with the

electrolyte.
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At the beginning of the polarisation, the anode failure probability increases in both FCB and PBC cases.
This is apparently due to the different in-plane creep strain rates of the joined components (because of
contrast in material properties), which relaxes the stresses in the components at different rates. The
increase of failure probability is less pronounced in the PBC case, possibly because slight variations in
the SRU bending can partially compensate for the difference in creep strain rates, as discussed in
Paragraph 3.3.2. In this work, the only intermediate time for which the probability of failure is
computed is 10 h of polarisation. Therefore, the peak of highest failure probabilities upon polarisation

is likely higher and might exist before or after.
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Figure 85: Evolution of the 1% principal stress o; in the anode from the end of the assembly process (A3, upper left) and after

up to 10 kh of operation (HT 0 h to HT 10 kh, lower serie of figures) for modified periodic (PBC, left) and enforced flatness

(FBC, right) boundary conditions. Operation in co-flow with a fraction of pre-reformed of 0.5 (upper right: temperature

profile repeated from Figure 59) and case of ideal MICs.

During long-term polarisation, creep in all materials significantly relieves the stresses in the anode in
both FBC and PBC, see Figure 85. Consequently, at the point HT 10 kh, the failure probability is the
lowest of the simulated scenarios. In this study, the dependence of the Weibull statistics parameters on
the microstructural changes upon ageing is not considered, which may change the computed values of
anode failure probability after the long-term polarisation. The trend between FBC and PBC is similar

between the first and second thermal cycle. The probability of failure is reduced during the second
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thermal cycle, because the cool down to RT started from a temperature higher (lower) than 1073 K at
the outlet (inlet) region. Consequently, the difference in thermal shrinkage between the cell sealant and
anode is lower at the inlet, compared to RT Oh, and hence the stress in the anode. At the outlet, the
difference in thermal shrinkage between cell sealant and anode is slightly higher than in the first
thermal cycling. However, the elastic modulus of the glass-ceramic is relatively low at high
temperatures, thus at the outlet region the effects on the stresses of the CTE mismatch between cell

and sealant are reduced at the beginning of the cool down.

3.4.2.2 Effect of operation conditions

Figure 86 provides a comparison of the probability of failure of the anode computed for the four cases
of polarisation analysed in this work, followed by thermal cycling to RT. The “Model v2” is here
considered, with PBC and with ideal MIC. The comparison of Figure 86 with Figure 59 highlights the
strong dependence of the failure probability on the shape of the temperature profile during operation.
A relevant aspect is the location of the region of highest temperature in the cell, because the cell
regions surrounding the hottest zone constrain the higher thermal expansion and thus are subjected to
tensile stress. Therefore, the operation with the conditions CR 0.1 is the most critical (see Figure 87),
yielding a probability of failure between 0-1. In the long-term, creep relaxes the stresses in all materials.
Since the creep strain rate is strongly dependent upon temperature and stress, the stress relaxation is
the highest under the conditions CR 0.1. As a result, the cell failure probability for this polarisation
condition is reduced drastically after 10 kh of operation, which even turns out being the safest

condition among the conditions shown in Figure 86.

L L I

HTOh HT10h HT 10 kh RT 10 kh

Figure 86: Effect of the operation conditions (co- and counter-flow and varying methane pre-reforming fractions) on the
probability of failure computed for a 70-cell stack (Py). Case of ideal MIC with modified periodic boundary conditions (PBC).
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The sensitivity of the anode failure probability to the polarisation conditions is predominant for high
fractions of internal reforming: by increasing the PR (in counter-flow) from 0.1 to 0.5, the cell failure
probability is reduced in the short-term polarisation by almost four orders of magnitude.

The shape of the temperature profile exhibits similar patterns in CO 0.5 and CR 1.0, which results in

similar anode failure probability.
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Figure 87: Evolution of the 1% principal stress o, in the anode during operation from 0 h (a) up to 10 kh (b), in counter-flow
with a fraction of pre-reformed methane of 0.1 (left side) and 1.0 (right side). (c) Corresponding temperature profiles

repeated from Figure 59. Case of ideal MICs with modified periodic boundary conditions (PBC).

The anode failure probability after the second thermal cycle is practically unaffected by the
temperature profile and thus by the polarisation conditions. The reason is that the difference between
the mean temperature of each temperature profile and RT is much larger than the temperature
variations of the four temperature profiles. Hence, thermal cycling effects dominate over those of

thermal gradients.

3.4.2.3 Component pre-deformation

The effects of the cell vertical deformation on the failure probability caused by the assembly using pre-
deformed MICs are discussed here. For the cases where the computational domain comprises a single
unit and in the case of modified PBC, MIC pre-deformation increases the probability of failure during
the assembly (up to A3) by a factor ranging from 1+3 for “1DefA” and by 1.05+1.4 for “1DefB”. The
effect remains of the same order of magnitude during operation in co-flow with PR=0.5 but the trend is
opposite. The probability of failure is decreased by factors spanning from 0.94-0.98 “1DefB” and 0.84-
0.88 “1DefA”, but in the case “1DefB”, it slightly increases after 10 kh, by a factor up to 1.3. Therefore,

the profile “1DefB” vyields slightly better (worse) conditions at uniform (operation) temperature,
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compared to the profile 1DefA”. The changes in the first principal stress in the anode between ideal and
pre-deformed MICs are subtle and cannot be clearly seen from the inspection of in Figure 88 (0 h). After
the two thermal cycles, the failure probability is very similar and no clear trend is observed compared

to the case of ideal MIC (factors ranging from 0.98-1.07).
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Figure 88: Effect of MIC pre-deformation on the 1°* principal stress o, in the anode at the start of operation (HT Oh). (a,b)
Simulation with one unit, comparison between the ideal case (left) and pre-deformation profiles (right) 1DefA and 1DefB.
(c,d) Comparison of the stress in the first (left) and second cell (right) simulated with the 2 unit models with pre-deformation
profiles 2DefA (c) and 2DefB (d). Modified periodic boundary conditions (PBC) and co-flow with a fraction of pre-reformed
methane of 0.5.

The investigated MIC pre-deformation cases requiring the meshing of two units highlight similar trends.
Similarly to results of one unit model, the effects of using dissimilar pre-deformed MIC shapes are
practically negligible. For the MIC pre-deformation profiles 2DefA and 2DefB, the first principal stress in
the anode for the upper and lower unit is shown in Figure 88. Overall, the variations in the anode
failure probability caused by the MIC pre-deformation cases investigated in the present work are
believed practically insignificant. In all 2 SRU cases, the difference between the first and second cell
remains limited, with factors between 0.75-1.5 (compared to the ideal case). As suggested by Figure 80,

the standard deviation is higher in the case “2DefA”. It can however be not excluded that MIC pre-
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deformations of higher average magnitude and/or smaller radius of local MIC curvature may affect
differently the cell failure probability. For all pre-deformation cases, the magnitude of the stresses in

both the electrolyte and compatibility layer are similar to that in Figure 62.

3.4.3 Sealing Failure

The discussions in Chapter 3.3 showed that the uniaxial stress g, (mode | direction) is mostly governed
by the difference in thermal expansion between the GDL and the glass-ceramic materials, and directly
affected the contact pressure on the cell active area. In contrast, the shear stress components g, and
0,3 at the interfaces between sealant and MIC are governed by the CTE mismatch between Crofer 22
APU (the MIC alloy) and glass-ceramic. This section extends the discussion to the effects of model
version, operation conditions using the cumulative distribution of the stress at the interface between
the sealant and the MIC. The risk of failure is also discussed in terms of a tentative energy-based
calculation performed on the repeating unit models.

Since the stresses during thermal cycling to RT are expected to be dependent upon the temperature
variation, in the following Paragraphs 3.4.3.1, 3.4.3.2 and 3.4.3.3 only the manifold sealant at the air
outlet side is considered, because it is systematically subjected to higher temperature than the air inlet,
regardless of the operation conditions. For reference, reported values of the normal and shear strength
of sealants are 79 MPa and 18 MPa, respectively [147]. The shear strength value is referred to the

interface between sealant and Crofer 22 APU.

3.4.3.1 Effect of variation in the model assumptions

The differences between “Model v1” and “Model v2” yield to specific evolution of the contact pressure
on the cell (see Paragraph 3.4.1 for further details). Consequently, the g,, in the manifold sealants for
the two versions is different, as shown in Figure 89. The boundary conditions (i.e. FBC and PBC), which
approximate the conditions of the SRU in the stack, do not affect relevantly the stress in the sealants
simulated by the “Model v2”. This indicates that upon thermal cycling, the CTE mismatches between
the materials rather than the SRU deformation control the stress in the manifold sealants. In the
“Model v1”, i) the GDL interfaces are under tensile stresses (about -0.08 MPa, see Paragraph 3.4.1) and
ii) there is no contact interface dQ,. This means that the whole assembly load, in addition to the tensile
forces on the GDL interfaces, is completely supported by the manifold sealants, which undergo
compression. This compressive force induces the bending of the region of the MIC bonded to the
sealant. Hence, the manifold sealants are subjected to compressive and tensile stresses, respectively at
the outer and inner regions. The bending of the MIC locally is also the reason of the higher shear stress

components in “Model v1” than “Model v2”.
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Figure 89: Cumulative probability density function of the opening and shear stress at the sealing interfaces in the air outlet
manifold at room temperature, after 10 kh of operation in co-flow with a fraction of pre-reformed methane of 0.5 (CO 0.5)
simulated by the “Model v1” and “Model v2” models with modified periodic (PBC) or enforced flatness (FBC) boundary

conditions.

3.4.3.2 Effect of operation conditions

The variation of the temperature profiles for the different polarisation cases is expected to affect the
stress in the sealants upon thermal cycling. Figure 90 shows the simulated i) uniaxial stress ,, and ii)
shear stress components g, and 0,3 at the interfaces between the sealant and the MIC. For the second
thermal cycling, the uniaxial stress o,, correlates to the variation of contact pressure on the active area
between HT 10 kh and RT 10 kh. From Figure 74, the mean contact pressure on the active area
decreases by about 73% and 56%, respectively for CR 0.1 and CR 1.0 (extreme cases). However, the
mirror of this difference is not observed in the uniaxial stress o,,, because the mean value of the stress
is about -0.8 MPa for all four polarisation cases. The reason is that the contact pressure at the interface
0Q,; (see Figure 48) increases for higher temperatures of the manifold sealants.
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Figure 90: Effect of the operation conditions on the cumulative probability density function of the opening and shear stress
at the sealing interfaces in the air outlet manifold at room temperature, after 10 kh of operation. Case of ideal MICs with

modified periodic boundary conditions and “Model v2”.
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Hence, the fraction of assembly load supported by the contact interface Q. increases for higher
temperatures of the manifold sealants. As a result, the uniaxial stress g,, remains close to constant,
regardless of the polarisation conditions. Both shear components of the stress tensor at the interface
between the outlet manifold sealants and MIC o,, and 0,3 are proportional to the temperature
variation during the second thermal cycling (i.e. between HT 10 kh and RT 10 kh), because such stresses
are caused by the CTE mismatch between the glass-ceramic and the Crofer 22 APU MIC material.
Under the polarisation in counter-flow with PR=0.1, the mean temperature at the outlet manifold
sealant is the lowest with respect to the other cases, i.e. about 1042 K. Consequently, the shear stress
components are the lowest (see Figure 90). For the other polarisation cases, the increase of the shear
stress for counter-flow PR=0.5, counter-flow PR=1.0 and co-flow PR=0.5, follows that of the mean
temperature at the outer manifold sealant, which equal 1060 K, 1070 K and 1075 K, respectively. These
differences in shear stress between the polarisation cases are however very low, because i) the cool
down to RT dominates and ii) the elastic modulus is lower at high temperatures, hence the effect of the

CTE mismatch on the stresses is reduced.

3.4.3.3 Effect of pre-deformed MIC

The effects of the MIC pre-deformation on both the uniaxial stress g,, and the shear stress components
01, and g,3 are shown in Figure 91. In the “Model v1” with MIC pre-deformation, the loss of contact
pressure on the active area after the second thermal cycle is less pronounced than with ideal MIC (see
Paragraph 3.4.1). As a result, the fraction of the assembly load supported by the manifold sealants is
lower, and their stresses very similar to those computed by the “Model v2” with MIC pre-deformation.
In the “Model v2”, the effects of MIC pre-deformation on the simulated stress in the manifold sealants

are very similar.
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Figure 91: Effect of MIC pre-deformation and boundary conditions on the cumulative probability density function of the
opening and shear stress at the sealing interfaces in the air outlet manifold at room temperature, after 10 kh of operation in

co-flow with a fraction of pre-reformed methane of 0.5 (CO 0.5).
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A larger distribution of both the uniaxial stress ,, and of the shear stresses g, and g3 is found for the
case “2DefB” with PBC, supposedly because the simulated variation in the SRU bending is larger upon

thermal cycling (see Paragraph 3.3.2).

3.4.3.4 Energy-based analysis

This section provides the results of the energy-based calculation described in Chapter 3.1. The upper
(al) or lower (a2) interface of the air inlet or outlet sealant are disabled, i.e. four release calculations
are performed for each of the first or second thermal cycle. The joined surface pairs are therefore
either free of interaction or subjected to frictionless contact. The elastic energy in the model is
computed before and after the release to obtain an averaged elastic energy release rate, referred to as
ERR hereafter (see Chapter 3.1 for a discussion on the partial validity of this use).

Partial interpenetration of the detached parts occurred for all simulated cases. At a first appraisal, the
values computed without frictionless contact are therefore expected to represent overestimations, yet
cannot be rigorously considered as an upper bound for the range of total ERR values.

The detachment simulation implies that manifold sealants on both sides of the symmetry axis fail at the
same time and at the same interface. Further, in the case of modified periodic boundary conditions, the
simulation corresponds to the simultaneous release of all interfaces in the stack. The restrictions to the
applicability limits of the computed indicator may seem at a first appraisal problematic. VCCT
computations (see Chapter 3.1) were therefore performed on simplified geometries to verify that the
order of magnitude of the repeating unit model prediction is the same and estimates how the strain

energy release rate varies as a function of the crack extension.
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Figure 92: Energy release rate computed for the stripe (a) and axisymmetric (b) simplification of the manifold sealing region
shown in Figure 58 a and b, respectively. Dashed lines correspond to computations based on total energy variation, similar

to that applied at the stack scale.

Figure 92 shows the VCCT simulation results for the stripe and axisymmetric simplified models

presented in Chapter 3.1. In both cases, the upper interface (a;) appears more critical. As anticipated,
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the computed strain energy-release rate remains close to independent of the crack length for the stripe
case (Figure 92-a), but not for the axisymmetric case (Figure 92-b). The crack length-dependent VCCT
and averaged detachment-based calculations however fall within the same order of magnitude. The
release of energy is also higher for the axisymmetric case. Reported fracture toughness of glass-ceramic
based sealants ranges between 0.6 and 1.1 MPa(m®?) [167]. The outcome of the analysis using the
repeating unit model is therefore expected to support the improvement of the understanding of the
sealant failure, despite the theoretical limitations.

Figure 93 provides the overview of all the ERR estimated by surface detachment in the stack “Model
v2”. Analysis based on the implemented procedure for ERR estimation and on stress cumulative
distribution function differs. The variations observed among the cases are much more significant than

for the stress-based analysis.
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Figure 93: Elastic energy release rate at the manifold sealants computed by releasing the interfaces without (a) or with
frictionless contact (b). Detachment simulations were performed after the first (RT 0 h, black and grey) and after the second
thermal cycle (blue: air inlet, red: air outlet) after 10 kh of operation in co- (light blue and red) or counter-flow with varying
fraction of methane pre-reforming. Square and circles refer to FBC and PBC, respectively. Filled and empty markers refer to

the interface al (upper) and a2 (lower), respectively. Thickness of the sealing is 0.7 mm.

As a first verification, the calculated ERR is practically the same for the inlet and outlet manifold
sealants after the first thermal cycle. The computed discrepancy is lower than 0.5 % in the worst case.
The range of ERR values calculated with interface detachment of 0.7 mm thick sealant after the first and
second thermal cycle is 10-35 Jm™, which falls within the same range as the VCCT values both with
stripe and axisymmetric geometries, approximately 10-50 Jm™? (see Figure 92). The difference in the
geometry likely accounts for a non-negligible share of the difference. The ERR computed for the FBC is
in average about three times higher than for the PBC case, which suggests that the risk of sealant failure

is dependent upon position in the stack.
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The case without frictionless sliding is first discussed (Figure 93-a). The ERR calculated for the interface
al (upper) is higher than for a2 (lower) by about 6% and 2%, respectively with FBC and PBC, which is
qualitatively in line with the VCCT on axisymmetric calculations. For all polarisation cases, the ERR
calculated with interface detachment is always higher at the air outlet than at the inlet manifold
sealant. Operation in counter flow proves more critical after the second thermal cycle, based on the
case PR=0.5. For all counter-flow cases (PR=0.1, 0.5 and 1.0 and PBC), the ERR of the outer manifold
sealant is higher than after the first thermal cycle, for both interface al and a2, whereas at the inlet it is
lower. The most critical case is CR 0.5, with an increase in ERR by about 20% compared to the first
thermal cycle. The results suggest a detrimental effect of long-term operation, which is not clearly
highlighted by the stress-based analysis. In reality, the properties of the interface are further expected
to change and contribute to additional time and history dependence.

In co-flow with PR=0.5 and PBC, the ERR increases (decreases) by about 4% for interface al (a2) after
the second thermal cycle. For the same operation conditions but in FBC, the ERR increases at interface
al by about 40% compared to the first thermal cycle. Hence, after the second thermal cycle the

interface al (upper) is more critical than a2 (lower).
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Figure 94: Elastic energy release rate at the manifold sealants computed by releasing the interfaces without (planes with
continuous contour) or with frictionless contact (planes with dashed contour). Detachment simulations were performed
after the first and second thermal cycle after 10 kh of operation in co-flow and for two sealing thickness (0.2 and 0.7 mm),
and varying boundary conditions (EFLT and MPBC). For each condition, only the worst case is shown (corners of the planes,

which are provided as a guide).

The ERR is lower by approximately 7% on average with frictionless contact (Figure 93-b), because only

sliding at the interface occurs in all cases. The ERR after the first thermal cycle is lower for the interface
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al (upper) than for a2 (lower) by about 10% and 5%, respectively with FBC and PBC, i.e. opposite to ERR
calculated without frictionless contact. Frictionless contact does not change the overall trends after the
second thermal cycle: all counter-flow cases are more critical than co-flow with PR=0.5. For all
polarisation cases, the ERR calculated with frictionless contact is also always higher at the outlet than at
the inlet manifold sealant. For all counter-flow cases (PRF=0.1, 0.5 and 1.0), the ERR calculated with
frictionless contact is higher than after the first thermal cycle. Similarly to ERR calculated without
frictionless contact, the most critical case is CR 0.5, where the ERR increases by about 10%. After the
second thermal cycle with 0.7 mm thick sealant, the interface a2 (lower) is more critical than al
(upper).

Figure 94 provides an overview of the worst case for each operation point and model assumption, for
comparing the ERR computed for sealant thicknesses of 0.2 mm and 0.7 mm. The difference between
the boundary conditions FBC and PBC is also large and follows the same trend regardless of the
thickness of the sealant. The reduction of the sealant thickness to 0.2 mm is beneficial and yields a
decrease of the ERR by about 25 %. This trend is approximately the same for both the first and second

thermal cycles.
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3.5 Modelling the impact of creep on the probability of

failure of a solid oxide fuel cell stack

Post-print version of the article published in the Journal of the European Ceramic Society 34 (2014) 2695-2704, DOI:
10.1016/j.jeurceramsoc.2013.12.055

Authors: Fabio Greco, Henrik Lund Frandsen, Arata Nakajo, Mads Find Madsen, Jan Van herle

Corresponding author: Fabio Greco

Contribution of the corresponding author: model development and simulation, writing of the manuscript, generation of the

images/plots.

The results in Paragraph 3.4.2 demonstrate that the evolution of the risk of failure in the cell is not
necessarily monotonic during operation under constant conditions: the probability of failure of anode is
found to be higher after 10 h than at the start of the operation, which warrants further detailed
analysis. This Chapter provides a complementary study, as a start for investigating the evolution of the
probability of failure during changes in the operations conditions. The analysis is performed using
different thermo-electrochemical and thermo-mechanical models and stack design than the main
results provided in this Thesis. The details of the model implementation are provided in the published
work from which this chapter is adapted [57]. The model description hereafter is focused on the
differences with the significantly more advanced models that are presented in Chapter 3.1, which has

superior capabilities and was developed later in this thesis.
3.5.1 Description of the modelling approach

3.5.1.1 Geometry and mechanical properties

A similar uncoupled thermo-mechanical and electrochemical approach as described in Chapter 3.1 is

used for the present study.

Figure 95: Representation of the three dimensional model of the SRU and denomination of the components.
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The modelled geometry is shown in Figure 95. The anode-supported cell with a 320 um thick substrate
is housed into a metallic frame, which works not only as interconnect, but also as structure for the
manifolds and the cell. The sealant is in contact both with the interconnect and with the electrolyte.
The contact area of the seal with the electrolyte is a narrow contour around the cell 3 mm wide.
Therefore, the footprint of the cathode on the cell is active, whereas the part of the cell that adheres to
the sealant is electrochemically inactive and referred to as the sealed area similar to the case of
Chapter 3.1.

Depending upon the design of the stack and loading system, the mechanical load externally applied to
an SOFC stack can vary more or less significantly during operation, because the thickness variation of
the SRUs during operation, due to thermal expansion and creep, can reflect on the strain of the tie rods.
This possibility is accounted for in the present study, in contrast to that of Chapter 3.1, where the load
is user-specified and does not change as the stack deforms. Assuming a stress state below the elastic

limit of the steel, the uniaxial stress in the tie rods is:
Az
Oty = Emyre = Emy, temr
SRU

where E;, is the Young’s modulus of the steel (220 GPa, room temperature assuming cooling of the
loading system), Az is the increase of the SRU thickness and tsy is the total thickness of a SRU. The force
on the SRU is then:
Fepy = Az (EmtrT[DtZr>
tsru
with D, the diameter of the tie rods. Standard, instead of modified periodic boundary conditions

(Chapter 3.1) are imposed on equivalent nodes on the lower and upper faces of the computational

domain.
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Figure 96: temperature-dependent Young's modulus from data in Ref. [4-6]. The Young’s modulus of 20YDC was assumed to
be equal to that of 8YSZ.
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The approach for the implementation of the material properties is similar to that of Chapter 3.1. Table
29 together with Figure 96 provides the temperature-dependent properties used for the different
components, whereas Table 28 lists the Weibull parameters, all from literature data.

The considered anode material is NiO-3YSZ (50-55 wt.% NiO). The reduction strain measured at 850 °C
in a gas mixture of 9% H, / 91% N, by Pihlatie et al. [168] ranges between -0.096% and -0.301% (the

minus sign indicating the shrinkage of the material).

Table 28: Weibull parameters and strength of the SOFC materials [15].

Layer/ Material o, (MPa) m Vo (mma) Samples Teas (°C)
Anode reduced /

318 9.98 | 0.846 35 RT
Ni-3YSZ
Electrolyte /

282 8 0.273 20 900
8YSz
Compatibility Layer /

4972 3.6° 2.199° 9 RT
20YDC

a) Values assumed from GDC.

In this analysis, a mean value equal to -0.1985% is used. Creep data for Ni-8YSZ measured by Laurencin
et al. [106] for typical SOFC operation temperatures are implemented in the model. In this study the
creep of the electrolyte is expected limited for the considered temperature range and not included in
the thermo-mechanical simulation. Creep in the YDC and cathode is also not considered for the
computation during operation, but the values listed in Table 29 are included in the sintering process
described below.

The properties listed in Table 29 for the glass-ceramic correspond to the composition 35Ba0-35Si0,-
15Ca0-10B,05-5Al1,05; mol%. The MIC material is Crofer 22 APU. Material nonlinearity such as creep and
plasticity are not implemented into the model, assuming that the creep strain rate of Crofer 22 APU is
much higher than that of the cell materials, and therefore less influential when the operating conditions
are varied slowly. The considered materials for the fuel and air GDLs are a Ni and Haynes230® foam,
respectively, which corresponds to simplified approach compared to that for “Model v1”, using scaling

laws and foremost, “Model v2”, which uses computational homogenization.

179



Table 29: Thermo-mechanical properties and creep parameters of the SRU materials.
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3.5.1.2Thermo-mechanical model

The assumptions and sequence for the modelling of the sintering process of the cell differs from that
presented in Chapter 3.1. The FEM software COMSOL was used instead of Abaqus. The simulation starts
with the co-firing of the anode and electrolyte, at a uniform temperature of 1400 °C. A sintering
shrinkage of NiO-3YSZ of 5.5% and 5% for the electrolyte are implemented, whereas an increase of the
Young’s modulus of 50% is assumed for both materials. The build-up caused by the different shrinkage
of the materials is highly relaxed by creep. The simulation proceeds with the cooling down to room
temperature, initially at a reduced rate of 50 °C/h. Below 1000 °C, creep has a negligible effect on the
stress relaxation and therefore the cooling down rate is increased to 180 °C/h. The sintering of the
compatibility layer is carried out by heating the deposited cell at a rate of 100 °C/h, and then
maintaining the half cell at 1300 °C.

The sintering shrinkage of 20YDC is assumed equal to that of 8YSZ during anode and electrolyte co-
firing. The Young’s modulus of the 20YDC is supposed to increase by 100% during the sintering, from
78.5 GPa (green state) to 157 GPa (sintered). The simulated cooling rate first equals 20 °C/h, followed
by an accelerated cooling down of 100 °C/h below 850 °C. The simplified simulation sequence of the
sintering of the LSCF cathode proceeds similarly to that of the compatibility layer. It starts at 1150 °C for
4 hours with a sintering shrinkage of 9%, as reported in previous work [169] carried out on a slightly
different LSCF composition (LagsgSrosFeosC00.,035). During the sintering process, the Young’s modulus
is increased from 5 GPa to 10 GPa. The cooldown starts at a rate of 20 °C/h until 750 °C, then was
increased to 50 °C/h until 450 °C, then 100 °C/h to room temperature.

After the simplified simulation of the sintering of the cell, mechanical interactions between the
components show in Figure 95 is implemented by the simulations of a sequence comprising the
assembly and heat-up, sealing, Ni reduction and operation, which resemble that described in full details
in Chapter 3.1. The sealant is not strongly joined either to the cell or the interconnect before the sealing
procedure. During the sealing procedure, the sealant becomes joined to both the cell and the
interconnect. Between the cell contour and the sealant and between the cell contour and interconnect,
a backlash is expected. This means that the cell contour does not interfere either with the contour
housing of the interconnect or with the sealant, otherwise high stresses might arise. This condition is
implemented in the model using compliant springs. Mechanical interfaces are here simulated
differently than in “Model v1” and “Model v2”. For this study, the computational requirements are
minimized by replacing contact with compliant springs for the detachment, and via stiff springs for the
opposite direction, which approximate a mechanical contact without penetration. This type of
mechanical interface is set between the GDLs and the cell, and between the GDLs and interconnect.

The simulation starts with the application of a pressure of 0.7 MPa on the SRU, as reported in Chapter
3.1. The SRU is then heated up from room temperature to the sealing temperature (850 °C) a rate of

100 °C/h, during which creep is not considered. The sealing procedure is then simulated using dashpots
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with increasing damping value. Before the sealing procedure the glass sealant is not joined to either the
interconnect or the cell and therefore a relative slipping between either glass sealant and cell or glass
sealant and interconnect is possible. This condition is simulated by compliant dashpots at the interfaces
with a damping factor of 1 MPa mm™h. During the sealing procedure, the glass sealant becomes
progressively joined to the interconnect and the cell, simulated by a continuous increase of the
damping factor of the dashpot at the sealant-cell and sealant-interconnect interfaces from the initial
value of 1 MPa mm™h to 10e+06 MPa mm™h. The latter value would represent a stiff dashpot, i.e. the
sealant is thoroughly joined to interconnect and cell. During the sealing procedure, only the creep of
the glass sealant is considered.

The reduction of the anode is approximated by a change of material properties from the initial values of
NiO-3YSZ to the final values of Ni-3YSZ. The temperature is kept constant at 850 °C during the entire
stage. Creep of both glass sealant and anode has been included in the model. The homogeneous
temperature profile of 850 °C is then switched to that corresponding to 20 A, before application of the
sequence shown in Figure 97. Creep of the reduced anode and sealing material is considered during the
simulation of the load profile. The probability of failure computation is identical to that presented in

Paragraph 3.1.7.
3.5.1.3 Temperature and electrical load profiles

The sequence considered for the thermo-electrochemical simulations consists in variations in the

current at levels of 10, 12, 15 and 20 A.
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Figure 97: On top: spatial-dependent temperature fields (in °C) on the SRU for different current intensities. At the bottom:
thermal load profile over the SOFC stack lifetime implemented into the SRU model
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The temperature field in the sealing areas is not calculated, but obtained using a constant
extrapolation. For simplicity, the thermal gradient along the z-direction is homogeneous along the z-
axis of the stack. The thermal load profile characteristic of the stack lifetime has been determined
considering an energy demand over a year for a generic residential SOFC cogeneration system [170],
shown in Figure 97. This thermal load profile can represent a smoothed real power demand profile, in

which the average of the load changes is taken into account, without the details of daily fluctuations.

3.5.2 Simulation results

After the sintering, the residual stresses in the anode at room temperature change as expected from a
compressive stress of -15 MPa on the face away from the interface with the electrolyte, to a tensile
stress of +22 MPa on the electrolyte side. The electrolyte and compatibility layers are under beneficial
compressive stress state (-450 MPa and -25 MPa, respectively), whereas the stress in the cathode is
tensile (50 MPa).

The evolution of the probabilities of failure of the cell layers computed by Weibull analysis is shown in
Figure 98, together with the corresponding electrical load profile. During the first polarisation at 20 A
for 1400 h, the probability of failure of the anode is reduced by around six orders of magnitude,
because of stress relaxation due to creep. The probability of failure of the electrolyte does not vary
conspicuously during this functioning mode, whereas that of the compatibility layer increases largely.
During the current decrease from 20 A to 15 A, which results in a decrease of the average SOFC stack
temperature of about 50 °C in 1000 h, the probability of failure remains low for the anode and constant
for the electrolyte and compatibility layers. For the duration of the working load at the current of 15 A,
the decrease from 15 A to 10 A and the plateau at 10 A until 4900 h, the failure probability of the anode
is not subjected to important changes, whereas that of electrolyte and compatibility layer increases

roughly continuously, though it remains below critical values.
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Figure 98: Probability of failure of the anode, electrolyte and compatibility layer for the case of the cell B. The thermal load

profile over the SOFC stack lifetime is plotted for reference.
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This increase might be ascribable to a stress accumulation in the electrolyte and the compatibility layer.
The load switching to 12 A lowers the stress state in the cell, and therefore the failure probability of the
anode becomes vanishingly small and that of electrolyte and compatibility layer decrease respectively
by around two and one orders of magnitude. During the whole SOFC stack operation, this results to be
the most conservative operating condition. On the contrary, the next current decrease to 10 A entails
the greatest failure probabilities for both compatibility and electrolyte layer, respectively around 0.2%
and 0.0003%. The final current switching from the lowest value, 10 A, to the highest, 20 A, does not
generate high failure probabilities. Even though the average temperature on the cell increases by
around 100 °C, this change is performed over a time of 2000 h. Therefore, creep can act on the stress
relaxation. During the final steady state condition of maximum current (20 A), the anode is subjected to
a large stress relaxation and therefore it decreases the failure probability. The failure probability of
electrolyte and compatibility layer remains constant during this stage. It is worthwhile noting that the
largest increase and decrease of the failure probability occur at lower temperatures, when creep strains

are lower. On the other hand, at high temperatures stresses may be relaxed by higher creep strains.
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4 Summary and conclusions
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4.1 Mechanical properties of SOFC materials

Two setups dedicated to the mechanical testing of high temperature solid oxide fuel cell (SOFC)
ceramic-based materials were designed, fabricated and successfully validated, which is a new capability
for GEM-EPFL. They measure the elastic and creep behaviour, under reduction or oxidising atmosphere,
at room or high temperatures. The four-point bending test configuration was chosen, because of the
advantages for testing ceramic materials and because of the need to test large batches of samples up to
failure. With the developed setup designs, significant time reduction of the overall tests campaign is
achieved, compared to equivalent commercial devices.

A workflow for numerical model-based parameter estimation was complementarily developed for the
detailed analysis of the experimental measurements, because of the limitations of the analytical
solutions applied in standard post-processing, in terms of accuracy and flexibility of the constitutive
laws that can be investigated. It consists in metamodel-based optimisation using a finite element
method (FEM) model that simulates with selected level of detail the four-point bending experiments.
To our knowledge, the data available on the primary creep of the Ni-YSZ is very scarce. The present
measurements show that primary creep is not negligible. They are expected to lead to significant
advances for the understanding of the material deformation mechanisms and the thermo-mechanical
simulation of SOFC stacks. The model-based parameter estimation allowed to quantify the
measurement errors induced by post-processing with analytical solutions. For the elastic properties,
analytical solutions provide fast and in most cases sufficiently accurate estimations, but they cannot for
instance detect changes in the mechanical properties of Ni-YSZ induced by aging. They show relevant
limitations for the determination of the creep parameters.

Weibull testing on relatively large batches of anode samples was carried out with the developed setup.
Testing was performed on NiO-YSZ, Ni-YSZ and on (Ni)-YSZ skeleton (Ni removed) samples to help
understanding the factors that control the strength of the material. The measured Weibull moduli were
low for a technological material, but the main function of the material in SOFC stacks is not structural.
In both NiO-YSZ and Ni-YSZ, the residual stresses caused by the mismatch in the coefficient of thermal
expansion (CTE) between the two phases with respect to the stress-free condition governed the
dependence of the strength and Weibull modulus upon temperature. The results suggest that plasticity
of the Ni phase contributed largely to the strength of Ni-YSZ. This entails that in developing Ni-YSZ
anode microstructures, adjustments of the Ni content and spatial distribution can be effective to find a
better trade-off between maximised electrochemical performance and improved strength. Some trends
in the dataset however warrant further investigations. The strength of (Ni)-YSZ samples decreased with
the temperature increase, which does not follow the behaviour reported in the literature for dense
samples.

Computational homogenisation was performed as a complementary approach to estimate the thermo-

elastic properties of the Ni-YSZ cermet. The rationale of the work was however not limited to a
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validation, but performed in the view of investigating other cell layers or aged samples that cannot be
measured by mechanical testing, and the relationships between the mechanical properties and the
microstructural parameters. A preliminary grid and volume independence analysis provided the
necessary RVE volume and spatial resolutions for the accurate estimations of the thermo-elastic
properties and minimised computational requirements. The thermo-elastic properties obtained from
computational homogenisation were similar to those obtained by the estimation methods (elastic
modulus) and from dilatometry tests (CTE). The changes in thermo-elastic properties upon ageing were
found relatively mild; the lowest change was on the CTE. Upon ageing, estimation of the thermo-elastic
properties would be challenging by direct mechanical testing, because the errors on the measurements
may be larger than the properties variation.

An extension of the computational homogenisation for visco-elastic behaviour was applied to estimate
the anisotropic elastic and creep properties of the gas-diffusion layers in SOFC stacks (GDL), which were
then implemented in the stack thermo-mechanical model of this work. The anisotropy of both elastic
and creep properties was significant. Thus, implementation in thermo-mechanical models of averaged
mechanical properties obtained by scaling laws may not allow capturing adequately the mechanical
behaviour of the electrically conducting material in a stack. Further, computational homogenisation
enables the use of continuum domains instead of detailed geometries, which in complex contact stack
thermo-mechanical models helps to reduce the computational requirements and the simulation

runtime.

4.2 Thermo-mechanical modelling of SOFC stacks

4.2.1 Overview of the thermo-mechanical results

The geometry of a commercial stack (SOLIDpower) was considered for the stack thermo-mechanical
modelling study. The stress state in the cell layers followed the expected trends. The GDC compatibility
layer that mitigates the formation of insulating phases at the interface between electrolyte and LSCF
cathode is under beneficial compressive stresses upon stack production and after thermal cycling.
However, the latter decreased rapidly upon simulation of the long-term polarisation and over a large
cell area. The electrolyte is under compressive stresses over the whole simulated stack lifetime.
Imperfections of this layer, e.g. variations of the thickness because of the imperfect deposition, are not
considered in the study, but may in reality affect the accuracy of the simulation results. The long-term
polarisation contributed to a large decrease of the compressive stresses. However, no potential risk of
cracking was predicted. The reduction of shielding compressive stress in the two layers however
suggests that vulnerability to a deleterious event such as Ni re-oxidation not considered in the present

study increases upon operation. The simulation results indicate that whenever a change in temperature
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profile and the prediction of the occurrence of the event is possible, the interaction with the metallic
frame may be used to increase the compressive stress.

The SRU deformed by a large amount upon thermal cycling, because of the CTE mismatch between the
materials. However, the model implementation prevented tangential sliding at the interfaces after the
first stack heat-up. Potential interface detachment, not considered in this study, may alleviate the large
SRU deformations.

Rate-independent plasticity did not generate irreversible deformation, which only arises because of
creep. The correlation between the CTE mismatch of the materials and evolution of the contact
pressure on the active area was demonstrated. Modelling assumptions affected the results, tough by a
marginal contribution, within the range of studied conditions. The dependence of the contact pressure
distribution on the temperature profile shape was shown. The most deleterious event for the
maintenance of the contact pressure is the long-term polarisation followed by thermal cycling, which

suggest that degradation may occur in the long term.

4.2.2 Analysis of the effects of pre-deformation, operation

conditions and model formulation

The table below provides a qualitative summary of effects (rows) and potential type of thermo-
mechanical issue (column), in a color-coded manner from red (detrimental/critical) to green
(beneficial/safe) for comparative purposes. (BC: boundary conditions, PBC: modified periodic boundary
conditions, FBC: flat boundary conditions, MIC: interconnect, CO: co-flow, CR: counter-flow. “2Def00”,
“1DefA/B”, “2DefA/B” correspond to MIC pre-deformation profiles).

Loss of contact pressure at the cell interfaces

In this study, the contact pressure simulated by “Model v1” (with Ideal MICs) was largely lost,
compared to the “Model v2”. Paradoxically, the assembly force in the “Model v1” simulations was
about 33% higher than in “Model v2”. Here, the contribution of both the mechanical properties of the
GDLs and SRU deformation on the maintenance of the contact pressure was found highly relevant,
because in “Model v1” the GDL mechanical properties were estimated by simple scaling laws, whereas
computational homogenisation of anisotropic elastic and creep properties was used for those of
“Model v2”. This significant difference indicates that the design of the GDLs can be optimised not only
for fluid-dynamic and costs needs, but also for improved mechanical behaviour. In this context, thermo-
mechanical simulations at the stack level may help in providing guidelines for such optimisations. For
“Model v1”, the worst condition was the thermal cycling. Instead, stack qualification and polarisation

were found beneficial.
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Counter-flow configuration and high internal reforming is the best case for increased contact pressure.
However, it turns out to be the worst case after subsequent thermal cycling, because the contact
pressure is close to zero on a large area of the cell, which showcases a history-dependent behaviour,
because of creep deformation. In general, the location of the regions where the contact pressure is
decreased during thermal cycling corresponds to the location of highest temperature. The relationship
between contact pressure and electrical conductivity, including the effect of non-uniform deformation
during the assembly, is at present not known. The simulation results indicate that in the case of contact
degradation, the detrimental effect does not affect to the same extent co- or counter-flow operation.

The assembly of dissimilar pre-deformed MIC profiles affect differently the uniformity of the contact
pressure, depending upon the boundary conditions on the simulated domain. In practice, the worst
case was found for those SRUs near the end plates, whereas the best case was with ideal MIC shape.
This means that in short stacks and/or for the first and final SRUs of the stacks (i.e. near the end plates),
the manufacturing tolerances on the MIC geometry must be lower. On the contrary, the effects of pre-
deformed MICs on the contact pressure uniformity were less severe for the SRUs far from the end
plates. Assembly of similar pre-deformed MICs profiles did not affect the contact pressure uniformity,
because of the bending compliance of both GDLs and cell. With the objective of production costs
minimisation, the manufacturing tolerances on the MICs can be maintained relatively large, if the pre-
deformed profile is the same for all the MICs of the stack. Because the effects of pre-deformation were
overall lower than anticipated, the identification of thresholds for reliability warrant future

investigations in the view of cost reductions.

Failure of the cell

The simulation of polarization showed that the cell probability failure does not decrease monotonically
at the beginning of operation. A slight increase was found in the short-term polarisation, before
decreasing in the long-term. The practical relevance of this phenomenon can be investigated in the light
of proof-testing, and operation strategies that mitigate this first mild increase in stress should be
studied.

The cell reliability is highly affected by the operation conditions. The failure probability increases
dramatically if the fraction of internal reforming is above 0.5 (with counter-flow configuration). In terms
of cell reliability, counter-flow configuration with 90% of internal reforming is the worst condition
among those analysed in this study, because it leads to failure probabilities higher than 0.1 in the short-
term polarisation, which is not suitable for real applications. However, after long-term polarisation this
became the best condition. The sensitivity of the anode failure probability to the polarisation conditions
is predominant for high fractions of internal reforming: by increasing the PR (in counter-flow) from 0.1

to 0.5, the cell failure probability is reduced in the short-term polarisation by almost four orders of
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magnitude. The results suggests that the effects of transients during load following or variations in
thermal conditions because of position in the stack are likely significant.

Thermal cycling after long-term polarisation increases the risk of cell failure. However, the probability
remains relatively low. Here, as expected, a reduction of the CTE mismatch between the glass-ceramic
and Ni-YSZ by tailoring of the material compositions would increase the tolerance of the cell to thermal
cycling.

With the deformation profiles considered in this work, the effects of MIC pre-deformations on the risks
of cell failure are negligible. The reason was that the compliance of both the cell and GDLs was
sufficient to accommodate the deformed components. Considering this aspect, thinner cells are

favoured, because they can tolerate larger component imperfections before failure.

Risk of sealant failure

The analysis of the risk of failure of the sealants was performed by i) cumulative distribution of the
stresses and ii) a tentative energy-based calculation. A variation of the energy based calculation
including frictionless contact after interface detachment was implemented, because otherwise
unrealistic interpenetration of the sealant in the MIC occurred during the simulation of artificial
detachment, though still valid for qualitative assessments. From the results, the risk of sealants failure:

e isreduced for thinner sealants. The thinner sealants were found beneficial also for the contact
pressure. However, modelling artefacts also contributed to this last improvement, which
requires further verifications.

e is reduced by simulating flat boundary conditions at the two MICs of the modelled repeating
unit, which approximates the conditions of those units near the end plates. In terms of design,
this means that large stacks made by sub-assemblies with intermediate separation are
favoured.

e s the lowest for operation in co-flow

e decreases after long-term polarisation in co-flow combined with thermal cycling, whereas it
increases if the polarisation is in counter-flow. The worst condition is counter-flow with PR of

0.5.

4.2.3 Modelling the impact of creep on the probability of failure

of a solid oxide fuel cell stack

A three-dimensional finite elements model of an SRU with an anode supported SOFC has been
developed. Creep in the glass sealant and in the anode has been considered. During steady state
operation, the probability of failure of the anode was found to decrease, whereas that of the

electrolyte and compatibility layer was noticed to increase slightly. This behaviour can be ascribed to
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stress redistributions in the layers of the cell. Due to the lower creep strains at lower temperatures,

particular care should be taken during changes from high to lower temperatures because the effect of

the spatial thermal gradient on the failure probability appears as relevant.

4.3 Recommendations for further work

Recommendations for future developments based on the results obtained during the thesis and specific

points of practical relevance are listed hereafter:

The available data of the mechanical properties of the SRU materials remains limited, in
particular of the evolution of such mechanical properties because of ageing. This may pose
important limitations on the prediction of the failure modes by numerical models.

The next step in the investigation of the anisotropic elastic and creep properties of the GDLs
obtained from computational homogenisation is a confirmation by direct mechanical testing.
On purpose experiment for the validation of numerical simulations is a challenge, but may be
worth the far-reaching effort, which likely requires the prototyping of model systems.

The strong dependence between evolution of the SRU deformation and stress relaxation
because of creep in the materials warrants the implementation of the primary creep regime in
the material constitutive laws of stack numerical models. The highest priority should be given
to the materials of those components governing the overall stiffness of the SRU, i.e. for the
stack design analysed in this work, the MICs and the GDLs.

To reduce production costs while maintaining the required mechanical reliability, the
fabrication tolerances of the stack components can be maximised by implementing
optimisation problems accounting for SRU models with pre-deformed MICs. An analysis for first
estimate of the critical tolerances threshold should be however performed before the
optimisation task.

The bending stiffness of the movable part in the SEP setup may be increased to improve the
measurement accuracy, for example by installing additional guides on the sample dispenser.
Furthermore, developments for a ROR (ring-on-ring) equivalent instead of the four-point

bending configuration may be attempted if the testing of higher volume of material is needed.
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the failure probability of a solid oxide fuel cell stack (oral presentation). July 10-12, Trento, Italy.

COMSOL Conference 2013, F. Greco, A. Nakajo, J. Van herle. Residual stresses and failure probability of
solid oxide fuel cells due to the sintering process (poster presentation). October 23-25, 2013,
Rotterdam, The Netherlands.

ModVall1, F. Greco, A. Nakajo, J. Van herle. Modelling the impact of creep on the failure probability of
a solid oxide fuel cell stack (poster presentation). March 17-19, 2014, Winterthur, Switzerland.

11* European SOFC & SOE Forum, F. Greco, A. Nakajo, J. Van herle. Mechanical properties of
interconnects, sealants and gas diffusion layers for planar solid oxide fuel cell stacks. Part I:
interconnects and gas diffusion layers (poster presentation). July 1-4, 2014, Lucerne, Switzerland.
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SOFC-XIV, ECS Conference on Electrochemical Energy Conversion & Storage, F. Greco, A. Nakajo, Z.
Wouillemin, J. Van herle. Thermo-mechanical reliability of SOFC stacks during combined long-term
operation and thermal cycling (poster presentation). July 26-31, 2015, Glasgow, The United Kingdom.

ModVal13, F. Greco, A. Nakajo, J. Van herle. Four-point bending testing: estimation of the accuracy and
identification of the mechanical properties (poster presentation). March 22-23, 2016, Lausanne,
Switzerland.

12" European SOFC & SOE Forum, F. Greco, A. Nakajo, D. Montinaro, J. Van herle. Four-point bending
testing: estimation of the accuracy and identification of the mechanical properties of SOFC materials,
(poster presentation). July 5-8, 2016, Lucerne, Switzerland.

ModVali4, F. Greco, A. Nakajo, J. Van herle. Parameter estimation of the elastic and creep properties of
Ni-YSZ anode based on four-point bending measurements (oral presentation). March 2-3, 2017,
Karlsruhe, Germany.

SOFC-XIV, ECS Conference on Electrochemical Energy Conversion & Storage, F. Greco, A. Nakajo, Z.
Wouillemin, J. Van herle. The effect of component tolerances on the thermo-mechanical reliability of
SOFC stacks (oral presentation). July 23-28, 2017, Hollywood FL, The United States of America.

13" European SOFC & SOE Forum, F. Greco, A. Nakajo, Z. Wuillemin, J. Van herle. Thermo-mechanical
reliability of SOFC stacks: impact of component tolerances and operating conditions, (oral
presentation). July 3-6, 2018 (planned), Lucerne, Switzerland.

Doctoral courses

Mechanics of Thin Films, EPFL, Spring semester 2013.

Nonlinear Finite Element Analysis, Luxembourg Summer School in Computational Engineering
Sciences, 1-7 July, 2013.

Multiphysics Finite Element Methods, EPFL, Winter semester 2014.

Non-destructive Evaluation Methods, EPFL, Spring semester 2016.

Extracurricular activities
Body-building

Car hill-climbing

Cooking

Travelling

Personal details

30 years old

Swiss C EU/EFTA residence permit (lucrative activity)
Driving licence (category: B)

Italian nationality

Unmarried
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