Investigations and numerical modeling of mechanical
properties of tempered martensitic steel Eurofer97 at
various loading rates, temperatures and
after spallation irradiation

THESE N° 8535 (2018)

PRESENTEE LE 4 MAI 2018
A LA FACULTE DES SCIENCES DE BASE
LABORATOIRE DE PHYSIQUE DES REACTEURS ET DE COMPORTEMENT DES SYSTEMES
PROGRAMME DOCTORAL EN PHYSIQUE

ECOLE POLYTECHNIQUE FEDERALE DE LAUSANNE

POUR L'OBTENTION DU GRADE DE DOCTEUR ES SCIENCES

PAR

Serafin KNITEL

acceptée sur proposition du jury:

Prof. R. Houdré, président du jury
Dr Ph. Spatig, directeur de thése
Dr P. Mueller, rapporteur
Dr I. Kubena, rapporteur
Prof. N. Baluc, rapporteuse

(Pr

ECOLE POLYTECHNIQUE
FEDERALE DE LAUSANNE

Suisse
2018






Acknowledgements

Per definition the acknowledgment is a statement that is printed at the beginning of a book/thesis where
the author expresses gratitude to others. Finally, being at this part of the doctoral program it turns out that
it is maybe the most difficult one, even it is well defined. The possibility to forget someone who had an
important contribution to this thesis is high and possibly there are too few lines there as well. Nevertheless,
| will give a try not to forget anyone.

First and foremost, | want to thank my supervisor Dr. Philippe Spatig who made this project possible includ-
ing the funding from the Swiss National Foundation (Grant No 200020-159932). During the four years, he
had always time for discussion no matter if related to work or not. It was mostly him who provided me with
scientific knowledge needed to further advance in work as well as to fulfill the desired approach to solve
efficiently problems. Despite many deadlines, a few issues and my “Habsburger” English, which he will miss
eventually, he always found a solution and got me back on track. | really appreciated to work with such an
open minded, humorous and unruffled person. Thanks a lot.

Besides my supervisor it was Dr. Elisabeth Muller who improved my skills in electron microscopy. Addition-
ally, I want to thank Dr. Mdiller for the fruitful discussions, Dr. Sigita Trabesinger who helped me a lot with
the ion polish device. Furthermore, | am thankful for all the support which | got from Beat Baumgartner,
Roger Schwenold, Roger Brun, Hans Kottmann, Stefan Stutz and Andrej Bullmer who helped me with exper-
imental issues, technical sketches and the sample preparation, Zaiging Que who spent much time with me
performing the EBSD analysis and other SEM techniques (thanks also to An Zhang at that point) and Milan
Heczko for his support in electron microscopy and crystallography.

An important person during my time at PSI was Dr. Ignasi Villacampa who was from the very beginning
always there to help me by sharing his knowledge/skills in discussions, by enjoying EPFL courses with me
and he encouraged me many times. Moreover, | was also supported from many others including Loic Favre
for sharing his knowledge related to work as well as Switzerland and Dr. Mesiam Sistaninia who introduced
me to FEM simulations. Among them, | would also thank: Dr. Freytag Koen and Dr. Vicente | & Il for their
FEM support.

Generally, | would like to thank my group for spending time together at lunch and/or at the coffee break
and my boss Hans-Peter Seifert who was always interested in scientific, political and geographical discus-
sions. Of course there are many others at PSI who made my stay as nice as possible including people in the
sport club and from other groups.

Last but not least, | want to thank my family including Astrid who helped me to overcome difficult times. |
also want to point out that the order of appearance is not indicating a value. It is simply the superposition
of all people | met which made this work possible.






Abstract

The reduced activation tempered martensitic steel Eurofer97 is a reference steel for structural
applications in fusion reactors. The first-wall and blanket materials will be subjected to high thermal
and neutron fluxes and will experience very complex, time-dependent mechanical loading. Owing to
impinging neutrons in materials, point defects and gasesous impurities (hydrogen and helium) are
created and accummulated in the form of small defect clusters in the microstructure altering the
mechanical properties. Notably, fracture toughness decreases as strength increases. Eurofer97, being
a body centered cubic alloy, presents a ductile-to-brittle transition temperature T, that shifts to
higher temperatures after irradiation.

The main objective was to study the loading rate and irradiation effects on plastic flow and fracture
properties of Eurofer97. Tensile and fracture tests were performed at temperatures in the transition
region, at low and high loading rates on unirradiated material. Tensile properties of irradiated
material were assessed after irradiation in the Swiss neutron spallation source SINQ to a dose of
about 11 dpa and helium content of 500 appm at about 250 °C. The information gathered from the
mechanical tests was used either as input in finite element models of fracture specimens, or as
benchmark data to calibrate and verify the predictions of the models. Fractographic observations
were also conducted.

The tensile tests on unirradiated Eurofer97 showed a strong temperature dependence and strain
rate sensitivity of the stress at low temperature, consistent with a mechanism of nucleation and
propagation of double kink on screw dislocation. At high loading rate, the strain rate hardening was
partially compensated by thermal softening due to quasi-adiabatic heating. The tensile properties
after irradiation showed strong irradiation hardening (increase of the yield stress) accompanied by a
drastic decrease of uniform elongation. The constitutive behavior at large strains, representative of
those at crack tip, was obtained with an inverse method, based on finite element (FE) models of ten-
sile specimens, developed to derive the true stress-strain curves from the load-displacement ones.
These curves were used as input for the FE models of fracture specimens. Comparative fractographic
observations on unirradiated and irradiated specimens did not reveal any strong effect of irradiation
or helium on fracture mechanism, which remains transgranular cleavage. This observation indicates
that higher helium concentration than 500 appm is necessary to initiate intergranular cleavage by
helium bubble precipitation on grain boundaries.

Dynamic fracture tests were performed on unirradiated Eurofer97. A shift of about 10 °C of T, by one
order of magnitude in loading rate was determined, which was in good agreement with results ob-
tained on different ferritic steels. Static fracture toughness tests were also performed on disk com-
pact tension specimens that can be accommodated in irradiation tubes of SINQ.

Different FE models of fracture specimens were developed to include strain-rate sensitivity of flow
stress, heating resulting from the plastic work in the fracture process zone and loading rate. The
structure of the stress field at the crack tip was studied and the temperature dependence of a lower
bound to toughness data in the transition was reconstructed using a calibrated criterion of local ap-
proach to brittle fracture.

Keywords: tempered martensitic steel, thermo-nuclear fusion reactor, ductile to brittle transition,
static and dynamic fracture toughness, irradiation embrittlement, inverse method, finite element
modeling, local approach of brittle fracture






Résumé

L'acier martensitique revenu Eurofer97 a faible acivation est le matériau structural de référence pour les
réacteurs a fusion. La premiére paroi et la couverture seront soumise a des flux thermiques et neutroniques
importants et subiront de complexe charges en fonction du temps. En raison du flux neutroniques dans les
matériaux, des défauts ponctuels et des impuretés gaseuse (hydrogen et hélium) sont créés et
s'accumulent sous la fomre d'amas de défauts dans la microstructure et altérent les propriétés mécaniques.
La ténacité en fracture décroit notablement alors la résistance en déformation croit. L'Eurofer97, ayant une
structure cubique centrée, présente une température de transition ductile-fragile Ty qui augmente apres
irradiation.

L'objectif principal a été I'étude des effets de vitesse de chargement et d'irradiation sur I'écoulement plas-
tique et les propriétés en fracture de I'Eurofer97. Des essais de traction et de fractures ont été conduits a
des températures dans la région de transition, a faible et haute vitesse de charge sur du matériau non-
irradié. Les propriétés en traction du matériau irradié ont été évaluées apres irradiation a 250 °C dans la
source de spallation SINQ a une dose de 11 dpa et un contenu en hélium de 500 appm. L'information obte-
nue des essais de mécaniques a été utilisée soit comme input pour les modeles par éléments finis, soit
comme données de référence pour calibrer et vérifier les prévisions des modeles. Des observations fracto-
graphiques ont également été conduites.

Les essais de tractions sur I'Eurofer97 non-irradié ont montré une forte dépendance et sensibilité de la
contrainte d'écoulement a la vitesse de déformation a basse température, cohérent avec un mécanisme de
nucléation et propagation de double kink sur les dislocations vis. A haute vitesse de charge, le durcissement
de vitesse de déformation était partiellement compensé par un adoucissement thermique résultant de
chauffage adiabatique. Les propriétés en traction apres irradiation ont montré un fort durcissement d'irra-
diation (augmentation de la limite d'élasticité) accompagné d'une diminution drastique de I'élongation
uniforme. Le comportement constitutif é haute déformation, représentatives de celles en pointe de fissure,
a été obtenu avec une méthode inverse, basée sur de la modélisation par éléments finis des échantillons de
traction, développée pour dériver les courbes de contrainte-déformation vraies des courbes de force-
déplacement. Des observations fractographiques comparatives entre des échantillons non-irradiés et irra-
diés n'ont pas révélé d'effet marqué de l'irradiation ou de I'hélium sur les mécanismes de fracture, qui res-
tent du clivage transgranulaire. Cette observation indique qu'une concentration d'hélium supérieure a 500
appm est nécessaire pour initier du clivage intergranulaire par précipitation de bulles d'hélium aux joints de
grains.

Des essais de fracture dynamique ont été réalisés sur I'Eurofer97 non-irradié. Une augmentation de 10 °C
de la température T, par ordre de grandeur de vitesse de charge a été déterminée, ce qui est en bon accord
avec des résultats obtenus sur différent aciers ferritiques. Des essais de fracture statique ont aussi été con-
duits sur des échantillons traction compacts ronds qui peuvent étre accommodés dans des tubes d'irradia-
tion de SINQ.

Différents modeles par éléments finis ont été développés pour inclure la sensibilité de la contrainte d'écou-
lement a la vitesse de déformation, le chauffage di au travail plastique dans le zone de fracture and la vi-
tesse de charge. La structure du champ de contrainte en téte de fissure a été étudiée et la dépendance en
température de la limite inférieure de donnée de ténacité en fracture dans la transition a été reconstruite
avec un critére calibré d'approche locale de la fracture fragile.

Mots-clés: aciers martensitiques revenus, réacteurs a fusion thermonucléaire, transition fragile-ductile,
ténacité en fracture statique et dynamique, fragilisation d'irradiation, méthode inverse, modélisation par
éléments finis, approche locale de la fracture fragile
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Chapter 1 Introduction

Due to the high energy demand on the planet, new energy technologies have to be developed. Thermonu-
clear fusion energy is a promising option as it is clean and fuel is abundant. Many scientific and technical
hurdles have already been overcome but still some big issues remain unsolved. One particular problem
concerns the material degradation due to the intense flux of high-energy fusion neutron. Material feasibil-
ity studies for fusion reactors are motivated by the long term view for commercial power plants. However,
the demanding fusion conditions to the plasma facing components remain beyond the capability of current
commercial materials. In particular, it is a challenge to determine and improve the design temperature
limits controlled by neutron irradiation (see Figure 1).
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Figure 1: Sketch of the design window of fusion reactor structural steels including the arising limitations (adapted from

(1]).

The lower temperature limit is determined by embrittlement of the material due to irradiation hardening.
At higher temperature, the limit is controlled by several factors including thermal and irradiation-induced
creep, and helium embrittlement. At moderate temperature, dimensional instabilities may come into play.
Besides the material issues, the reactor blanket has to be designed to fulfil functional tasks, such as tritium
breeding and removing the heat produced by the impinging neutrons. To maximize the net power outcome
of the power plant, materials with good high-temperature properties must be considered. Therefore, fusion
reactor materials research has to be addressed on a fundamental scientific basis to develop structural and
functional materials capable of withstanding the harsh environment of a fusion reactor.

Tremendous progress has been made in structural material for the first wall and blanket of future fusion
reactor, where ferritic/martensitic and oxide dispersion strengthened steels are leading candidates. In the
International Thermonuclear Experimental Reactor (ITER) under construction in Cadarache, six different
TBMs will be tested. Two TBMs currently developed in Europe will be made of Eurofer97 steel as structural
material. Eurofer97 is an advanced reduced activation ferritic/martensitic steel that possesses good ther-
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mo-mechanical properties before and after irradiation and dimensional stability under irradiation. The con-
junction of high resistance against irradiation of the reduced activation ferritic/martensitic steels, good
balance of the overall mechanical properties, and low swelling arises from the body centered cubic (BCC)
structure of these steels. However, the main drawback of the ferritic/martensitic steel resides in their frac-
ture behavior that exhibits a so-called ductile to brittle transition with decreasing temperature. This behav-
ior is illustrated in Figure 2 left, where the temperature dependence of fracture toughness is illustrated and
where we can distinguish three regions: lower shelf, transition and upper shelf. Basically, the fracture mode
is brittle on the lower shelf and in the transition while it is ductile in the upper shelf. Neutron irradiation at
the operating temperature of the reactor causes a substantial increase in yield stress, which in turn shifts
the ductile to brittle transition region to higher temperatures. This phenomenon is called embrittlement
that requires assessment methods to safely manage the operation limits in terms of temperature and load-
ing. The embrittlement can be quantified with a reference temperature T, at a toughness of 100 MPaVm in
the transition. The embrittlement is then characterized by a shift of T, (AT;,) (Figure 2 right).
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Figure 2: Left: lllustration of the fracture modes for a BCC steel at different temperature. Right: Ductile to brittle tran-
sition temperature defined by the master curve. Additional shifts due to irradiation AT;, and He embrittlement AT,
are indicated as example.

Furthermore, neutron flux induces transmutation products like hydrogen and helium which may cause an
additional shift of the DBTT, where He plays the major role. Helium is suspected to induce an additional
embrittlement at relative large concentration (> 500 atom part per million) by a non-hardening effect that
would manifested in an increasing fraction of intergranular fracture in comparison to cleavage fracture [2].
Other upward or downward shifts of Ty can occur due to loading rate, crack configuration (shallow versus
deep crack), dimension of the cracked structure with regard to the crack length. Loading-temperature his-
tory adds complexity in dealing with embrittlement.

Another challenge, which the structural materials have to face, are plasma disruptions, where the magnetic
confinement is lost, exposing the first wall to massive thermal and electromagnetic loads in only a few ms.
High heat loads are dissipated during a disruption causing erosion of the material and induce thermal
stresses due to the large temperature gradient. In addition, electromagnetic forces can lead to very high
forces which act on the structure within a short time. The thin walled structure of the first wall makes it
necessary to develop fracture toughness analysis method to address the combined effect of neutron irradi-
ation, high loading rates and constraint levels on embrittlement.
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1.1  Objectives of the thesis

The main goal of this PhD work is to gain insight in a number of key issues that mediate the ductile to brittle
transition temperature T, of the reference reduced activation tempered martensitic steel Eurofer97.

First, the role of the loading rate on fracture toughness on unirradiated Eurofer97 has to be investigated as
it has been very little documented and investigated. In order to do so, mechanical tests have to be per-
formed to assess the tensile properties and fracture properties over a range of temperatures in the transi-
tion region, at low and high loading rates. The tensile properties will serve as input for finite element mod-
els of loaded cracks results, while the static and dynamic fracture tests will constitute the database to cali-
brate and verify local approach models of brittle fracture.

Second, the effect of irradiation on the tensile properties of irradiated specimens will be determined after
spallation neutron/proton irradiation at about 250 °C in SINQ target at Paul Scherrer Institute. The objec-
tive is to evaluate the evolution of the tensile properties and fracture behavior after high dose with a signif-
icant amount of helium (about 11 dpa and 500 appm He). Since small and non-standard tensile specimens
have to be used, the determination of the tensile properties requires the development of an indirect analy-
sis method, which per se constitutes one objective of this work. Tensile tests and finite element modeling
are the tools foreseen to attain this objective.

The third objective is to link not only the tensile properties to the fracture behavior in the transition region
but also their respective evolution after irradiation. Local approach of brittle fracture models appear as a
very powerful method to deal with this problem. For reliable prediction of embrittlement, sensitivity analy-
sis of the parameters of the model considered has to be carried out on the various models envisaged. Actu-
ally, 3D and simplified 2D models of fracture specimens will be used, their advantages and limitations dis-
cussed, and their predictions compared with the experimental results.






Chapter 2 Literature Review

In this chapter, first a short overview of the current fusion reactor concepts is given, followed by a brief
summary of the development of tempered ferritic/martensitic steels for thermonuclear fusion reactor ap-
plications. Fundamental mechanisms of irradiation on material are covered and their impact on the materi-
al and fracture properties presented. The available irradiation techniques with their respective advantages
and drawbacks are discussed. Finally, local approaches to brittle fracture, which are finite element guided
methods to address cleavage fracture, are introduced.

2.1 Fusion

Francis William Aston made in 1920 precise measurements of many different atoms, among them hydro-
gen and helium. He found that four hydrogen nuclei were heavier than a helium nucleus [3]. Consequently,
Sir Arthur Eddington speculated that the source of stellar energy was the conversion of hydrogen to helium
[4]. Nuclear fusion was discovered. It was also Eddington which gave the following remark at that time:

“If, indeed, the subatomic energy in the stars is being freely used to maintain their great furnaces, it seems
to bring a little nearer to fulfillment our dream of controlling this latent power for the well-being of the hu-
man race — or for its suicide”.

Since this statement was made, much time has passed and we still do not have any operating controlled
fusion reactor with a positive energy output. On contrary to the sun, fusion reactors will need a different
fuel for nuclear fusion reactions to take place. Deuterium and tritium is envisaged for the first generation of
fusion reactors to create helium-4. This fusion reaction is the easiest to trigger due to its large cross section

[5]:
*H+T; — jHe(3.5MeV)+n°(14.1MeV)..

Temperature of about 100 millions of degree Celsius has to be reached in the plasma for this reaction to
occur. Magnetic and inertial confinements for fusion have been investigated, whereas emphasis has been
put on the magnetic one. Currently the two most advanced systems, which confine plasma with magnetic
fields, are the tokamak and the stellarator [6]. The difference among them is how they achieve the plasma
equilibrium. While tokamaks are axisymmetric, stellarators colnsist of a complicated twisted coil design.
Due to the symmetry and simpler concept, the tokamak design appears more promising than the stellarator
one. Thus, in the following emphasis is given to the tokamak design and issues.

2.1.1 Tokamak

First developed by Soviet research, the tokamak concept was selected for the International Thermonuclear
Experimental Reactor (ITER). ITER is being built to demonstrate the feasibility of producing a net energy
gain and to breed tritium within the blanket. In Figure 3, the design of ITER is shown with a cross view of
the reactor. The vacuum vessel, the divertor and the blanket modules are highlighted. The vacuum vessel
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supports the blanket as well as the divertor modules and acts as the first safety barrier. At the bottom of
the vacuum vessel, the divertor can be found. Its function is to remove helium and impurities from the re-
actor. Furthermore, it is the part that has to withstand the highest heat loads.

Reactor Cut-Away
1 Vacuum Vessel
2 Blanket Modules

. n:t'..l_l;:i:§

1 e

3 Divertor

-

Figure 3: ITER design and cross section of the reactor. Reactor cut-away shows in-vessel components.

One of the most challenging components in ITER is the blanket. It has to extract the majority of the plasma
heat, it is the main contributor in providing neutron shielding for the magnets and vessel structure, and it
provides limiting surfaces that define the plasma boundary during start-up and ramp down [7] [8].

Due to the manifold tasks and the exposed irradiation, the blanket modules design and concept for future
fusion reactors is not yet chosen. Therefore, up to 6 test blanket modules (TBMs) from six different teams
will be tested in ITER simultaneously [9].

2.1.1.1 Test Blanket Modules

Several different TBMs concepts will be tested in ITER located in the equatorial ports of the fusion reactor.
Emphasis will be put on the two developed reference breeding blanket concepts from Europe, which are
based on the demonstration fusion power plant reactor (DEMO) specifications. In both concepts, pressur-
ized helium acts as a coolant [10]:

1. The Helium Cooled Lithium Lead (HCLL) concept: A eutectic Pb-16Li, which is enriched in °Li is used
as a tritium breeder as well as a neutron multiplier.

2. The Helium Cooled Pebble Bed (HCPB) concept: Lithiated ceramic, which is enriched in °Li, acts as a
tritium breeder and beryllium pebbles as a neutron multiplier.

Both are designed for optimized heat extraction in the range of 300 to 500 °C. In Figure 4, the basic set-up
as well as the two different designs are shown.
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b)

Breeder unit

First Wall

PbLi inlet pipe
+manifold

Figure 4: European Test blanket modules. a) General set-up. b) HCCL concept. c) HCPB concept. (from [10])

The first wall, the side cap and the stiffening grid separate the entire box volume into several cuboids,
which contain the breeder/multiplier as well as the heat extraction plates. In other words, the TBMs basic
stet-up is the same for both concepts. They simply differ by the inserts which will be put into the described
cuboids. The cooling distribution unit which provides the pressurized helium is attached at the back of the
TBM structure. From the design it can be seen that the structure consists of plates with various thickness.
This clearly contrasts with the massive walls of a reactor pressure vessel of a fission reactor.

2.1.1.2 Fusion challenges

The ITER goal is to test the feasibility of fusion and should provide valuable experience of the behavior of
the reactor as well as the design. Nevertheless, there are still huge gaps between ITER and a commercial
fusion power plant. In particular, for DEMO reactor the requirements to the structural material will increase
due to the longer pulse of the plasma (>2h) or even steady state and the overall higher power of the power
plant. As a consequence, the irradiation dose on the first wall, blanket and divertor in DEMO will be much
higher than in ITER.

2.1.1.2.1 Irradiation damage

The neutron fluence on the first wall of ITER is estimated to be around 0.3-0.5 MWa/m?, whereas in DEMO
the neutron fluence increases up to 10 MWa/m? [11]. Therefore, the irradiation induced damage in the
structural material increases significantly. In material science, the radiation damage in solids is usually
measured in displacements per atom (dpa) instead of neutron fluence. The dpa represents the average
number of times any atom in the material has been knocked out of its lattice position. Federic et al. calcu-
lated the expected damage for DEMO in the first wall made of steel in terms of dpa and He production (see
Figure 5). Depending on the position in the fusion reactor first wall (FW), the material suffers from severe
radiation damage per full power year (fpy). However, with increasing distance from the first wall, the radia-
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tion damage reduces significantly. Depending on the TBMs concept, the dose on the vacuum vessel can be
less than 0.01 dpa/fpy [12].
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Figure 5: Calculated variation in dpa and He production in Eurofer97 per full power year in DEMO depending on the
position in the first wall (from [12]).

ITER will provide results on plasma physics and tritium breeding but the high dpa and transmutation pro-
duction rate in materials for DEMO are beyond any experience. Initially, the requirements for the first wall
materials in DEMO have been set to withstand neutron damage up to 20 dpa [12] but will have to be in-
creased even further. In order to achieve this goal, characterization of materials exposed to a fusion neu-
tron spectrum at such high doses has to be performed, especially to assess the role of helium on the degra-
dation of the mechanical properties.

2.1.1.2.2 Plasma disruptions

In tokamaks the plasma can become unstable if the plasma current or pressure increases too much causing
a sudden termination of the plasma confinement. Such events are called plasma disruptions (PDs) and are
known since that confinement concept was proposed in the 1960s [13]. PDs are rapid events and cause the
entire loss of thermal and magnetic energy stored in the plasma. The short time scale and the amount of
energy dissipated during a PD increases the requirement of resistance of the first wall material. A disrup-
tion can be basically split into two phases [14]:

1. Thermal quench (TQ): Thermal energy is lost and dissipated to the first wall.
2. Current quench (CQ): The magnetic energy is dissipated and the plasma current rapidly reduces.

Therefore, high heat loads is dissipated during the TQ and possibly also at the CQ through ohmic heating
[14]. However, most serious thermal load occurs at the TQ and causes local melting and vaporization. Be-
side the erosion due to vaporization and spallation, the temperature increase leads to large gradients with-
in the bulk and causes thermal stresses [15]. The heat load increases temperature at the surface and sub-
surface significantly. However, the occurrence of thermal stresses may exceed the material yield strength
and cause plastic deformation [16].
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Furthermore, the rapid changes in magnetic field during a disruption induce eddy currents in the conduc-
tive first wall. Additionally, so called halo currents flow through the structure when the disrupting plasma
makes contact with the first wall [17]. In combination with present magnetic field, severe electromagnetic
forces will be induced. The resulting forces on the structure are significant and have to be considered [18]
[17]. As already mentioned, the PD events are rapid and occur within a timescale of ~ms. Therefore the
electromagnetic forces will be applied to the first wall within short time and may cause severe damage.
Kasada et al. estimated from the calculations of [19] and an approximately blanket structure of a few milli-
meter that a strain rate of 0.1 s™* can be reached during a PD [20] (see Figure 6).
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Figure 6: Possible occurring strain rates at a plasma disruption in relation to other phenomena’s (from [20]).

To avoid such plasma disruptions, control systems monitor the current plasma conditions. However, such
control system can only minimize the probability of disruptions but cannot avoid them. Therefore, safety
consideration for future fusion power plants should include dynamic deformation behavior of the structural
material as well.

2.2 Development of reduced activation ferritic/martensitic steels

In contrary to the vacuum vessel made of austenitic stainless steel 304 containing boron for effective neu-
tron shielding performance [21], new alloys had to be developed for the first wall and the blanket, which
have to have a good balance of properties under irradiation, i.e., good strength and ductility, high fracture
toughness, reasonable fatigue and creep resistance as well as limited swelling. Austenitic steels undergo
high swelling rate at higher neutron doses which produces unacceptable volumetric swelling in structural
components [22] [23]. Ferritic/martensitic (FM) steels do show a better swelling resistance also at higher
neutron doses and were therefore preferred. FM steels with a Cr content of 8-12 wt% have been investi-
gated due to their good irradiation resistance. In addition, the microstructure of FM steels can be con-
trolled by applying heat treatments that results in the desired mechanical properties [24].

Besides the above mentioned material properties, emphasis was given on the development of so called low
or reduced activation materials. The idea is to reduce the long term activation behavior to achieve a low
level waste within a few hundred years compared to several 100 000 years for a conventional steel. There-
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fore, the chemical composition of conventional 9% Cr steels had to be modified by replacing Mo, Nb, and Ni
by W,V and Ta in order to obtain low residual activation [25] (see Figure 7). The resulting alloys are called
reduced activation ferritic/martensitic (RAFM) steels.
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Figure 7: Calculated y-surface dose rate. Left: Fe and some important alloying elements (from [26]). Right: RAFM steels
and Fe after being irradiated to a 12.5 MW/m? spectrum (from [27]).

Two RAFM steels namely Eurofer97 and F82H are currently the most promising RAFM steels in terms of
material properties as well as fabrication and already have a large database. Therefore, both TBM concepts
developed by Europe will use Eurofer97 as a structural material [10].

2.3 Irradiation damage

Radiation on solids usually results in degradation of their material properties. To develop irradiation re-
sistant materials, it is crucial to understand the basic process of damage production and accumulation. The
initial production of defects follows the interaction of an incident energetic particle with a lattice atom,
which results in a certain recoil energy (transferred kinetic energy). As a consequence, the lattice atom is
knocked out of it lattice position if the transferred energy is higher than a threshold energy E4, which is of
the order of few tens eV in metals and depends on the material and the lattice orientation (see Figure 8).
The created displaced atom is called primary knock on atom (PKA, see Figure 8) and can create additional
displaced atoms while moving through the lattice if it has enough kinetic energy. A displacement cascade is
formed. In order to displace an atom, a certain threshold energy Eq is needed. If the energy of the displaced
atom falls below Eg, the cascade is terminated. The creation of a vacancy and interstitial atom is called a
Frenkel pair (FP) or Frenkel defect.

The accumulated damage in solids is commonly indexed by displacements per atom (dpa). A major ad-
vantage of using dpa to measure the irradiation damage is the fact that it allows to compare results ob-
tained between different irradiation sources [28]. However, dpa cannot be used as a measure to compare
irradiation behavior in different materials [29]. Also it has to be pointed out that a given dpa value cannot
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be directly related to the accumulated damage as only a minority of displaced atoms survives as a defect,
namely 30 % of the primary defects survive the short time cascade recombination [30].
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Figure 8: Left: Schematic representation of displacement damage. Right: Kinchin-Pease model indicating the number
of displaced atoms N versus the energy of the PKA.

In case of a fusion reactor, high energy 14 MeV neutrons are created that penetrate into the first wall caus-
ing displacement cascades (see Figure 8). The amount of created FPs depends strongly on the energy of the
PKA as illustrated in Figure 8 with the Kinchin-Pease model [31]. The high-energy fusion neutron produce
most of PKAs with energies > keV, whereas the maximum is found to be in the MeV range. In addition, 14
MeV neutrons create transmutation reactions leading to hydrogen and helium production. Typically, about
40 appm H and 10 appm He are produced per 1 dpa in ferritic/martensitic steel. In Figure 9 the PKA energy
distribution created in the first wall being exposed to the neutron spectra of DEMO is shown.

Once a PKA distribution is known, the produced damage can be calculated in terms of FPs (see Figure 9).
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Figure 9: Left: Calculated total PKA spectra for pure Fe in the first wall of a DEMO (impact of the different TBMs is
indicated). Right: Frenkel pair production in Fe under DEMO conditions (both from [32]).
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Over a broad range of PKA energies, a significant amount of FP is created. However, the results were ob-
tained by using the stopping and range of ions in matter (STIM) binary collision approximation (BCA) code
[32].

The above mentioned FPs are so called primary defects. Most of them recombine due to thermally activat-
ed motion of defects. Surviving defects accumulate in the form of secondary defects (clusters of defects) in
the form of interstitial and vacancy dislocation loops, voids, stacking fault tetrahedra and precipitates.
These microstructural changes are more stable than the initial point defects and lead to changes in the
material properties.

Besides the mentioned defects, the high energy neutrons cause transmutation products such like H and He
from (n,p) and (n,a) reactions. The threshold for (n,p) (~1 MeV) and (n,a) (~5 MeV) reactions in Fe is well
exceeded by the 14 MeV neutrons in a fusion reactor [33]. Large amounts of He are also generated by
thermal neutrons in Ni-bearing alloys [34]. However, the cross section for transmutation reactions varies
considerably from element to element but cannot be avoided simply by selecting special elemental compo-
sition [35]. Due to the lower threshold than helium, even larger amounts of H will be produced in the first
wall.

Hydrogen may get trapped among others at irradiation defects and affects mechanical behavior. It is also
associated with the reduced cohesion of grain boundaries due to higher segregation rates compared to the
bulk [2]. However, it is expected that H diffuses out at irradiation temperatures T;> 250 °C [36] [37] [38].
Due to the fact that the operational temperature of a fusion reactor will be at 250-400 °C, the focus of cur-
rent investigations lies in He effects. Nevertheless, H may effects the hardness and ductility and is still re-
tained in martensitic stainless steels at elevated temperatures [36]. It is also possible that H may be stored
in small bubbles, which were initially nucleated by He at lower temperatures (<350 °C) [39]. Higher concen-
trations of H may also cause embrittlement in tempered martensitic steels [2].

Due to insolubility of He in solids, it diffuses in the material and forms bubbles at various microstructural
trapping sites including grain boundaries [34]. Moreover, the He bubbles can interact with irradiation in-
duced defects such as nucleation sites for growing voids. He induced microstructural changes have an im-
pact on the mechanical behavior like embrittlement [40] [2]. Yet, the role of He has to be extensively stud-
ied, especially at higher He/dpa levels that will be reached in DEMO.

2.3.1 Irradiation effects on ferritic/martensitic steels

The fusion material community was initially inspired from materials being used in fission reactors, in partic-
ular the 12 % Cr martensitic steel HT9 from Sandvik. However, those ferritic/martensitic (FM) steels had to
be modified to meet the requirements in a fusion environment. As already mentioned in section 2.2, some
alloying elements had to be replaced or minimized to assure a short decay time of the induced radioactivi-
ty. So far, more than 30 years of research has been done on developing low or reduced activation FM
steels. In the following, the recent research knowledge about irradiation effects on FM steels is presented
with a focus on tensile behavior and hardening, irradiation creep and irradiation embrittlement. Results
obtained mainly from the two FM steels developed by Japan (F82H) and Europe (Eurofer97) will be pre-
sented due to their large database.
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2.3.1.1 Irradiation hardening

After neutron irradiation, the tensile behavior of FM steels is strongly modified due to the irradiation-
induced secondary defects. The created dislocation loops, defect clusters, voids and bubbles contribute all
to the strengthening of the material (see Figure 10), which can cause a significant increase of the yield
stress. The irradiation hardening occurs for irradiation temperature up to about 450 °C. Beyond this tem-
perature, irradiation softening may happen.
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Figure 10: Left: Stress/strain diagram of Eurofer97 (from [41]). Right: Evolution uniform elongation with irradiation
dose (from [42]). Dashed lines are guidance for the eyes.

However, in comparison to the yield stress the ultimate tensile strength (UTS) increases less. Simultaneous-
ly, a strong reduction of the uniform elongation (defined at the UTS) is observed. If the yield stress and UTS
practically coincidences, there is a complete loss of uniform elongation [43]. Figure 10 shows the loss of
uniform elongation for different FM steels irradiated at <400 °C, which were tested at or around irradiation
temperature. A sharp drop of uniform elongation can be recognized even at low irradiation doses. For the
conventional 9Cr steels, the loss of ductility does not seem to saturate [44], whereas this appears improved
for the newly developed FM steels.
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Figure 11: Left: Yield stress evolution with irradiation temperature. Right: Yield stress increase with irradiation dose at
Ti<350 °C (both from [42]). Dashed lines are guidance for the eyes.
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Irradiation hardening of FM steels is very sensitive to temperature and can vary significantly [42]. In Figure
11, the yield stress irradiation temperature dependence for several RAFM steels as well as conventional
steels is shown.

Generally, the irradiation hardening is less pronounced for RAFM steels compared with conventional 9Cr
steels whereas no hardening is observed for temperatures beyond 400 to 430 °C. However, depending on
the fluence radiation enhanced softening may be observed [45].

Beside the mentioned temperature dependence, irradiation hardening shows dose dependence as well. As
the doses on the first wall are much higher compared with fission irradiation, the irradiation hardening at
higher doses is from great interest. Neutron irradiated FM steels do first show a steep increase in yield
stress at lower doses (see Figure 11). However for some of the FM steels saturation in hardening at higher
doses irradiated at 300 to 335 °C can be observed. On the other hand such saturation behavior was not
found for Eurofer97 at the same temperature range [46] [47] [44] [48] [49].

2.3.1.2 Irradiation Creep

Creep is defined as a time dependent deformation of a metal under constant load and high temperature,
typically above 0.5 T,,. In general, creep is a thermally activated process and shows different stages charac-
terized by different strain rate. It requires the thermal formation of vacancies and the motion of them by
volume or grain boundary diffusion as well as the climb of dislocations over obstacles and glide along slip
planes [50]. Therefore the thermal creep properties are defining among others the upper operating tem-
perature (see Figure 12).
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Figure 12: Left: Upper temperature limit for different steels based on a 10" h creep rupture time (from [51]). Right:
Diametral strain of various 9Cr steels in dependence of irradiation dose at hoop-stresses between 150 - 220 MPa at
325 °C (from [52]).

Under irradiation the creep rate increases significantly and can induce creep at lower temperatures [50]
whereas the microstructure of the material plays an important role. The induced point defects due to irra-
diation accelerate the kinetics of dislocation climb, coarsen the precipitates and enhance generally the dif-
fusivity [24]. The 9Cr martensitic steels do show good irradiation creep stability under fission irradiation
(see Figure 12).
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2.3.1.3 Irradiation embrittlement

FM steels have a body centered cubic (BCC) structure and exhibit a ductile to brittle transition. Below a
critical temperature, fracture toughness of the material decreases dramatically changing from the initial
ductile behavior to brittle. The temperature at which the ductile to brittle transition temperature (DBTT)
occurs can be defined either with Charpy impact tests or with fracture toughness tests. Charpy tests meas-
ure the energy absorbed to break notched specimens under impact loading. A typical Charpy curve consists
of a lower shelf at low temperature and an upper one at high temperature, which are connected by a grad-
ual increase of energy. The DBTT determined by Charpy, T,, can be indexed in different ways but is always
related to the transition between the two shelves. Even though T, is a useful measure of brittleness, T. can-
not be safely used for quantitative assessments of structures containing loaded cracks, where fracture
toughness K has to be considered. Similarly to the Charpy curve, the median fracture toughness-
temperature curve K.q(T) presents two shelves connected by a transition region. For fracture reactor pres-
sure vessel (RPV) steels, Wallin demonstrated that the shape of the K.4(T) curve in the transition has a
constant shape for all unirradiated and irradiated low alloy bainitic RPV steel [53]. While developed for RPV
steels, the method also applies to martensitic steels and perhaps to vanadium alloys [54] [55]. The Keq(T)
curve, for a reference B = 25.4 mm thick specimen with statically loaded deep crack, is described by the
ASTM-E1921 standard Master-Curve expression [56]:

K ea(T)=30+77exp(0.019(T -T,)) (1)

In this case, Ty, the so-called reference temperature Ty at a median toughness of 100 MPavm, represents
the DBTT but can be significantly different from that determined with Charpy tests T.. However, the only
difference between different steels is the reference temperature T,. This observation and basic hypothesis
led to the development of the so-called master-curve method for measuring K. in the cleavage transition
and T,. The ASTM-E1921 establishes the requirements to determine the index T,, as well as K,((T) curves at
specified confidence (probability) intervals (e.g., 1 and 99%) that reflect the inherent statistical variability in
measured cleavage toughness, for the same steel and test conditions. The master-curve approach is gener-
ally applicable to ferritic, bainitic and tempered martensitic steels. However, based on the fracture tough-
ness dataset of several unirradiated and irradiated ferritic-martensitic steels, Lucon [57] raised some
doubts about the applicability of the master-curve method in this case, observing that intrinsic scatter of
some toughness data in the transition region is greater than predicted, which is likely to be the conse-
quence of a strong specimen size effect on toughness not properly taken into account. However, Odette et
al. [58] assembled all the available fracture toughness data on F82H steel and showed that by adjusting
these data to a common specimen size, the toughness behavior of F82H in the transition was consistent
with the master-curve. Later on, the applicability of the master curve method to the unirradiated tempered
martensitic steel Eurofer97 was also assessed by Mueller et al. [59]. This study was based on the analysis of
a fracture toughness database of Eurofer97 steel obtained with sub-sized 0.18T, 0.36T and 0.88T CT speci-
mens tested in the lower to middle transition region. The large number of data points of the analyzed data-
base allowed recalculation of the master-curve coefficients. The data suggest an adjustment of the ather-
mal part of master-curve equation (30 MPavm in the standard Master-Curve) is sufficient to represent the
data with a slightly modified equation as:

K

med

(T)=A+(100—A)exp(0.019(T-T,)) )
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An A = 12 MPavm provided the best fit to the K(T) data for Eurofer97 down to the lower shelf as can be
seen in Figure 13. Without this adjustment it would be difficult to accurately define T, from data near the
lower shelf.
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Figure 13: Modified master-curve of unirradiated Eurofer97 steel, To = 78 °C (from [59]).

Many FM steels possess good fracture toughness in the upper shelf temperature region. Additionally, the
DBTT before irradiation lies well below room temperature both in quasi-static and dynamic loading condi-
tions [60] [61] [62] [63] [64] [65] [66]. However, the induced irradiation hardening in FM steels results in
embrittlement, which shifts the DBTT (AT, for Charpy tests or AT, for fracture toughness test) to higher
temperatures and may be of great concern [61] [62]. Figure 14 illustrates the effect of irradiation on the
shift of the Kneq(T) curve and corresponding AT,. In this example, K;. was measured with pre-cracked sub-
sized compact tension 0.18T CT specimens of unirradiated and irradiated Eurofer97 steel.
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Figure 14: Fracture toughness results and corresponding master-curves in the unirradiated and irradiated conditions
(from [67]).

Extensive evaluation of the DBTT shift for FM steels with different chemistry is shown in Figure 15 . The
minimum around 9% Cr is very clear and is the main reason for 9 % Cr in F82H and Eurofer97. However,
increasing the Cr content would improve the corrosion resistance [24].
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Figure 15: Left: DBTT measured by Charpy tests shift in relation to Cr content for different irradiation doses (from
[24]). Right: DBTT measured by Charpy tests shift in FM steels at different irradiation temperatures (from [42]).

In Figure 15, the DBTT shift for different FM steels at various irradiation temperatures is shown. The data
set involves different FM steels which were irradiated at distinct conditions. Therefore, more details on the
shown material as well as irradiation process would be needed to describe the difference among them.
Still, it can be observed that the 9Cr steels do show a smaller shift at T;>100 °C in comparison to the 12Cr
steels [42].

Similar to irradiation hardening, embrittlement is pronounced at irradiation temperatures between 250 to
450 °C [42]. The maximum DBTT shift for 9 to 12 % Cr steels is observed at 250 to 300 °C. The RAFM steels
do show a lower shift in comparison to the conventional steels which was explained by Klueh et al. with the
different microstructure and chemical composition [61]. In addition the Cr content in relation to the irradia-
tion temperature shows that for 9Cr steels the DBTT after irradiation remains below room temperature for
T>375 °C whereas for 12Cr steels T; has to be >450 °C. For 17Cr steels the DBTT falls always below room
temperature for all irradiation temperatures [68] [69] [70] [71].

Simple linear correlations between AT, or AT, and the ambient temperature Ao, are often reported in liter-
ature, as AT, = C. Ag,. A compilation and analysis of Ao, and AT, data for 9Cr tempered martensitic steel
indicates an average value of C. of about 0.38 + 0.18 °C/MPa [2]. Similar to Charpy curves, it has been
shown that AT, = C, Ao, with ~ 0.57 + 0.13 °C/MPa proposed by Odette [72]. Charpy AT, are somewhat
lower than AT, and are consequently a non-conservative measure of embrittlement, and should not be
used as a surrogate for fracture toughness AT,.

2.3.1.4 He effect

Structural materials in fission reactors are exposed to high neutron fluxes as well. However, the major dif-
ference lies in the neutron energy spectrum that shows a high portion of 14 MeV neutrons (=20 %) and
lower energy (=80 %) for a deuterium tritium reaction in a fusion reactor [34]. As a consequence, the
transmutation reactions in Fe differ from <1 appm/dpa He in a fast fission spectrum to ~10 appm/dpa He in
a fusion spectrum [73]. In Figure 16 the increase in cross section for the (n,a) reaction with increasing neu-
tron energy is shown.
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Figure 16: Left: Cross section for (n, a) reaction for neutrons with different energy (from [74]). Right: Cross sections for
14 MeV neutrons producing He in various elements. Dashed lines indicate the trends of the indicated reactions (from
[75]).

Virtually any element can contribute to the (n,a) reaction but the cross sections vary considerably with the
atomic number (see Figure 16). Therefore, He production cannot be avoided by changing the chemical
composition of an alloy. Instead, elements with a large cross section, like Ni, can be replaced or the amount
be reduced. The large accumulated He concentration in the first wall affects the mechanical behavior of the
material and contributes among others to swelling, hardening and embrittlement. In this review the em-
phasis will be put on the He embrittlement.

Metals undergo void swelling if exposed to neutron irradiation due to clustering of vacancies produced by
the displacement cascade. It is the most pronounced at irradiation temperatures at 425 °C for Fe-Cr alloys
[22] but may differ a lot due to chemical composition. FM steels develop much less swelling compared with
austenitic steels (see Figure 17). However, under the presence of He the swelling resistance can be affected
[76].
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Figure 17: Left: Observed swelling with increasing dpa for austenitic and FM steels (from [34]). Right: Effect of He on
swelling and void density at different He concentration for Eurofer97 irradiated to 16.3 dpa (from [77]).
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FM steels show increased swelling at higher He/dpa ratios (see Figure 17). Helium acts as a stimulant for
cavity swelling in FM steels at high He levels [78] [79]. The observed swelling rates suggest that void swell-
ing may be of concern for doses above 25 dpa [80]. However, most studies used a high He/dpa ratio which
may leads to non-conservative estimates of the critical dose for void swelling due to excessive cavity nucle-
ation [80].

As already mentioned, neutron irradiation causes hardening of the material, which depends on the irradia-
tion temperature. The hardening is usually represented by the increase in yield stress Aoys, which follows a
square root dose dependence at low dose and tends to saturate at higher doses. However, data obtained
from spallation neutron irradiated material do not show saturation (see Figure 18).

Remarkable hardening was measured up to 700 MPa [81] [82]. The additional hardening above 10 dpa
compared to the saturation behavior of fission irradiation is mainly attributed to He bubbles and possibly to
the higher loop density [34].
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Figure 18: Left: Hardening induced by spallation irradiation (data points) and neutron irradiation (lines). Right: DBTT
shift for FM steels irradiated by spallation in comparison with neutron irradiated (both from [34]).

Besides swelling and hardening, helium also can cause an additional embrittlement in materials that is typi-
cally characterized by a shift in DBTT. Similar to irradiation hardening, He embrittlement shows a tempera-
ture dependence. Initially it was thought that even small amount of He cause an increase in DBTT [83] [84]
[85] but it has been shown that embrittlement at irradiation temperatures below 400 °C is mainly due to
irradiation induced fine-scale dislocation obstacles [72] [86]. At lower irradiation temperatures single va-
cancies are almost immobile and He gets trapped in those. However, at elevated temperatures vacancies
and He gets mobile and forms helium-vacancy clusters namely bubbles [87] [88].

The total shift of the DBTT can be estimated using a simple hardening-shift relation AT=CAcys [89] whereas
as C shows an average value of =0.4 °C MPa™ for FM steels tested with sub-sized Charpy notch specimens.
Consequently, this would mean that He contributes to embrittlement with the same amount as to harden-
ing. Nevertheless, He implantation indicated that high concentration levels above =5000 appm are needed
to observe significant hardening due to He [90] [91] [92]. Below =500 appm, He the hardening effects of He
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are minimal [93] [87] [94]. This rough threshold was used in addition with a large database to derive a new
simple equation to predict the DBTT shift of Charpy notched specimen irradiated at 300 °C

C=0.4+7-10"*(X,, —500)(°C MPa™) [34] (3)

whereas X, denotes the actual amount of He in the material in appm. In Figure 18 neutron and spallation
proton irradiation results are shown whereas the dotted line represents the prediction calculated by equa-
tion (3).

The non-hardening contribution of He to embrittlement leads in a transition from cleavage fracture to a
very brittle intergranular fracture [2] [95] as the He accumulates at the grain boundaries. Dai et al. ex-
plained the He induced grain boundary weakening with the sketch shown in Figure 19 [34].

Mo, c*
Mo, 0™

Figure 19: Sketch of the DBTT shift caused by irradiation hardening and He induced grain boundary weakening (from
[34]).

Cleavage fracture is triggered when the crack tip stress Mo, exceeds a critical local stress o.* over a critical
volume [72] whereas M denotes a stress concentration factor. Intergranular fracture occurs when the crack
tip stress exceeds the critical local stress o, * over a certain volume. Usually the o;* stress is higher than o.*
and therefore cleavage fracture would take place first. However, with increasing He concentration accumu-
lated at the grain boundaries the o,* falls below the o*c which leads to an intergranular fracture and o;;*
continues to decrease with increasing He concentration [34].

2.4 Irradiation techniques

In order to investigate irradiation effects under fusion condition to design a high performance structural
material for DEMO, irradiation facilities that mimic accurately the PKA spectrum and He production rate of
fusion neutrons are needed. So far a wide variety of irradiation facilities have been proposed and applied in
research. However, every irradiation technique has its own advantages, limitations and drawbacks. In the
following, the main irradiation techniques are presented and discussed. As the investigated specimens in
this work were irradiated at the Swiss spallation neutron source, it will be covered in more detail. Finally,
the International Fusion Materials Irradiation Facility (IFMIF) is discussed.
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2.4.1 lon accelerators

One option to produce irradiation damage in material is using ion accelerators. Therefore usually Fe** ion
are accelerated into the material causing certain damage with depth (see Figure 20). As the damage profile
is quite inhomogeneous, the beam energy can be varied with a degrader to obtain homogeneous irradia-
tion damage. Besides single ion irradiation dual and triple irradiation is common which includes implanta-
tion of He" and H".
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Figure 20: Left: Dpa and He profile obtained in Fe via dual ion beam irradiation at JANNUS using 2MeV Fe’" and 2MeV
He®* (from [96]). Right: Surviving defect fraction as function of the PKA energy calculated from molecular dynamics
[30]. Range of displacement cascade energies associated with a 1 MeV ion beam (from [80]).

The main advantage of ion beams lies in the fact that high damage rates can be achieved within days
whereas it would need month or years in a fusion reactor. He concentrations up to several 1000 appm can
be implanted uniformly in the material [97] [98]. Also the irradiation condition like temperature, dose rate,
fluence and damaged thickness can be adjusted to cover a large range [99] and even in-situ investigations
using a transmission electron microscope are possible [100].

The limited irradiation volume is clearly a drawback and does not allow obtaining bulk properties of the
irradiated material. Many potential artefacts are created during the ion irradiation [96]. Furthermore the
ion irradiation includes a higher fraction of low angle collisions which cause a much higher fraction of sur-
viving defects compared to dpa values for fission and DT fusion conditions [30] (see Figure 20). Therefore
the migration and interaction kinetics of the initial distribution of defects may be considerable different
[80].

2.4.2 Fission reactors

Research of radiation effects in structural materials has been and is still advanced using fission reactors. A
large range of irradiation temperature can be covered thanks to the strong steady-state volumetric heating
[80]. Depending on the reactor type, damage levels of about 50 dpa up to 200 dpa in fast reactors can be
achieved within a period of 2 to 4 years. The main advantage of fission irradiation lies in the fact that bulk
properties can be obtained. Still, the irradiation volume is limited leading to the development of small spec-
imen test technologies to increase the amount of specimens [101]. However, sodium-cooled fast spectrum
reactors reach irradiation volume up to several liters [80].
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Disadvantages of fission reactors include the difficulty to control the irradiation temperature and to per-
form in-situ experiments [96]. The primarily reason why fission irradiation is insufficient to simulate fusion
conditions can be addressed to the too soft neutron spectra (see Figure 21).
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Figure 21: Neutron spectra of a fission (averaged spectra of pressurized water reactor) and fusion reactor. Left: Full
energy range. Right: Spectra above 1 MeV as indicated by the blue arrow (both from [102]).

Particularly the fission neutron spectra cannot simulate the peak at 14 MeV energy. The lower amount of
neutrons with energies > 5 MeV in fission irradiation causes a low generation of transmutation elements
like H and He as the cross section for those reactions increases significantly at higher energies (see Figure
16). He production can be enhanced but only over a few um in depth by using injector foils based either on
Ni or U [103] [104]. Another approach which has been applied is solute doping of the irradiated material
with Ni or B [105] [106]. However, doping with B can promote precipitation (as well as Ni), effect prior aus-
tenite grain size and produces lithium during the transmutation reaction [107]. Furthermore the addition of
Ni or B produces high levels of He relatively early during the irradiation which affects the material behavior
[108] [109].

2.4.3 Spallation neutron irradiation

A spallation neutron source is an accelerator based facility than can provide a pulsed or continuous neutron
beam depending on the set up. Their main advantage are the high transmutation rates due to the high en-
ergy neutron tail (see Figure 22) allowing to investigate mechanical properties at He concentrations around
1000 appm [110] [111]. Also it is possible to induce irradiation damage of >10-20dpa per year [80] over a
large range of temperatures.

Similar to other irradiation techniques the available irradiation volume is limited but significantly bigger
than for ion irradiation. Another difficulty which comes along with spallation facilities concerns the irradia-
tion temperature control that varies with the beam current and may cause temperature fluctuation of +
15% [112]. Due to the high generation rates of H and He compared to fusion condition, the interpretation
of obtained results can be difficult as the higher H/dpa and He/dpa ratios can affect the final microstructure
[113].
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Figure 22: Neutron spectra from spallation sources (ESS, XADS) in comparison with spectra fission (HFR, BOR60) and
fusion (DEMO). The international fusion materials irradiation facility (IFMIF) spectrum is given as well (from [114]).

2.4.3.1 Swiss spallation Neutron Source SINQ

SINQ is a steady-state neutron source driven by a proton beam from the Paul Scherrer Institute (PSI) ring
cyclotron. The protons are accelerated in three steps (see Figure 23). First the proton beam is produced
from an ion source and pre-accelerated in a Cock-croft-Walton column to energy of 870 keV. As a next step
the beam is brought to 72 MeV in a 4-sector injector cyclotron. The final acceleration to 590 MeV occurs in
a 8-sector mainring cyclotron receiving a stable proton beam of 1.3 mA [115](upgraded 2012 to 2 mA).
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Figure 23: Neutron irradiation facility at Paul Scherrer Institute. Proton beam is indicated in red. 1) Cock-croft-Walton
column, 2) 4-sector injector cyclotron, 3) 8-sector mainring cyclotron and 4) SINQ target (from [116]).

Neutrons are created through spallation which takes place when the generated proton beam strikes a
heavy target (heavy nucleus). Nuclear spallation consists of two steps:
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1. Inter- and intra-nuclear cascade and
2. The nuclear evaporation.

In step one, the striking proton shares its kinetic energy with the nucleons of the target causing a cascade
of nucleon-nucleon collisions. Depending on the proton energy, nucleons of the target may have enough
energy to escape the nucleus in the direction of the incident proton. The remaining energy is evenly dis-
tributed in the target nucleus, which is left in an excited state. In the second step, the nucleus loses its en-
ergy by evaporation where particles are emitted isotropically. The total number of neutrons liberated by a
600 MeV proton beam from a thick lead target is around 10 neutrons per incident proton [117].

The SINQ target consists of the target block which is surrounded by two aluminum magnesium shells which
are 4 mm spaced (see Figure 24). In between the shells as well as through the target block D,0 coolant is
flowing. The normal target rods consist of Pb clad whereas the tube is made of SS316L. Initially zircaloy rods
were used but using SS316L increased the neutron production by 30 % [118]. Specimens are packed in the
center of the target block in tubes made of SS316L (see Figure 24). The diameter of the specimen rods is 11
mm and the length about 123 mm. Irradiation rods are located at different positions in the targets, the
further away from the beam entrance in the target, the lower the irradiation dose and temperature.
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Figure 24: Sketch of the SINQ target indicating the specimen position. Dimension of a specimen rod is given (from
[112]).

2.4.4 International fusion materials irradiation facility

From the irradiation techniques presented above, it is evident that currently there is no satisfying fusion
relevant neutron source available. However, in order to qualify materials to be used in a real fusion reactor
beyond ITER, the fusion materials research community needs an irradiation facility that produces a repre-
sentative fusion neutron and pka spectra as well as adequate He and H production rate. The International
Fusion Materials Irradiation Facility (IFMIF) was initiated in 1994 as a collaborative effort between Japan,
the European Union, the United States, and Russia. Since 2007, the IFMIF project is currently pursued by
Japan and European Union. IFMIF consists of an accelerator, a target and a test facility. Post-irradiation
examination facilities are planned. IFMIF will generate neutrons with a broad peak at 14 MeV (see Figure
22).
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The accelerator facility will consist of two 125 mA deuteron accelerators operating in continuous wave
mode [119]. In detail the Linear IFMIF Prototype Accelerator (LIPAC) is shown in Figure 25. Each accelerator
provides a D beam accelerated to a final energy of 40 MeV and 5 MW in power [120].
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Figure 25: Left: Schematic of IFMIF facility including the two accelerators, the target and test cell (from [121]). Right:
Illustration of the IFMIF target.

The beam will collide with a liquid lithium target at an area of 50 x 200 mm (see Figure 25). In order to fully
absorb the beam power of 10 MW the liquid Li flows at a rate of 15 m/s providing a stable thickness of 25 +
1 mm [120]. Finally the neutrons created from the Li(d,xn) nuclear reaction will be emitted anisotropically
to the specimens and cause about >20 dpa per year in the high-flux module with a volume of 500 cm®. A
medium dose of >1 dpa pear year can be delivered in the medium-flux module of about 6 | and a low dose
of <1 dpa per year in the low-flux module of 8 | in volume.

2.5 Local approach to fracture

As mentioned above, the primary candidates for structural components in ITER are 9Cr tempered marten-
sitic steels, which undergo a ductile to brittle transition by decreasing temperature. These steels suffer
from neutron embrittlement manifested by a shift of the ductile to brittle transition temperature. There-
fore, fracture toughness and its degradation due to irradiation is one of the most important and critical
parameter for materials in fission and future fusion reactors as it mainly limits the long term operation. One
key question to answer is: "how to deal with this issue and how to manage safely the operation condition
of a reactor?".

The master-curve method, intended to be applied for thick walled structures, is an efficient approach to
quantify the embrittlement by measuring the shift of the reference temperature T,. Since fracture tough-
ness depends on specimen size and geometry (g), loading rate (k’) and irradiation dose (i), one can adjust
the reference temperature (To,) to account for these effects as [72]:

Too =Ty + AT + AT, + AT + AT (4)

where a safety margin AT, is added. All AT can be measured and modeled independently and Ty, be used to
control the life time of FW structures. AT; has a major impact but, as the FW consists of a thin walled struc-
ture AT,, opposes the effects of irradiation. AT, raises the issue of the well-known specimen size effects on
measured fracture toughness. Size effects can be taken into account only to a certain extend with the mas-
ter-curve approach, namely when the plastic zone size remains much smaller than the specimen dimension
(small scale yielding condition (SSY)). However, for thin walled structure or for fracture tests performed on
very small specimens as it is usually the case for irradiated materials, the specimen size adjustment rec-
ommended in the master-curve ASTM standard E1921 are not sufficient [122]. It is therefore necessary to
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seek for an alternative approach. In order to properly take into account specimen geometry and size effects
on toughness, local approach models for brittle fracture have been developed over the past 35 years [123].
These local approaches relate the micro-mechanisms of cleavage fracture, which is triggered when a critical
crack tip stress field has a high probability of causing cleavage. Evidently, some parameters characterizing
the crack tip stress field have to be determined experimentally or calibrated numerically. The near tip stress
fields are usually calculated with finite element simulations and have been found quite sensitive to many
details of the model and on the constitutive behavior description of the material. Thus, a strategy to de-
termine these parameters must therefore be clearly defined.

2.5.1 Cleavage fracture mechanism

Any crystalline material contains irregularities and deviations from perfect crystals. In ferritic materials, the
microstructure consists of randomly orientated grains and second phase particles (carbides). Generally the
microstructure affects the fracture process in terms of development and final failure. Cleavage in ferritic
steels can be described by three steps:

i Formation of a micro-crack: At lower temperatures the initiation of micro-cracks is triggered by
hard particles, like carbides, which break under loading [124] [125] [126].
ii. Propagation: The formed micro-crack propagates into the ferrite.
iii. Crack progression: In the final step the micro-crack propagates into adjacent grains and coalesces
with other crack to create a macroscopic crack.

Crack Tip Stress Field

Tip

Figure 26: Left: Schematic representation of the cleavage fracture mechanism in ferritic steels. Right: Normal stress o,
at a crack tip illustrating the critical distance A* at which the critical stress for failure o; is reached. Carbide cracking
near the peak stress is indicated.

The cleavage formation process is schematically shown in Figure 26. In many cases the micro-crack arrest at
or near the interface of the hard particle and the surrounding material [127]. However, experimental inves-
tigation revealed that micro-cracks can be arrested at grain boundaries and twins as well [124] [125] [128]
[129] [130]. The cleavage mechanism involves then competition of two critical events which is either the
nucleation or propagation of the micro-crack. At low temperature, cleavage is nucleation controlled but
with increasing temperature the critical event is propagation controlled [123] [131]. However, which critical
event is controlling cleavage is an ongoing controversy.
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2.5.2 Local fracture models

Among the various local fracture models available, one class is based on the attainment of a critical fracture
stress o* ahead of the crack tip. Before cleavage fracture takes place, a micro-crack has to be present in the
material and certain loading conditions have to be applied. Griffith calculated the stress o*, which has to be
exceeded to grow a micro-crack by setting up an energy criterion [132]. Ritchie, Knott and Rice (RKR) fur-
ther advanced the requirements for cleavage failure by postulating that the critical stress has to be exceed-
ed over a certain distance A* [133] (see Figure 26), which is related to the spacing between larger trigger
particles. They proposed a microstructural distance of about two grain diameters in coarse grained mild
steel. In the classical RKR model, it is assumed that both critical parameters, 6* and A*, are insensitive to

temperature.

The simple RKR model considering A* cannot fully describe the interactions of a number of crack-tip pro-
cesses and therefore does not predict the critical fracture toughness K. at higher toughness [72]. There-
fore, an alternative approach was proposed that predicts cleavage, by a single or several propagating mi-
cro-cracks, or quasi-cleavage which includes extensive micro-cracking by critical stress 6* which has to en-
close a critical area A* (see Figure 27) around the crack tip. Generally A* can be substitute by a critical vol-
ume by V*=A*B, where B denotes the thickness [54] [134] [135] [136] [137] [138] [139] [140] [141] [142]
[143] [144]. The o*-A* model allows scaling fracture toughness from one specimen size to another by con-
sidering that the load level, represented by K, has to be such that the stress volume V* is the same in each
specimen but for two different respective K values. Considering the volume has the advantage that, besides
the microstructural role of the trigger particles, it also better describes experimental observations where
cleavage fracture is more expected to be triggered in the region of the peak stress rather than at a fixed
distance from the tip (i.e., A*). Furthermore, considering V* has the consequence that more potential trig-
ger particles lie within the critical stress 6* which has been estimated to be around 10° in total and =100 of

the largest particles [72].
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Figure 27: Left: lllustration of the local approach indicating the stressed area 6,20* which includes several carbides.
Right: Predicted K|, by the local approach in comparison to the master curve for a Ty=-45 °C (from [72]).

Based on this approach, the critical stress intensity factor K,(T) is controlled by the stress field o(g,e’,T), A*
and o*. The stress field o(g,&’,T) depends on the strain g, strain rate €’ and temperature T, where ¢* is con-
trolled by the size of trigger particle and the micro-arrest toughness K, of the ferrite matrix [72]. V* and o*
are often assumed to be temperature independent. From blunt notch tests where cleavage is controlled by
the broad peak stress supports the temperature insensitivity of o* [145] [125] [146] [147] [148]. However,
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K, depends on the plastic work dissipated during crack growth and should depend to some extend on tem-
perature. As a matter of fact, at increasing transition temperature T, the model reaches a limit. It has been
shown that for Ty > 0 °C that the assumption for a temperature independent c* and Ky, is not consistent
with an invariant median toughness curve Kq(T-To) [134]. In case of large Ao, shifts, the temperature inde-
pendence of 6* and K, would yield a reduced slope for the predicted K;(T) curve (see Figure 28) resulting
from temperature dependence of o, [134]. This reduction is due to fact that the slope do,/dT decreases
with increasing temperature. Therefore, a given Ao, results in a bigger shift at higher temperatures (see
Figure 28) and a decrease in slope of K,(T). Such big increases in o, can easily occur in irradiated material.
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Figure 28: Left: Yield stress shift of 200 MPa and corresponding K,.(T) curve considering o* is not a function of temper-
ature. Right: Comparison of the predicted K, (T) by the local approach (dashed lines) and the master curve for different
shifts in yield stress with the assumption that o* is a function of temperature (red curve) (from [72]).

For reactor pressure vessel steels, the K,(T) curve was effectively found constant for increased yield stress-
es up to Ao,=200 MPa [148] and there is evidence of similar agreement for 9Cr martensitic steel that the
shift can be even higher Ac,=350 MPa [136]. However, at larger shifts of o,, a constant shape of the K (T) is
obtained by assuming a mild increase of o* beyond 0 °C [134] as illustrated in Figure 28. The applied tem-
perature dependence of o*(T) yields in a reasonable prediction of K, in comparison to the dashed master
curve result.

Note also that weakest link statistical models have been developed to account for the intrinsic larger scat-
ter in measured fracture toughness and therefore the physics of cleavage fracture [149] [150] [151] [152].
Nevertheless the deterministic 0* and V* model approach is capable to predict the fracture toughness well.
In Figure 27, the predicted K, for an unirradiated martensitic steel which is used for pressure vessels is
compared to the statistical master curve approach using 6*=1800+125 MPa and A*= 10® m™ as critical pa-
rameters [72]. Statistically variations from specimen to specimen can be addressed by the model simply by
varying o* and V*.

Weibull stress models for brittle fracture constitute another local fracture approach that has been exten-
sively used. Such models are based on simple weakest link statistics as proposed by Beremin [149]. In this
model, the cumulative failure probability of a cracked body loaded at a given loading K; is calculated with a
two-parameter Weibull distribution (o,-m)
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Pi(o,)=1—exp _Vi'l.[?] dV |=1—exp —(%j (5)

oV u u

where the Weibull stress o, is defined as:

m 1/m
o, =|=[| 2| av (6)
V0\7 O-u

There are major differences between the o*-V* approach and that based on the Weibull stress. In o*-V*
model, all the infinitesimal material volume dV with a stress higher than o* has the same weight in the
fracture process, while in the Weibull stress model, the contribution of each volume element dV depends
on the actual stress. Nonetheless, to calibrate the two parameters (o,-m) of the Weibull stress model is
complicated due to the non-uniqueness of the solution but can be done with a cumbersome procedure
proposed by Gao et al. [152], where fracture tests under different constraint conditions have to be per-
formed and supplemented by tensile tests and 3D finite element calculations.
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Chapter 3 Experimental Procedures

In this chapter, the tested materials as well as the applied experimental techniques are introduced first,
and a description of the data evaluation follows. Finally the finite element models and analysis methods are
presented in detail. Own developed data processing techniques and approaches are explained in more de-
tail.

3.1 Materials

Eurofer97 is a reduced activation tempered martensitic steel envisaged as a structural material for Test
Blanket Modules (TBMs) that will be applied in the International Thermonuclear Experimental Reactor (IT-
ER). In this study, two different heats of Eurofer97 are investigated, which were produced by Béhler AG.
They were provided in the form of plates of different thickness. In order to properly distinguish the two
different batches they are renamed to Eurofer97-(14) and Eurofer97-(25). The “14” and the “25” refers to
the rolled plates with 14 mm and 25 mm respectively. Besides the plate thickness, they differ slightly in
composition (see Table 1). For both steels the Ta and Ni content is much higher than in the specifications
for Eurofer97. Slight exceeding values can be found for Co and Nb as well.

Another difference can be found in the heat treatment. For both heats, normalization was performed at
980 °C followed by air cooling. However, the normalizing temperature was held for 27 min for the Eu-
rofer97-(14) and 30.6 min for the Eurofer97-(25). Tempering was applied at a temperature of 760 °C for 90
min and air cooling.

Detailed investigations of the microstructure of the Eurofer97-(25) were already performed by Bonadé
[153] and Mueller [154] for example. Eurofer97-(25) features small prior austenite grains (PAG) size charac-
terized by a mean intercept length of approximately 10 um [153]. The ductile to brittle transition tempera-
ture (DBTT) was found to be at Ty=-78 °C whereas ASTM values were modified [154].

As in the work of Bonadé [153], the PAG size determination was conducted using optical microscopy images
of chemically etched specimens (see section 3.3). The PAG was calculated by the linear intercept method
following the ASTM E112-13 standard.
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Table 1: Chemical composition of the two Bbhler Eurofer97 batches used in this work.

Eurofer97-(14) Eurofer97-(25)  Specifications Eurofer97

Thickness 14 mm 25 mm

Heat E83698 E83697

C 0.12 0.12 0.09-0.12
Si 0.04 0.06 <0.05
Mn 0.49 0.46 0.20-0.60
P <0.005 <0.005 <0.005
S 0.004 0.004 <0.005
Cr 8.93 8.9 8.50-9.50
Mo <0.001 0.0023 <0.005
Ni 0.02 0.022 <0.005
\' 0.2 0.2 0.15-0.25
W 1.08 1.07 1.0-1.2
Cu 0.0019 0.0039 <0.005
Co 0.006 0.006 <0.005
Ti 0.006 0.009 <0.01
Al 0.009 0.008 <0.01
Nb 0.0017 0.002 <0.001
B <0.001 <0.001 <0.001
N 0.021 0.02 0.015-0.045
Pb <0.0003 <0.0003

Ta 0.15 0.15 0.05-0.09
(0] 0.006 0.0007 <0.01
As <0.005 <0.005 As +Sn +SB +Zr <£0.05
Sn <0.005 <0.005

Zr <0.005 <0.005

Sb <0.005 <0.005

Concerning the Eurofer97-(14) heat, microstructural investigations were performed in this work, which
includes precipitation analysis, energy dispersive X-ray spectroscopy as well as electron back scatter diffrac-
tion maps. The detailed description of these techniques can be found in the next section.

3.2 Scanning electron microscopy

Scanning electron microscope (SEM) was used for topographical imaging, to determine the chemical com-
position of the precipitates and to examine the crystallographic orientation of the grains. Additionally, SEM
investigation was applied to perform EBSD measurements.

Two different scanning electron microscopes (SEM) were used to investigate the microstructure of Eu-
rofer97. A Zeiss NVison40 equipped with a Schottky field emission gun was used to acquire images with an
Everhart-Thornley detector, a four quadrant backscatter detector (QBSD, Type 815, Cambridge), an Inlens
and an energy dispersive X-ray detector (Model 8061, Oxford). Electron back scatter diffraction (EBSD)
maps were acquired with a Zeiss ULTRAS5 using an EDAX detector and TSL OIM Analysis 7 software.
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Standard secondary electron (SE) imaging using the Everhart-Thornley (ET) detector was applied to investi-
gate the fracture surface of the tested disk tensile specimens (DTS) as well as for the compact tension (CT)
specimens. SE are low energy electrons (< 50 eV) and originate from a thin surface layer. Therefore they
provide information about the topography of the specimen. Besides the ET, the in-lens detector was used
as well. As the name already indicates the detector is placed in the electron column. It is mainly used at
higher magnifications and can enhance among others the topographical contrast. The applied accelerating
voltage was 15 kV with high current and an aperture size of 60 um. Working distance (WD) during investi-
gation varied between 10-12 mm.

The four quadrants back scattering detector (QBSD) is used to detect back scatter electrons (BSE). Those
electrons possess higher energy and originate from elastic scattering interaction with the atoms of the
specimen. Material specific information can be deduced because heavier elements yield more BSE than
lighter ones causing a compositional contrast. The detector can also be used to show channeling contrast
giving information about the grain orientation relative to the beam. In this work, the QBSD was used to
investigate precipitates in the steel as well as grain and sub-grain boundaries. Once more the accelerating
voltage was set to 15 kV with high current and an aperture of 60 um. However the WD ranged between 5 -
7 mm.

Crystallographic information from the specimen can be obtained by EBSD. Therefore the electron beam
interacts with the 70° tilted specimen causing an electron diffraction pattern that is detected by a fluores-
cent screen. From the formed pattern, the crystal structure and orientation can be determined. By scanning
the electron beam across the specimen, the crystallographic orientation is measured at several points. The
resulting data provide information about the grain orientation and boundaries. EBSD measurements were
conducted at an accelerating voltage of 20 kV with high current and an aperture of 120 um. EBSD maps at
high magnification were obtained with a step size of 20 nm whereas the maps at low magnification used
0.4 um.

In order to determine the elemental composition of the precipitates, an energy dispersive X-ray (EDX) spec-
troscopy was carried out. The electron beam focused on the surface of interest acts an excitation source.
The electron beam may eject an electron of an inner shell of an atom leaving an electron hole. An electron
from an outer shell, which has a higher energy, fills up the hole. The energy difference is then emitted in
the form of a photon. Every element possesses a unique set of energy levels and therefore emits only x-
rays that are characteristic to it. The used x-ray detector was an Oxford model 8061 Inca Penta FETX3 which
has a resolution of 133 eV at 5.9 keV. Peak identification as well as EDX mapping was done with the INCA
software. The accelerating voltage was varied between 20 and 10 kV due to the minimizing the interaction
volume of the beam. High current settings were applied and a 60 um aperture.

3.3 Sample preparation

Proper specimen preparation is crucial for any microscopy technique, optical or electron microscopy. De-
pending on the investigation method, different preparation methods were considered.

The optical microscopy analysis to measure the PAG size required first a coarse mechanical polishing with
P1000 sandpaper followed by electrochemical etching (Kristall 620) with a solution of 10 g oxalic acid in 100
ml distilled water. Etching was applied at 10 V for 20 s at room temperature.
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In order to examine the distribution and size of precipitates, the specimen was mechanically polished with
P1000, P1500 and P2500 sandpaper followed by electropolishing (Kristall 620). The used polishing solution
consists of 700 ml ethanol, 250 ml glycerol and 50 ml perchloric acid. At a voltage of 30 V the sample was
polished for 10 s at room temperature.

Mechanical polishing was applied to EBSD samples using P1000, P1500 and P2500 sandpaper. As a next
step diamond suspension with a grain size of 3, 1 and % um was used. The final polishing abrasive was a 40
nm colloidal silica (Struers OPS).

Investigation of the fracture surfaces simply required cleaning in acetone and ethanol in order to remove
possible contamination.

3.4 Irradiation conditions

Irradiation of the specimens was realized in the fifth irradiation program (STIP-V) at SINQ (Swiss Spallation
Neutron Source), Paul Scherrer Institute. The design of the samples as well as the temperature calculation
was done by the group of Odette at University of California, Santa Barbara (UCSB). The specimens were put
in 10 mm diameter and 150 mm long tubes, which were inserted in the target in place of lead tubes (see
Figure 29)

The irradiation dose and temperature of the samples are depending on their position within the tube and
on the position in the target array. The more distant from the position where the proton beam enters the
target and from the beam axis, the lower is the received dose and temperature of the sample. Rod number
12 in row 11 was chosen as final position within the array (see Figure 29) which is slightly of the center of
the beam.
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Figure 29: Left: Rod positions within the target array. Right: Sample layout within rod 12. Lower: X-ray image of rod 12
after irradiation (DTS positions are indicated).

34



EXPERIMENTAL PROCEDURES

The DTS were placed in the middle of the tube. The final irradiation damage in terms of dpa and He was
calculated from the energy deposition of the beam (see Figure 2). In total, a proton charge of 9.56 Ah was
delivered during the irradiation period from 2007 to 2008. It can be seen that the shown beam profile is not
perfectly centred to the target. This slight shift off the centre has of course an impact on the damage distri-
bution. Therefore, a range of these values is given in Table 2.
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Figure 30: Beam properties: Deposited energy D, calculated irradiation damage and He accumulation for rod 12. Gray
areas indicate the DTS position.

Table 2: Determined range of irradiation damages in Fe calculated by the energy deposition of the beam.

dpa He / appm
Min 9i5 440
Max 114 570

The final calculated does is about 10.5 + 1 dpa dose and the concentration of helium is 505 + 65 appm.
However, the proton beam position, intensity and size fluctuate in during irradiation (see Figure 31). As a
consequence it is difficult to determine the irradiation damages precisely. However, a reasonable estimate
can be made that yields an irradiation dose of about 11 dpa and a He accumulation of about 540 appm.
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Figure 31: Beam current and temperature history of SINQ STIP-V during 2007-2008 (adopted from Dai. Y. un-
published).

The last irradiation parameter, which affects the accumulation of defects in materials, is the irradiation
temperature. The irradiation temperature was not measured but calculated by finite element simulation
(ref of UCSB report) by considering the beam energy deposition and heat transfer. As a consequence the
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described specimen design was developed to minimize the temperature fluctuations. The calculated irradi-
ation temperature based on the beam energy deposition is around 250 + 50°C.

3.5 Tensile tests, specimens and testing conditions

To determine the tensile properties of Eurofer97, tensile tests were performed with two types of specimen,
namely standard round shaped and non-standard flat butterfly shaped specimens (disk compact tension
DTS).

3.5.1 Standard round shaped specimen

The main purpose to conduct uniaxial tensile tests is to obtain the yield stress and the flow properties at
different temperatures and various strain rates. Two different sizes were used (see Figure 32) whereas both
were tested with a Schenck RMC100 at constant cross head speed ranging from 0.05 to 10 mm/min. Load
and displacement were recorded by a load cell which calibrated to 30 kN and by compliance correcting the
load train displacement respectively. For the tests done at room temperature, the displacement was meas-
ured with a clip-on extensometer (Sandner EXA10-50).

Standard Round Shaped Tensile Specimen

@5 mm © o @ 3 mm
Q) Q
o T, o o T o
s Ly Ll = L Ll
30 18
32

Figure 32: Standard round shaped tensile specimens (Dimensions in millimeters).

An environmental chamber from Noske-Kaeser (Tee40) was used for tests at low and high temperature
within the range -150 to 250 °C. Low temperatures were reached by liquid nitrogen flow provided by a PID
controller whereas high temperatures were controlled by electric heating. The temperature of the speci-
men was measured using a thermocouple attached on its surface. In order to conduct tensile tests at -196
°C, a tube was mounted around the load train which was completely filled with liquid nitrogen.

With the 5 and 3 mm diameter round shaped tensile tests, the flow properties, namely the true
stress/strain curve, can be calculated up to necking straightforward. A developed inverse approach using a
finite element model allowed extending the determination of the flow properties up to failure. Details can
be found in section 3.7.1 and 3.7.3.

The @ 3 mm standard round shaped tensile specimens were used to investigate strain rate effects onto the
yield and flow stress with temperature. Strain rate jumps were applied by periodically varying the dis-
placement rate between two values and conventional tests at various strain rates were performed.

3.5.2 Non-standard disk tensile specimen

The disk tensile specimens (DTS) were used to evaluate the irradiated and unirradiated yield stress and flow
properties at different temperatures of Eurofer97-(14). As mentioned in section 3.4, the non-standard ge-
ometry (see Figure 33) was designed to fit the specimen on the radial plane of irradiation tube for SINQ
irradiation. Due to the geometry of the target, a non-standard tensile specimen geometry, which minimizes
the irradiation damage gradient and ensures a uniform center sample temperature, had to be designed.
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The heat transfer is mostly radial since heat is generated inside the sample and is extracted only from the
outer diameter of the tube. Therefore the aim was to create a sample where the heat flows through as few
components as possible in the radial direction. In order to provide the radial heat flow and minimize the
irradiation gradient thin samples with a circular geometry were chosen. Detailed thermal FE models were
conducted with ABAQUS and revealed a sufficient temperature distribution using the developed specimen.

2,06 05

~ Gripping System
= e

~ Recess [::t:{i?%%

Figure 33: Non-standard disk tensile specimen geometry and dimensions as well as the designed DTS clamping system
(dimensions in millimeters).

140534

The nominal gage length |, and cross section A, of the DTS are respectively 2.06 mm and 1.03 mm?®. A spe-
cial gripping system was developed to clamp the specimen that guaranteed a proper alignment of the DTS.
The grips have a 0.3 mm deep recess that enables a pure clamping of the 0.5 mm thick specimen prevent-
ing at the same time the specimen from slipping (see Figure 33).

In order to check the functionality and reproducibility of the designed grip system, several tensile tests of
unirradiated material at room temperature were conducted. Three results in terms of engineering
stress/strain curve are shown In Figure 34, showing good reproducibility.

700 Eurofer97-(25) Disk Tensile Specimen Results Tested DTS
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Figure 34: Engineering stress/strain curves of tested DTS specimens at room temperature and corresponding image of
tested specimens.

The uniaxial tensile tests were conducted with a Zwick Z010 at constant cross head speed of 4 mm/h. An
environmental chamber from Instron (ECD86 D) was used to conduct tests at low and high temperature.
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The temperature was measured at both clamps, upper and lower. Measurements of the load were record-
ed by a load cell which was calibrated to 10 kN. Due to the size and geometry of the specimen, it was not
possible to mount a clip extensometer to measure the displacement directly. Therefore the strain was cal-
culated from load train displacement which was compliance corrected using results obtained by a DTS finite
element model (see section 3.7.3).

A related difficulty with non-standard geometry resides in the fact the constitutive behavior, or equivalent-
ly the true stress-strain curve, cannot be obtained in a straightforward procedure due to the inhomogenei-
ty of the stresses and strains along the gage length. To extract the constitutive behavior from non-standard
specimens, one has to rely on modeling. An inverse method was developed in this work to determine the
elastic and plastic flow properties of DTS, which described in detail in section 3.7.3.

3.6 Fracture toughness tests

The fracture toughness of Eurofer97 was experimentally determined with two different sizes and shaped
compact tension (CT) specimens (see Figure 35). CT and disk CT (DCT) specimen were fabricated from the
two different Eurofer97 heats.

Compact Tension 0.18T
R1.14 B

Disk Compact Tension 0.14T

P I P —
RO.18
T
N

R4.72

5.48

10.96

3.25

@ _______
9.14

11.43 4.572

2.34 3.56

Figure 35: Fracture compact tension specimens; Left: 0.18T CT and Right: 0.14T DCT specimen as well as the devel-
oped gripping system is shown (dimensions in millimeters).

The rectangular shaped CT specimens were manufactured from the Eurofer97-(25) batch whereas the disk
shaped CT specimens were manufactured from the Eurofer97-(14) batch. Prior to testing, the fracture spec-
imens were pre-cracked by fatigue at room temperature with a resonant testing machine Cracktron-
ic/Rumul. Both specimen types were tested with a Schenck RMC100 at a constant cross head speed. For CT
specimens of Eurofer97-(25), dynamic fracture toughness measurements were performed. The loading rate
was applied in cross-head controlled mode at a displacement rate of 52 mm/min. Quasi-static loading rates
were applied for the DCT specimens Eurofer97-(14) with a displacement rate of 0.1 mm/min. Measure-
ments of the load and displacement were recorded by a load cell which calibrated to 30 kN. Lower temper-
ature tests ranging between -160 and -70 °C were done using the same environmental chamber and control
unit as for the standard tensile tests. The testing temperatures were chosen to have enough tests in the
lower ductile-to-brittle transition to determine the reference transition temperature T, of the master-
curve. The transition temperature T, was determined according to the ASTM standard E1921 - 17a [56].
Per definition Ty is the temperature at which the median fracture toughness Kjmeq) €quals 100 MPamY? for
a 1T specimen (see Figure 37). In the following the procedure to evaluate T, from experimental CT test is
described. First the critical stress intensity factor K. for each test has to be calculated from the experi-
mental load/displacement curve using
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K = |[—« (7)

where E is the Young's modulus and v the Poisson's ratio. The J-integral at the onset of cleavage fracture
can be calculated by

J=0,+1, (8)

with J. being the elastic and J, the plastic component. For both specimen types, CT and DCT, the elastic
component is obtained by

2\1r2
Je=(1 VK
E

P a,)
KN f(WJ

P denotes the fracture load, a, is the initial crack size, and B and W are the thickness and the so called
width of the specimen respectively (see Figure 36).
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Figure 36: Left: Compact tension specimen sketch Right: Plastic area A, determination.

The initial crack size a, of the fractured specimen is measured at nine equally spaced points in thickness and
averaged according to the ASTM standard E1921 - 17a. The function f(a/w) is dimensionless and depends
on the geometry of the specimen. In equation (10) the geometric functions for CT and DCT specimens are

shown.
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The plastic component of the J-integral can be calculated using

= 77Ap
" Bb,

) (11)
=2+0.522-2
7 w

where bo=W-ao is the initial remaining ligament and A, denotes the plastic area below the
load/displacement curve (see Figure 36).

K. values have to be converted to a so called 1T size which corresponds to a CT specimen of 25.4 mm in
thickness (1 inch). Generally, a conversion is necessary if the tested specimens are different from 1T size in
order to account for the statistical size effect. The used CT and DCT specimens do have a size of 0.18T and
0.14T respectively. The following equation adjusts the K. value from any size to 1T.

B

1T

1/4
Bx
KJC(lT) :Kmin +(KJC(XT) _Kmin )( J (12)

Kmin denotes the minimum threshold toughness value and equals 20 MPa m*2. B, is the thickness of the

tested CT specimen and B,y is the thickness of a 1T sized CT specimen. The obtained K, values shall be con-
sidered valid if the following maximum K. is not exceeded

f Eb, o,
K settimiyy = M(lo—:jz) . (23)

Oys is the yield stress at 0.2% of plastic strain at the test temperature. M is the deformation limit and per
ASTM definition equal to 30. If the limit is violated, the K. value gets censored and replaced by the Kjimiy-
The mentioned censoring limit accounts indirectly for constraint loss effects [155].

After converting and censoring of the K. data the transition temperature T, can be iteratively determined
with

N 5 exp(a(T,-T,)) ~
=" (A-k_) (100MPam®*-A
((|n2)1/4) ( (|n2)1/4 )EXp(a(Ti_To))
4l (ch(i) _Kmin )4 exp(a'(T, _TO )) (14)

min

(In2)"* (In2)""*

=((ak,) (100|\/|Pam1’2—A)exp(a(p_n))

where A=30 MPam"? and a=0.019 are parameters which define the shape of the master curve (see equa-
tion (15)). The Kronecker delta 6; equals one for valid Ky, entries and zero for censored ones. T; denotes
the test temperature corresponding to K; and N is the number of tested specimens. The test tempera-
tures from the individual experimental CT tests should be close to the transition temperature fracture
toughness value K; ;=100 MPam*? for 1T. In that case, only six valid tests are needed to properly define T,.
However, for small specimens like the used 0.18T CT and 0.14T DCT testing close to T, may cause an in-
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creased amount of tests exceeding Kcumiy. Therefore tests should be conducted below Ty with the draw-
back of increasing the uncertainty of the T, determination as closer the lower-shelf toughness is ap-
proached. One can counteract this problem by simply increasing the number of tests.

Once the transition temperature has been determined the median fracture toughness versus temperature
can be calculated using the master curve equation

K ceq) = A+(100 MPam*? — A)exp(a(T - T,)) . (15)

Usually an upper and lower bound are calculated as well using

Via—K 100 MPam? — A
ch(O.x) =Kmin+(|n( : Jj (A KT/':)+( ar::4 )exp(a(T_TO)) (16)
X (In2) (In2)

where the 0.x represents the selected cumulative probability level. In Figure 37 the median, the lower and
the upper bound master curve is shown using the standard values proposed by ASTM. Lower bound is usu-
ally set to 1 % failure probability and upper one to 99 %.

The reasons to use two different CT specimen geometries for the two Eurofer97 heats are the following.
The static fracture toughness behavior of the Eurofer97-(25) was extensively characterized in literature
with rectangular shape CT specimens (among which 0.18T CT) so that one can rely on a huge database.
Therefore it was chosen to analyze the loading effects using rectangular 0.18T CT specimen for comparison.
For the Eurofer97-(14) the DCT shaped specimen with a size of 0.14T results from the geometric constraint
of the irradiation tube used for SINQ irradiation.

Schematic Master Curve with Lower and Upper Bound
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Figure 37: Schematic master curve shape for the lower and upper bound as well as the median. The transition tem-
perature definition is indicated.
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For the dynamic CT tests obviously the loading rate is from great interest. Since most specimens broke
practically in the macro-elastic regime where K¢ is proportional to P, which in turn is proportional to the
loading rate linear with the cross-head velocity, the loading rate was approximated by the following equa-
tion
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dK,. _ K, (17)
dt tf

where t; denotes the time of failure of the CT specimen.

3.7 Finite element modelling

Several finite element models (FEM) were built with the commercial software Abaqus in order to analyze
and reconstruct experimental results. Standard and non-standard tensile models were used to determine
the mechanical properties at quasi static tests as well as dynamic tests to assess the effect of strain rate
and thermal effects on the deformation behavior. 2D and 3D FE models of CT specimens and a plain strain
small scale yielding (SSY) model were used to calibrate and analyze the local approach. The impact of strain
rate and thermal effects on the local approach was studied with 2D plain strain models. A 2D disk CT spec-
imen was considered to reconstruct the lower bound of the master-curve by considering a local approach
to fracture. All models were implemented in Abaqus 6.14-1 using an implicit solution method.

3.7.1 Standard round shaped tensile FEM

An axisymmetric model was developed for the standard round shaped tensile specimen with a diameter of
5 mm. Due to symmetry only a quarter had to be considered. The model contains 16’000 linear quadrilat-
eral elements of type CAX4RT. The applied boundary conditions are shown in Figure 38).

u, Constrained

u, Symmetry Boundary X

Figure 38: Axisymmetric FE model of the standard round shaped tensile specimen. Boundary conditions are indicated.

A reference point (Ref. P. in Figure 38) which is constrained to the surface nodes at the cross section of the
gage length was used to load the specimen in displacement control. The applied load can be calculated
from the reaction forces acting on the reference point. A single node approach to calculate the
load/displacement curve is more advantageous for processing the obtained data in the developed algo-
rithm (see section 3.7.3).

The elastic properties of the material were considered by a Young’s modulus of 2.1-:10°> MPa and a Poisson’s
ratio of 0.3. Isotropic hardening was implemented in Abaqus by simply entering the true flow stress as a
function of plastic strain in a tabular form. In other words, the flow properties are represents by means of
true stress and plastic strain pairs. Besides the mentioned work hardening strain rate hardening and ther-
mal softening was considered as well. Strain rate hardening can be included in the FE analysis by adding
true stress versus plastic strain values at different plastic strain rates. Thermal effects can be considered by
adding true stress and plastic strain pairs at different temperatures.

The axisymmetric standard round shaped tensile FEM model was built for two purposes. The first objective
was to do a post necking investigation by reconstructing the experimental load/displacement curve. The
intention to do post necking investigation is that irradiated Eurofer97 shows premature necking close to
the yield stress. Therefore the flow properties could be directly determined only up to a small amount of
plastic strain. In order to extend the range of flow properties extraction a FEM guided inverse approach was
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used (see section 3.7.3). To simplify the problem neither strain-rate nor thermal effects were considered in
the model.

The second objective was to analyze thermal effects at higher strain rates. A temperature increase can be
observed when metal is deformed as most of the energy is dissipated as heat [156]. Depending on the de-
formation speed and localization, the temperature increase can be large and causes thermal softening.
Usually this phenomenon is considered in metal forming processes [157] as well as in impact studies [158]
where high strain rates are present. However, in literature it can be found that even at low strain rates (&
=107 s) a considerable increase in temperature can be measured [159]. Therefore, a strain rate and tem-
perature dependent model is in principle needed to account for the increase in temperature originating
from the heat dissipated by plastic deformation. As the temperature distribution of the specimen depends
on the stress/strain solution and vice versa, the thermal and mechanical solution has to be obtained simul-
taneously instead of sequentially. In Abaqus such an analysis was implemented using a fully coupled ther-
mal-stress analysis. In order to consider both strain rate and thermal effects, the flow property input has to
be modified as described above and extended by the material density p, the conductivity k, the specific
heat ¢, and the inelastic heat fraction n (see Table 3). The thermal properties were adopted to be constant
over temperature and were taken from literature ( [160] [161]).

Table 3: Material properties of Eurofer97 which were used as an input for Abaqus.

p/kgms k /W (mK)- ¢ /) (kgK)t n

7887 28 400 0.9

n defines the amount of inelastic energy which is dissipated as heat. By default n is set to 0.9 but n may
shows a plastic strain dependence [162].

3.7.2 Non-standard disk tensile specimen FEM

As already mentioned in section 3.5.2, the constitutive behavior cannot be obtained straightforward from
the non-standard DTS. This is due to the inhomogeneous stress and strain distribution within the gage
length (see Figure 39). Plastic deformation initially takes place in the shoulders of the DTS followed by a
strain concentration in the center of the gage length whereas for the standard tensile specimen a homoge-
neous deformation within the gage occurs.

Standard Specimen Non Standard Specimen

Figure 39: Illustrative comparison of plastic strain distribution within a standard round and a non-standard DT speci-
men at low loading level.

Neither the Young’s modulus nor the flow properties up to necking can be obtained from the DTS experi-
mental load/displacement curve in a straightforward procedure due to this inhomogeneity. To overcome
this problem, one has to rely on modeling and apply a so called inverse approach. Therefore, a 3D FE model
of the DTS was built that contains 52’892 linear hexahedral elements with reduced integration (type
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C3D8R). Due to huge stress/strain gradients in the vicinity of the shoulders, it is essential that the mesh is
refined there (see Figure 40). The boundary conditions are shown in Figure 40. Again a reference point is
used to calculate the load/displacement curve in order to easily access and process the data with the in-
verse algorithm.

Uy y,z Constrained uy , Constrained

Refined Shoulders

Z

Figure 40: Left: 3D FE model of the non-standard DTS. Boundary conditions are indicated. Right: Refined mesh at gage
section.

The DTS FE model simply considers isotropic work hardening, which is considered by true stress versus plas-
tic strain values in tabular form.

3.7.3 Inverse approach

In conventional stress analysis studies, the material elastic and plastic properties are usually known and
used as input parameters for FE simulations, along with others boundaries and initial conditions. The out-
put consists of calculated stress and strain fields as well as reaction forces and/or displacements. An inverse
approach uses the opposite direction to this conventional way, i.e., it determines the elastic and plastic
properties of the material to use as input for the FE model to reconstruct the measured forces and dis-
placements, e.g. [163] [164] [165] [166]. There are several options to implement an inverse approach. One
can adjust the different parameters of a given constitutive equation to fit the measured material behavior,
or one can reconstruct the constitutive equation in a piece-wise manner by connected small linear seg-
ments. Using an analytical expression has the advantage of low computational cost but requires the ability
to describe the material by a functional law like Hollomon’s or Ludwig’s law. An analytical expression for
the tempered martensitic was already proposed [167] but such laws are not always well established for
technical alloys and are a priori not known for materials after irradiation. Therefore, the advantage of re-
constructing the constitutive behavior by segments is that it is applicable to a large class of materials with-
out doing any assumptions on the possible analytical expression of constitutive law.

The DTS FE model in combination with the experimental results is used to iteratively determine the elastic
and plastic flow properties to reconstruct the experimental engineering stress/strain curve. If a good match
is found the material properties are considered determined, but the accuracy depends significantly on the
used implementation method. A piece-wise linear reconstruction of the material parameters was chosen
due to the unknown irradiated plastic behavior. Initially the inverse piece-wise determination of the true
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stress-strain curve was performed by considering three different regions of the load-displacement curve of
the DTS deformations (see Figure 41):

J Region I: Elastic deformation.
o Region IlI: Plastic deformation up to maximum load and necking onset.
J Region Ill: Necking to failure.
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Figure 41: Left: Engineering stress/strain curve with the three regions indicated. Right: Piece-wise reconstruction of
the material properties as (true stress, plastic strain) pairs.

For ABAQUS FE simulations, the elastic and plastic material properties have to be given as input. In the case
of isotropic material like Eurofer97, the elastic properties are fully characterized by two elastic constants. In
the region |1, the Young’s modulus was determined by fitting while the Poisson’s ratio was taken as a con-
stant. The plastic flow properties were inferred from region Il and Ill, where extensive plasticity occurs.
Note that the implementation of isotropic hardening in ABAQUS is simply given by the true flow stress as a
function of plastic strain in a tabular form. In other words, the flow properties are represents by means of
true stress and plastic strain pairs. To start the inverse algorithm, the following initial data are required:

e The experimental engineering stress/strain curve.
e An estimate of the Young’s modulus E and proportional limit oo.
e The ABAQUS input file describing the specimen with the boundary and loading conditions.

In the following, the engineering stress and strain are represented by s and e, and the true stress, true
strain and plastic true strain by o, € and €,. The experimental and simulated engineering stress engineering
strain are calculated by

oo _ Pexp eexp _ dexp
A, I
° ° (18)
sim __ PSIm sim __ dSIm
A’ A

where P is the load, d the displacement, A, the initial specimen cross section and |, the initial gage length.
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Region I: As mentioned above, for isotropic materials only two elastic constants are necessary to
characterize the elastic properties completely. In this work, the Poisson's ratio v was taken equal to 0.3, in
agreement with the experimental determination on a similar tempered martensitic steel [161]. On the con-

trary, the elastic slope was determined with the inverse method. The experimental maximum elastic engi-
exp

neering stress ey © is naturally defined at the point of the experimental curve where the linearity between

P “® is lost (see Figure 41 left). This point is defined by the pair (so*, €,™"=de/ly. In an iterative

(™) curve is generated by adjusting the value of the Young’s modulus until

sPand e

simy _sim

manner, the region | of the s
the following criterion is met:

As=(s;"—si®)<a  at d (19)

el
where ;"™ corresponds to the simulated engineering stress at de and a determines the maximum allowa-
ble error. This procedure is schematically shown in the left part of Figure 42. The dots correspond to results
from the simulation and the blue line to the experimental curve. First a too low elastic slope E; was chosen
with results in a too flat response of the FE model giving an error of As; at d.. Then elastic slope is in-
creased until a too steep curve with an error of As, between the simulation and the experimental curve.
This process is repeated until the error falls below the desired tolerance. An ideal case is shown in Figure 42
represented by the red dots. Thus, at the end of the fitting in region |, one has adjusted the Young's modu-
lus to determine ™™, which is finally converted to o,"".
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Figure 42: Schematic explanation of the inverse approach in the elastic and plastic region.

0o"™ corresponds to proportional limit but it is not the standard 0.2% offset yield strength. It is important to
note here once more that a direct determination of the Young's modulus from the engineering stress/strain
curve of the DTS specimen is not possible, because from the very beginning of the loading the stress state
in the specimen is not homogenous and a significant amount of deformation takes place in the specimen
shoulders. Hence the slope of linear loading represents only an apparent elastic modulus but not the
Young's modulus.

Region Il & Ill: The experimental engineering stress/strain curve is now divided into n small segments,
each of them corresponds to a certain displacement increment d;,. in the load/displacement curve, which
of course causes an increment of plastic deformation. For each increment, a corresponding pair of true
stress/true plastic strain values can be determined. For the sake of clarity, one provides hereafter the de-
tails of the algorithm for the first increment. The FE model is updated by imposing a total displacement
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such as d=de+di, and by considering a constitutive behavior with a proportional limit equal to ¢,"™ fol-
lowed by plastic behavior characterized by a linear strain hardening K, (see Figure 41 right). Similar as in
Region | the slope of K; is adjusted until

As=(si"—s® )< at d, (20)

is fulfilled. In the right of Figure 42 the optimization process is being sketched. If the linear slope is too flat
the response of the FE model will be too soft (represented by the green dots). An increased slope of K;,
resulted into a too stiff response. The ideal case is represented by K; rina sShown by the red dots. Knowing K;
is not enough at that point because we are essentially interested in the pair (01, €,). The true stress/true

plastic strain is actually deduced from the FE model by calculating the average von Mises stress 5‘,”" and
true plastic equivalent strain E:’f” from the elements that contribute to deformation. To better illustrate

and explain how the averaging elements are chosen, a deformation state of the gage section beyond neck-
ing is used (see Figure 43). In such a case the deformation gets highly localized and deformation takes place
only in a confined volume.

Plastic Strain Distribution

Integration Points

T

Figure 43: Plastic strain distribution within the extended gage length including an illustration of the confined defor-
mation beyond onset of necking.

A similar effect is seen for the DTS at the onset of plastic deformation but not as pronounced as beyond the
onset of necking. If equation (20) is fulfilled, a true stress/true plastic strain pair for the current incremental
deformation can be extracted by only considering elements with deformation exceeding that of the previ-
ous increment i-1, as illustrated in Figure 43. In other words, one considers only the region of the specimen
that contributes to deformation by simply checking the deformation state at the integration point. Those

= sim

elements are then used to derive the average plastic equivalent strain £, and true stress o’ as
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where V! is the volume of element j and &' is the von Mises stress in the element. N denotes the number of
nodes within the extended gage length I, (see Figure 40). The extension of the gage section includes the
shoulders because a significant amount of deformation takes place there as well. As the mesh size is not
constant within the extended gage length, the volume of the elements is used to weight and average the
plastic equivalent strain and true stress. For the first increment in Region Il €, is equal to zero as desired
from Abaqus.

In Region Ill, the same determination method is used with the only difference that the increment size can
be increased significantly. After passing the ultimate tensile strength, the hardening curve does not show a
strong gradient anymore. Therefore, the increment size can be increased to reduce the computational costs
for reconstructing the flow properties without any drawback.

The implementation of the method consists of the finite element code ABAQUS to calculate the
stress/strain and force/displacement fields in the specimen, and of the numerical computing environments
MATLAB and FORTRAN. The MATLAB program is the main controlling program that assures the interface
between ABAQUS and FORTRAN routine, which calculate the average stress and strain within the DTS ex-
tended gage length.

The final output of the inverse program yields the proportional limit o, and the pairs of true stress/plastic
strain in tabular form. It is well known that the elastic-plastic transition of martensitic steels is very smooth
and gradual so that there is a relatively large difference between the proportional limit and yield strength,
of the order of 100-150 MPa at room temperature. Therefore, it is important to develop an inverse method
that permits to catch the details of the elastic-plastic transition. The quality of the reconstruction depends
not only on o,. Another parameter which affects the inverse result is the increment size d;... The larger di,,
the fewer data points of the flow curve are obtained resulting in a coarse determination of the flow behav-
jor. If an experimental engineering curve which should be reconstructed shows strong gradients, an insuffi-
cient number of true stress/strain points will results in a low-quality reconstruction. However, to keep the
computational time reasonable while assuring a precise simulation, d;,. should be not chosen too small. For
an optimum computational time and precise reconstruction, the increment size is not kept constant over
the entire process. At higher gradients the incremental size is kept small but is increased at flatter parts of
the curve. The development of this inverse method on unirradiated DTS is reported in [168] and slight ad-
justments for irradiated DTS in [169].

Before applying the above described technique to the irradiated and unirradiated material, a proof of con-
cept was conducted with standard uniaxial tensile tests of @ 5 mm round shaped specimen. The standard
tensile tests were conducted at room temperature with a displacement rate of 0.05 mm/min. From the
load/displacement curve, the flow properties up to necking can be readily calculated. However, the inverse
technique was applied on the standard tensile results beyond necking (see Figure 45) to extend the flow
property range.

The DTS results show a very good reproducibility, indicating that the developed gripping system was ade-
quate (see section 3.5.2). Therefore the engineering curve from only one DTS test is shown in Figure 44 in
comparison to the @ 5 mm round shaped specimen result. As expected, the main difference between the
tensile behavior between the DTS and the standard ones resides in the development of the neck. It is how-
ever clear that the engineering strain at failure of the standard specimens is much lower than that for the
DTS.
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Figure 44: Left: Disk tensile specimen test in comparison with a standard @ 5 mm round shaped tensile specimen.
Right: Reconstructed experimental DTS curve.

The engineering strain at failure of the standard specimen is around 20%, in good agreement with pub-
lished data [170], while it is slightly over 35% for the DTS. This observation is actually expected as it is well
known that the total elongation is not a material property but depends on the specimen geometry: the
shorter the specimen gage length the larger the relative contribution of the necking region to the total
elongation [171]. Reconstruction of the experimental DTS curve using the inverse approach yielded in a
good match in terms of engineering stress/strain (see Figure 44).

In Figure 45 the corresponding flow properties obtained by the inverse approach are shown. The increase
in increment size appears in increasing spacing between the data points. At the transition of elastic to plas-
tic deformation the increment is rather small whereas beyond necking the increment size increased in two
orders of magnitude.
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Figure 45: Flow property curves in terms of true stress/true plastic strain obtained by the inverse approach in compar-
ison with the experimental data from a standard tensile test.

At the transition of elastic to plastic deformation the increment is rather small whereas beyond necking the
increment size increased in two orders of magnitude. For the sake of comparison, we also plot in Figure 45
the true stress/strain curve obtained by the inverse method on the standard specimen. The inverse method
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is clearly consistent, namely yielding the same o(g,) curve for two tensile specimen geometries that exhibit
very different necking behavior.

The mentioned inverse method was applied to the experimental DTS curves for the irradiated and unirradi-
ated Eurofer97-(14). Note that it was also applied to obtain flow properties from the standard round
shaped tensile tests in the post necking region. Therefore the above axisymmetric standard tensile FE mod-
el is used in the inverse algorithm. The experimental obtained flow properties from the standard tensile
specimen were inserted in order to be able to skip Region | and II.

3.7.4 Fracture FEM

The local approach to fracture used in this work is based on the attainment of a critical stress o* within the
critical volume V* around the crack tip as a function of K. These values were determined through different
FE models in 3D and 2D, which are described below.

3.7.4.1 3D Compact Tension FE Model

First, two 3D models of compact tension specimens of different size were developed. Taking advantage of
the specimen symmetry, only one quarter of the CT specimen model was considered to minimize computa-
tional costs. The two models were built according to the dimensions of a 0.18T and 0.88T specimen (see
Table 4). For the computations, a stationary deep crack was modelled with an initial root radius p, (see
Figure 46 c)). For both CT sizes the root radius was equivalent to 0.1 um which was necessary to obtain an
accurate description of the near tip stress field at low loading. The crack length to specimen width ratio was
chosen as a/W=0.52. In order to catch the strong stress and strain gradients just ahead of the crack tip as
precise as possible, a fine mesh around the crack tip was used. It consists of two different element types,
namely 20-node quadratic brick elements with reduced integration (C3D20R) in the domain around the
crack tip (see Figure 46 b) and c)) and 8-node linear brick elements with reduced integration (C3D8R) at the
remaining domain (see Figure 46 a)).

a) b)

C) “
P,
= VB/2

Figure 46: 3D FE CT mesh with details of the initial crack root.

A combination of these two elements is used, because the C3D20R elements showed a better resistance
against mesh deformation then the C3D8R. Besides the better performance at higher loading the C3D20R
elements do show a higher accuracy but demand higher computational cost. Therefore the major volume
of the model consists of C3D8R elements. However, as the mesh around the crack tip has to be finer, the
amount of elements does not differ so much. It emerged that a circular mesh around the crack tip with a
slight increasing mesh size with the distance from the crack tip provides the best results in terms of accura-



EXPERIMENTAL PROCEDURES

cy and computational cost. The final amount of elements for both CT models is shown in Table 4 and obvi-
ously depends on the size of the model.

Table 4: Measure and amount of elements being used for the FEM model for 0.18T and 0.88T CT.

Model Size Dimension Elements

B/ mm W/ mm C3D8R C3D20R
0.18T 4.5 9 170700 130650
0.88T 22.2 44.4 70320 140520

For the 0.88T model, the limit of the PC memory was reached with the settings mentioned above. There-
fore no further refinement of the mesh was possible.

Loading of the C(T) specimen was implemented by an analytical rigid pin with a node to surface discretiza-
tion method and normal interaction properties. A reference point on the rigid pin was used to extract the
resulting reaction force F in the model versus the displacement D. The calculated stress intensity factor K
was deduced from the calculated P-D curve using the standard equations given in the ASTM standard
E1921-17a:

K= Jﬁ W|th J:./e+.lp=(1_—Ev)|:Lf(a/W):| +77Blzp (22)

where ais the crack length and b the ligament length.

The elastic properties of the material were considered by a Young’s modulus of 2.1-10° MPa and a Poisson’s
ratio of 0.3. Isotropic hardening was implemented in Abaqus by simply entering the true flow stress as a
function of plastic strain in a tabular form. Neither strain rate nor thermal effects were considered in the 3D
models.

The main purpose of the 3D model was to determine the critical parameters for the local approach and
provide reference values which can be compared to the simplified models. Due to the enormous computa-
tional costs of the 3D models, only static FE analysis was performed considering the flow properties at qua-
si-static condition. In order to obtain the critical parameter, it is necessary to extract the stressed volume V
encompassed by a given maximum principal stress o;. A FORTRAN routine was used, which determines the
nodes with a stress exceeding o1. Due to the non-uniform mesh size within the model the volume per ele-

ments differs significantly. In order to account for this, the stressed volume per element is weighted by the
nodes exceeding o, divided by the total number of nodes of the element

3.7.4.2 2D Compact Tension FE Model

The first simplification in comparison to the 3D model was to build a 2D plane strain model of 0.18T CT in
size. Obviously the symmetry of the specimen allows modeling the half of the specimen (see Figure 47 a)).
A static crack was considered with a root radius equivalent to 0.1 um and a crack length to specimen width
ratio of a/W=0.52. As the computational costs for a 2D model are much lower in comparison to 3D, the
mesh density around the crack tip was increased (see Figure 47 c)).
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The model consist of 2040 4-node bilinear plane strain quadrilateral elements (CPE4R) and 43031 8-node
biquadratic plane strain quadrilateral elements (CPE8R), both with reduced integration, as well as 39 3-
node linear plane strain triangle elements ( CPE3).

a) b)
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Figure 47: 2D FE CT mesh indicating the J-integral path and refined mesh at the crack tip.

Loading was applied through a rigid pin whereas a reference point on the rigid pin was used to extract the
resulting reaction force F in the model versus the displacement D. A surface to surface discretization meth-
od and normal interaction properties were used between the pin and the specimen. The stress intensity
factor K was calculated by the J-integral results obtained from Abaqus (see Figure 47 b)) and equation (22).

The 2D FE plane strain model allows analyzing strain rate and thermal effects during a CT test which may
affect the critical parameters. However, first a static FE analysis was performed with the same flow proper-
ties as in 3D. The stressed area encompassed by a certain maximum principal stress o; was determined with
a FORTRAN algorithm following the same principal as for 3D. The volume is simply obtained by multiplying
the obtained stressed area by the thickness of the CT specimen times two, as only the half of the specimen
is modeled.

Similar to the standard round shaped FEM analysis thermal effects in combination with strain rate were
analyzed. The implementation in Abaqus to address thermal effects was realized as described in section
3.7.1 with the material properties in Table 3. Two different loading scenarios were considered:

1. Quasi-Static: Even at quasi-static loading conditions one may has to consider strain rate effects as
the crack tip shows a strong strain gradient.

2. Dynamic Loading: At higher loading rates the strain rate as well as thermal effects has to be consid-
ered in a FE model.

For both scenarios, an Abaqus FE model, which considers strain rate and a fully coupled thermal-stress
analysis, was realized. Additionally, an adiabatic analysis was applied for the dynamic loading. Due to the
high loading rate it may occurs that the dissipated heat has no time to transfer to the surroundings. There-
fore the thermal conductivity is not considered in an adiabatic FE analysis.

3.7.4.3 Modified boundary layer model

The most simplified approach realized in this work were crack tip small scale yielding (SSY) conditions which
were reproduced with the so-called boundary layer model (BLM) using a 2D full circular shaped plane strain
FE model having a stationary crack with py = 0.1 um (see Figure 48). The model contains 4142 quadratic
quadrilateral elements with reduced integration (CPE8R).
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A detailed description of the model can be found in [172]. Loading was applied by imposing displacements
of the elastic Mode | singular field with a T-stress equal to zero at the nodes on the outer circular boundary.

4

a) x b)

Figure 48: 2D FE SSY mesh indicating the nodes where boundary conditions were applied and details of the initial crack
tip root.

The x and y displacements for each node (indicated in Figure 48) can be calculated by

Ax=K1+—V Lcos(ej(3—4v—c059)
E 2 2
(23)

Ay=K1+—V Lsin(gj(3—4v—cos¢9)
E 27 2

where r is the radial distance from the crack tip and 6 is the angle between the crack plane and the node.
The above relations hold for plastic regions R, limited to a small fraction of the circular model radius R, typ-
ical R, < R/20.

The SSY-mesh was employed to investigate the near crack tip stress/strain fields at much lower computa-
tional cost than the full 3D and 2D CT model. However, it was already shown that the stresses in the pro-
cess zone calculated in SSY without a T-stress are somewhat different from those existing in a real speci-
men or component where non-zero T-stress is present. In particular, the positive T-stress of CT specimens
[173] tends to elevate the crack tip stresses. In order to improve the stress/strain fields at the crack tip with
the proposed SSY model the T-stress has to be taken into account. This can be simply implemented by

_ 2
Ax=K1+—V /Lcos (4 (3—4v—cos¢9)+T1 Y Rcos6
E 2 2 E

v(l+v)

(24)
1+v | r

AyzKT —sin(gj(3—4v—c050)—T Rsiné@

2

where T is the T-stress. In the present work the T-stress was evaluated using an approach proposed by Lar-
son et al [174]. Therefore the stress/strain fields of the used specimen geometry have be calculated first. In
this study the 2D 0.18 CT model is used. Additionally, a model being under SSY conditions without T-stress
consideration has to be loaded to the same amount as the corresponding specimen. The T-stress for each
specimen can be simply obtained by

T=0,(r,7),-0,(r.7) (25)

Ssy
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where o,(r,nt) can be determined from the two FEM results (see Figure 49). The described procedure can be
applied to any crack geometry like bend bars, center and double edge-cracked specimens.

The SSY model approach in combination with equation (23) and (24) allows analyzing the impact of the T-
stress onto the stress/strain fields at the crack tip. Therefore static FE analyses were performed with the
same flow properties as in 3D and 2D CT. From the results it should be deduced if the SSY model approach
can substitute the more complex 3D and 2D models.

Figure 49: a) 2D CT model and b) Modified boundary layer model including coordinate system.

3.7.4.4 Disk Compact Tension FE Model

Also a 2D disk compact tension (DCT) FE plane strain model was built to analyze the obtained experimental
results in more detail. The symmetry of the specimen allows to simply considering the half of the specimen
(see Figure 33 a)). In accordance to the above mentioned fracture models the initial root radius was equiva-
lent to 0.1 um considering a stationary crack with a crack length to specimen width ratio of a/W=0.52 (see
Figure 50 c)).

a)

B W

Figure 50: 2D FE DCT mesh indicating the J-integral path and refined mesh at the crack tip.

The model consist of 632 4-node bilinear plane strain quadrilateral elements (CPE4R) and 17951 8-node
biguadratic plane strain quadrilateral elements (CPE8R) both types with reduced integration as well as 15 3-
node linear plane strain triangle elements (CPE3).
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Loading was applied through a rigid pin whereas a reference point on the rigid pin was used to extract the
resulting reaction force F in the model versus the displacement D. A surface to surface discretization meth-
od and normal interaction properties were used between the pin and the specimen. The stress intensity
factor K was calculated using the J-integral result obtained from Abaqus (see Figure 50 b)) and equation
(22).

Main purpose of the model was to determine the critical parameters for the local approach to fracture for
the Eurofer97-(14) heat. Therefore the unirradiated flow properties obtained from the DTS tests were used
as an input in tabular from. Moreover the irradiated flow properties obtained from the DTS tests were used
in combination with the model to give a T, prediction by applying the local approach parameters.
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Chapter 4 Results

In this chapter, the experimental and simulation results are presented. First, the microstructural investiga-
tions are shown, followed by the experimental tensile and fracture test results. Fractographic observations
of the tested tensile and fracture specimens are shown after the corresponding tests. Subsequently, the
finite element modelling results are reported and compared with the experimental results.

4.1 Microstructure of Eurofer97-(14)

The microstructure of the Eurofer97-(14) base material was investigated using different SEM techniques
and optical microscopy, including characterization of precipitates, and grain size determination. The above
mentioned analyses were only applied to the unirradiated material. Concerning the Eurofer97-(25) base
material the microstructure was characterized previously in the work of Bonadé [153] and Mller [154].

4.1.1 Grain size determination

Tempering of martensitic steels is needed to reduce the hardness and therefore the brittleness. In the as-
guenched state, the microstructure consists of laths of martensite, which is supersaturated with carbon
[175]. However, the size of the austenite grains prior to quenching in relation to mechanical properties is of
great interest for metallurgist. In Figure 51, the grain boundary structure of Eurofer97-(14) after etching
can be seen.

Figure 51: Optical microscope images from etched Eurofer97-(14).

From the optical micrographs, the grain size was determined according to the ASTM line interception
method. Since PAG size may vary with the position within the plate, images were taken over the entire
cross section of the plate. The average value from all measurements was then taken and is given in Table 5.
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Table 5: Determined grain size number G and corresponding grain diameter d both according to ASTM 112-13.

Batch G d/pum

Eurofer97-(14) 9.51 13.36 £ 0.08

Compared to literature, the determined grain size is slightly bigger. Ferndndez observed a grain size for the
same batch and 14 mm plate of 6.7 -11 um [176]. The difference may arise from the fact that the grain size
within a manufactured steel plate varies with the position in the plate. Also the etching may not resolve the
PAG boundaries well leading to some uncertainty.

4.1.2 PAG, lath and sub-grain analysis

Prior austenite, packet, block and lath boundaries characterize the microstructure of reduced-activation
ferritic/martensitic steels [177]. The microstructural investigations of the Eurofer97-(14) using SEM re-
vealed the typical complex tempered martensitic structure (see Figure 52 and Figure 53). The EBSD results
and in the SEM images obtained with the QBSD reveals the typical lath like structure. From the obtained
EBSD map at lower magnification, it is not possible to identify properly the PAG boundaries by considering
the misorientation between neighboring data points. No preferable microstructure orientation was found.

Figure 52: EBSD results of Eurofer97-(14). Left: Overview image of the martensitic structure. Right: Image at higher
maghnification showing the grain and sub-grain structure.

PAG boundaries and packet boundaries are indicated in the right upper image in Figure 53. Inside the PAG
the above mentioned complex structure is found. The lath type structures originate from the as-quenched
condition and their size ranges between 150 — 600 nm in width (see right lower image in Figure 53). Sub-
grains, which form during the tempering process [178], were found in the lath type structure (see Figure 52
and lower two images in Figure 53). The size of the sub-grains ranged from few hundred nm to few um in
size. Similar results were obtained from EBSD records.

58



RESULTS

Figure 53: Microstructural investigation of Eurofer97-(14) using SEM. All images were taken using the QBSD. In the
right upper image some PAG and packet boundaries are indicated.

4.1.3 Precipitates analysis

In order to analyze the precipitates in the unirradiated Eurofer97-(14), the specimens were electro-
polished. This preparation method allowed a quick and easy investigation by SEM. In Figure 54, the typical
distribution and size can be seen. The precipitates decorate the prior austenite grain boundaries (see Figure
54 upper two images). Medium and smaller sized precipitations can be found inside the PAG at the sub-
grain boundaries. The smallest detectable precipitates with the SEM were about 10-20 nm in size whereas
the biggest ones ranged up to 970 nm (see Figure 55 and Figure 57).

It has to be pointed out that the largest particles do have an elongated needle like shape. Other shapes of
particles were circular and rectangular in almost any size in the above mentioned range. In Figure 55, an
overview of the different precipitates that were found in Eurofer9-(14) can be seen. Beside the bright iron
matrix, the particles appear in different darker contrast, associated with a higher atomic number Z. A few
particles were found having a sharp transition of contrast within the grain (see arrow in lower mid image in
Figure 55). Some of the precipitations are entirely black indicating an even higher Z. These particles appear
in a roundish shape in sizes ranging from as small as 10-20 nm to the mentioned 970 nm and are randomly
distributed. The black contrast indicates that those precipitations are most probably W or Ta rich particles
(see alloying elements in Table 1). Concerning the particles located at the grain boundaries, several alloying
elements are possible as the contrast appears similar.

59



RESULTS

Figure 54: Analytical investigation of precipitates in Eurofer97-(14) using SEM. Left upper image was taken with an In-
lens detector and others with the QBSD.
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Figure 55: Various precipitations investigated in Eurofer97-(14) using SEM. All images show the inverted recorded
contrast.

Therefore the precipitates were further analyzed by EDX spectroscopy. It was found that the majorities of
the precipitates are Cr-rich and located at the PAG boundaries. In Figure 56, an EDX-mapping of two Cr rich
particles can be found. Besides Cr, the particles consist of carbon and tungsten and are Fe depleted. Anoth-
er result which can be concluded from the EDX map is the limit of the investigation method. The larger the
particles are, the better the signal of the detected elements. The size dependence originates from the fact
that the SEM EDX analysis is limited among others by the interaction volume. At higher accelerating volt-
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age, the interaction volume is bigger. However, by reducing the voltage the interaction volume reduces as
well but with the drawback that elements with higher electron binding energy will show fewer or non-
ionization events.

Another EDX mapping was applied to an almost spherical Ta-rich particle of 460 nm in size (see Figure 56
right). The elemental maps show besides Ta, Ti and C and a depletion in Fe. The particle is surrounded by
some Cr particles which are close to the detection limit using this technique and mentioned parameters.
Therefore mostly noise is detected besides one or two spots where Cr particles are big enough. Most of the
time, the Ta-rich particles appear in a spherical shape but can occur in different shapes as well.

Figure 56: SEM EDX analysis of precipitations. Left: EDX-mapping of two Cr rich particles. Right: EDX-mapping of a
tantalum rich particle.

Point EDX analyses were also applied to several precipitates in order to determine all elements present.
From the Ta-rich particles C and Ti were found in the EDX mapping analysis. However, in the spectrum a
low amount of V was detected as well. From literature it is know that Ti forms complex particles which also
contain V and Ta [179]. In Figure 57, the result of a point EDX spectrum of a bigger Ta particle is shown.
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Figure 57: EDX point spectrum of a Ta rich particle. Vanadium peak is magnified in the lower right spectrum.

Besides Ta, Ti can be found but a small amount of V is also present (see inlet in Figure 57). In order to de-
termine the elemental distribution within such a complex precipitate, TEM EDX analysis would be required.
Nevertheless, the presence of Ti and V suggests that a complex TiN-VN-TaC precipitate was detected. Even
though the analyzed Ta particle is rather big, a low signal of the Fe matrix as well as from a neighboring Cr

particle can be recognized but at a very low signal to noise ratio.

Also several Cr-rich particles were analyzed in more detail using point EDX spectroscopy. The spectrum for
a larger Cr-rich particle can be seen in Figure 58.
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Figure 58: EDX point spectrum of a Cr rich particle. Vanadium peak is magnified in the lower right spectrum.

In accordance to the EDX mapping results, W was found in the particle as well. Again the analysis revealed a
small amount of V present in the analyzed particle. However, several other Cr-rich particles did not show
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any V. In literature it was reported that Cr carbides may precipitate around VN precipitates, which are also
preferentially located at grain boundaries [179]. The proper spatial location could not be determined as the
SEM EDX analysis simply approaches the limit. Nonetheless, it can be said that V is present at the investi-
gated Cr rich particle. M,3C¢ type precipitations which contain W and V were also found in [179] and [180].
In the work of [179] it was found that the boundaries which were free of VN precipitates were also free of
M 3Ce.

4.2 Tensile properties of Eurofer97-(25)

Two different sizes of round shaped tensile specimen of Eurofer97-(25) were tested to determine the flow
properties versus temperature and strain rate.

4.2.1 @5 mm tensile specimen tests

Tensile tests with the @ 5 mm round shaped specimen were carried out at three different displacement
rates, namely 0.05, 0.5 and 5 mm/min at temperatures ranging from -196 to 200 °C. The resulting 18 tensile
curves are shown as engineering stress/true strain in Figure 59. Most specimens were tested up to failure
as indicated with a vertical dashed line. Every uniaxial tensile tests at room temperature, the 0.5 mm/min
test at -100 °C, and the 0.05 and 0.5 mm/min tests at 200 °C were realized using a clip-on extensometer.
Those tests were therefore interrupted after passing the UTS followed by unloading. The nominal engineer-
ing strain rates corresponding to the applied displacement rates are shown in Table 6.

Table 6: Applied displacement rates and corresponding engineering strain rates.

d / (mm/min) 0.05 0.5 5

& /st 2.810° 2.810" 2.810°

A strong temperature and strain rate dependence of Eurofer97 can be recognized. From room temperature
down to -196 °C, the yield stress increase is about 500 MPa. At -196 °C, the strain rate hardening effect
between the different displacement rates is manifested by a an upper shift of the curves. However, test
being conducted at higher temperatures do show a different behavior, for instance the test series at -150
°C. Initially, the strain rate hardening effect is observed but, with increasing strain, the amplitude decreas-
es. Actually the two curves at 2.8 10% s and 2.8 10 s get closer to each other and merge at around 8 %
of strain (see right in Figure 60). Similar results were found at higher temperatures. This phenomenon is
likely to be the consequence of thermal softening due to dissipation of the plastic work into heat.

This assumption was confirmed by measuring the specimen temperature with a thermocouple attached to
the gage length. At the test at -150 °C with a strain rate of 2.8 10° s™, a temperature increase of about 20
°C during the test was measured. Even though measuring the temperature distribution in the tensile speci-
mens with a thermocouple on the surface is not suitable to detect fast and locally confined temperature
increase properly, the result remains a good indication of possible thermal softening. At higher tempera-
tures and other strain rates, where the heat released in the specimen has more time to diffuse out, the
measured increase in temperature was not so pronounced. This behavior was studied in more detail using a
FEM model with consideration of temperature variation induced from plasticity and is presented in section
4.5.2.
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Figure 59: Tensile curves of Eurofer97-(25) at different temperatures and displacement rates conducted with the
standard @ 5 mm round shaped specimens.

Another feature in the tensile results can be found at the tests conducted at -150 °C and lower (see Figure
60). At low true plastic strains just beyond the yield point, the curves show a small region where the engi-
neering stress remains almost constant. It is more pronounced at higher strain rates and can even be found
at -150 °C.
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Figure 60: Tensile curves of Eurofer97-(25) at -196 and -150 °C. Deformation at almost constant stress is indicated.

For the highest strain rate at the lowest temperature even a short drop in stress can be observed whereas
at an engineering strain of 4 % the stress increases again. This phenomenon was already reported in previ-
ous investigations as well [181]. However, the physical reason for this behavior remains unclear.

4.2.2 (3 mm tensile specimen tests

The impact of strain rate on the flow properties of Eurofer97-(25) was also investigated with tensile tests
carried out with @ 3 mm specimens. The idea was to increase the specimen surface to volume ratio in com-
parison with the @ 5 mm specimens, to minimize the thermal softening effect. Specimens were loaded at
different displacement rates, namely 0.1, 1 and 10 mm/min. At each temperature, three tests were per-
formed whereas for one test strain rate jumps were applied. To do so, the displacement rate is periodically
varied between two values and was applied at -50, -100 and -150 °C between a displacement rate of 0.1
and 1 mm/min. The temperature range was chosen in accordance to the @ 5 mm tensile tests where the
strain rate effect on the tensile properties was the most pronounced. In Figure 61 the obtained tensile
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curves in terms of true stress/strain can be seen. Similarly to the @ 5 mm specimens, a strain rate effect on
the tensile curves can be observed. All uniaxial tensile tests were conducted up to failure which is indicated
in Figure 61 with a vertical dashed line. The engineering strain rates corresponding to the applied displace-
ment rates are shown in Table 7.
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Figure 61: Tensile curves of Eurofer97-(25) at different temperatures and displacement rates performed with the
standard @ 3 mm round shaped specimen.

Table 7: Applied displacement rates and corresponding engineering strain rates.

d / (mm/min) 0.1 1 10

& /st 9.310° 9.310" 9.310°

In Figure 62 the range where strain rate jumps were applied is enlarged. It can be seen that for -50 and -
100 °C the strain rate change from 0.1 to 1 mm/min superimposes almost immediately with the curve ob-
tained at a constant displacement rate of 1 mm/min. However, at -150 °C the flow stress right after the
strain rate jump is higher that obtained at constant rate, only close to yielding the two curves overlap after
the strain rate jump. This flow stress difference is likely to arise from thermal softening occurring in the
high strain rate tests at constant velocity, where the temperature rises due to dissipation of plastic work
into heat. For the tensile curve at -150 °C with 10 mm/min, a similar trend is observed. Shortly after yield-
ing the stress difference is well marked but reduces constantly with increasing strain. The same behavior
was found for the @ 5 mm tensile results.

However, this effect reduces with increasing temperature and cannot be seen anymore at -50 °C. In order
to reduce the effect of thermal softening, the shift in stress associated with strain rate was determined at
lower true strains. In other words, the shift caused at 9.3 10” s™ was simply measured close to the onset of
plastic deformation. The resulting measured shifts were about constant in the tested range of 9.3 10° - 9.3
102 s at each temperature which is indicated in Figure 62 as arrows with the same length. In Table 8 the
shift in stress Ao at -50, -100 and -150 °C is shown.

From the obtained results a trend of decreasing Ao, With increasing temperature was found which is
shown in the right diagram in Figure 62. However at temperatures above -50 °C the effect of strain rate
hardening was not determined as the measurable shift is vanishing in the standard deviation of a tensile
test. Also the standard @ 5 mm round shaped specimen results did not show a clear strain rate effect at
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temperatures >-50 °C. Therefore, it is assumed that the strain rate effect at temperatures >-50 °C is not
pronounced and can be neglected.
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Figure 62: Strain rate analysis of Eurofer97-(25). Left: Tensile curves at different temperatures and displacement rates.
Right: Determined shift in stress caused by an increase in strain rate by factor 10 at different temperatures.

Table 8: Determined shift in stress due to a change in strain rate of factor 10 for Eurofer97-(25).

T/°C e /¢, AGirue / MPa
-150 10 40
-100 10 30
-50 10 12

The determined strain rate sensitivity of the true stress (Table 8) will be applied in the FEM analysis in sec-
tion 4.5.2 and 4.5.4.
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4.3 Tensile properties of Eurofer97-(14)

Unirradiated and irradiated disk tensile specimens (DTS) of Eurofer97-(14) were tested at temperatures
ranging from -137 to 370 °C. The irradiation impact on the yield stress and on the true stress/strain rela-
tionship obtained with the developed inverse method is reported. The necking shapes of the tested speci-
mens as well as the fracture surface at -100 and 200 °C were studied to identify possible irradiation effects.

4.3.1 DTS tensile tests results

For both irradiated and unirradiated DTS, a displacement rate of 4 mm/h was applied, which corresponds
to a loading nominal strain rate of 5.56 10™ s™. Due to the limited volume in the irradiation rod, only five
irradiated specimen were tested whereas nine tests were conducted for the unirradiated ones. Figure 63
shows the tensile curves for the unirradiated Eurofer97-(14) as well as the irradiated curves in terms of
engineering stress/strain.
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Figure 63: Non-standard DTS tensile curves of the Eurofer97-(14) at different temperature. Left: Unirradiated Right:
Irradiated.

The irradiation induces profound changes of the shape of the tensile curves. In the unirradiated case, a
gradual transition between elastic and plastic deformation can be found with significant uniform elonga-
tion. The tensile curves of the irradiated specimens conducted between -100 and 200 °C are characterized
by a premature necking that occurs just beyond the yield point followed by a continuous decrease of engi-
neering stress (or load). At 370 °C, the tensile behavior of the irradiated specimen is somewhat different
from the other specimens. In this case, the tensile curve presents a low strain-hardening rate, which per-
sists up to several percent of engineering strain.

For the tests performed on unirradiated specimens from -100 °C up to 370 °C, the failure of the specimens,
regarded as the total separation of the specimen in two parts, occurs over a range of strain that follows the
sudden load drop characterized by an abrupt slope change of the tensile curve towards the end of the test.
This behavior arises from the fact that the specimens fail only partly at this point but a remaining ligament
still holds the two specimens halves together, which continue to plastically deform. At lower testing tem-
peratures, i.e. -120 °C and -137 °C, the unirradiated DTS failed at high stress in a total macroscopic brittle
manner as indicated by a vertical dashed line (see Figure 63 left). A similar result was found for the irradiat-
ed DTS. However, there was not such a clear trend of this phenomenon versus temperature. From five con-
ducted active tests, only two show such a behavior.
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A well-marked temperature dependence of the yield stress at 0.2% of plastic strain below room tempera-
ture is observed for both unirradiated and irradiated Eurofer97, which is characteristic of BCC metals and
alloys. However, at higher temperatures the decrease in yield stress with temperature becomes weaker.
The yield stresses for the irradiated and the unirradiated DTS results are compared in Figure 64 at 0.2 and
1% of plastic strain. Due to the flow behavior of the irradiated Eurofer97-(14) right after yielding the yield
stress was determined at 0.2 and 1% of plastic strain. However, the trend as well as difference between
unirradiated and irradiated yield stress is unaffected.
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Figure 64: Yields stress at 0.2 % and 1 % of plastic strain for the irradiated and unirradiated Eurofer97-(14).

Significant irradiation-hardening was determined as can be seen in Figure 65. The irradiation increased the
yield stress about two times. From the left diagram in Figure 65, a temperature dependence of the irradia-
tion hardening was found that cannot be explained by the temperature dependence of the elastic constant

(see right Figure 65).
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Figure 65: Yield stress difference between unirradiated and irradiated at 0.2 and 1 % of plastic strain.

Due to the above described phenomenon of partial failure, the fracture strain and stress of the DTS were

chosen as those at the abrupt slope change of the tensile curve. In the following, the analysis of the

stress/strain state using the FE modeling at failure was done at the fracture stress/strains as defined above.
In Figure 66 the failure strains and stresses for the irradiated and unirradiated Eurofer97-(14) are shown.
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Regarding the fracture strain of the unirradiated DTS, a strong decrease with increasing temperature can be
seen reaching a plateau about €:=0.26 at 200°C. There is no such clear trend for the irradiated DTS. The
fracture strain varies in between 0.22 and 0.25 over the entire temperature range and shows always a low-
er value than the unirradiated.
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Figure 66: Engineering failure strain and stress for the irradiated and unirradiated Eurofer97-(14) DTS.

Concerning the fracture stress, a similar behavior as for the yield stress can be found. The irradiated frac-
ture stress (engineering stress) is higher than that of the unirradiated specimens.

4.3.2 Optical microscopy and fractography

In order to analyze possible effects of irradiation on the failure mode of the DTS, specimens were investi-
gated by optical microscope to identify the necking shape. Scanning electron microscopy was used to inves-
tigate the overall pattern of fracture as well as characteristic features.

4.3.2.1 Optical microscopy

The necking behavior was characterized by optical microscopy of both the unirradiated and irradiated spec-
imens at each testing temperature. Top view images of the gage section of the tested DTS are presented in
Figure 67. All the unirradiated DTS exhibit a diffuse necking behavior and failed at a fracture plane normal
to the loading axis. From the curved shape of the fracture surfaces, it appears that fracture initiated in the
middle of the specimens and propagated towards the edges of the gage section, analogous to cup-cone
fracture in round tensile specimens.

Qualitatively, the shape of the necked region of the irradiated specimens is similar to those in the unirradi-
ated condition, except that the specimens tested at 20 °C and 200 °C show a more localized necking, with
fracture inclined with respect to the loading axis. At -50 °C, a slight inclination of the fracture plane is also
observed. It is well known that for sheet tensile specimens, like those used in this work, tensile instability is
manifested either by a diffuse or by a localized necking, where the latter typically succeeds the former.

Plastic deformation occurs in a narrow band inclined with respect to the tensile axis in a localized neck.
Thus the irradiated specimens tested at 20 °C and 200 °C indicate that the ultimate stage of failure can be
associated with a localized neck. On the contrary, in all the other specimens, diffuse necking prevails up to
failure. The criteria for onset of the two types of necking are different while both are related to the balance
between strain-hardening capacity and geometrical softening.
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From a pure continuum approach, the criteria for diffuse and localized necking to begin reads 0=0 and 0=26
respectively. Localized neck develops if diffuse neck does not terminate in fracture. The physical reason for
which diffuse or localized necking occurs in the DT specimens remains unclear.

-100 °C -50i°C +20 °C +200 °C +370 °C

Irradiated

Unirradiated

Figure 67: Comparison of the gage section of the tested irradiated as well as unirradiated DTS at various tempera-
tures.

4.3.2.2 SEM analysis

The unirradiated as well as the irradiated DTS tested at -100 and 200 °C were examined by scanning elec-
tron microscope in order to assess possible irradiation effects on fracture mechanisms. To do so, a fracture
surface overview image was made for all four specimens. From the entire surface, six regions were chosen
to examine specific features at higher magnification.

4.3.2.2.1 DTS tested at 200 °C

In Figure 68 the fracture surfaces of an unirradiated DTS at 200 °C is presented. The general view shows a
typical flat fractured surface normal to the tensile axis. The higher magnifications in Figure 68 - 2,3,4 and 6
show that the surface is covered with small equiaxed shallow dimples(Figure 68 - 6). Some areas near the
center of the gage section exhibit more complex, rougher fracture surfaces, consisting of shallow equiaxed
dimples along with deeper conical dimples and micro-void coalescence (Figure 68 - 4). This behavior can be
attributed to higher and more triaxial stresses that initiate the first damage that ultimately form a central
crack, which propagates to the specimen edges at the point of final fracture. At the edges of the fracture
surface so called featureless regions can be found (Figure 68 - 5).

Figure 69 shows the fracture surface of an irradiated specimen tested at 200 °C which failed on a plane
inclined by ~70° with respect to the tensile axis. The appearance of the surface is more irregular than that
of the unirradiated specimen. A major difference between the unirradiated and irradiated fracture surface
is that in the latter case, quasi-cleavage facets up to ~50 um are observed (see Figure 69 - 2). The quasi-
cleavage facets are distributed over the whole fracture surface, with the largest located off the loading axis
as illustrated in Figure 69 top. The irradiated surface is also covered with equiaxed dimples which are deep-
er than in the unirradiated case. Thus irradiation decreases the proportion of fracture surface with ductile
dimple features which are largely replaced by inducing numerous cleavage facets. The brittle fracture
events are also responsible for the sudden load drop on the macroscopic deformation curve at final failure.
Featureless regions can be found at the edges.

4.3.2.2.2 DTS tested at-100 °C

The fracture surfaces were also investigated at -100 °C. The unirradiated fracture surface has a normal ori-
entation with respect to the tensile axis and appears quite irregular (Figure 70). There are many cleavage
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facets with size and shape corresponding to laths and lath blocks (Figure 70 - 4). Interestingly, numerous
secondary cracks are visible on most of the surface. The secondary cracks are orientated along the long
transverse direction, reach a length of about 120 um in height and some are wide open. The biggest of
them are located off the tensile axis. Besides the small cleavage facets, some regions exhibit ductile tearing
manifested by the presence of small dimples as can be seen (Figure 70 — 3,4 and 6).

The fracture surface of the irradiated specimen tested at -100 °C present many similarities with the unirra-
diated one (Figure 71). It is also irregular and normal to the tensile axis. Here again, a noticeable difference
to the unirradiated surface are the big secondary cracks that are arranged parallel to the width of the spec-
imen or resemble smaller sized wedges with a random arrangement. The biggest crack measures around
200 pum in length and 29 um in width (Figure 71 — 3). Wide areas of the fracture surface can be reported as
cleavage facets and appear at the edges as well as in the center of the specimen. Only few dimples were
occasionally observed (Figure 71 — 6).
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Figure 68: Fracture surface of the unirradiated DTS of Eurofer97-(14) at 200 °C using SEM. Lower right image was tak-
en with the In-lens detector and others with ET detector.
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Figure 69: Fracture surface of the irradiated DTS of Eurofer97-(14) at 200 °C using SEM. Lower right image was taken
with the In-lens detector and others with ET detector.
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Figure 70: Fracture surface of the unirradiated DTS of Eurofer97-(14) at -100 °C using SEM. Lower right image was
taken with the In-lens detector and others with ET detector.
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Figure 71: Fracture surface of the irradiated DTS of Eurofer97-(14) at -100 °C using SEM. All images were taken with
the ET detector.
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4.4 Fracture toughness measurements

Two different shaped and sized compact tension specimens were tested in order to compare the fracture
toughness of Eurofer97 under quasi-static and dynamic loading conditions. The obtained results were ana-
lyzed using the ASTM standard E1921 - 17a, which is described in detail in section 3.6. Analysis of the frac-
ture surface of the quasi-statically and dynamically tested CT specimens was conducted to identify possible
loading rate effects on fracture mechanisms.

4.4.1 Quasi static fracture tests on Eurofer97-(14)

In order to determine the ductile to brittle transition temperature T, from the Eurfofer97-(14) base materi-
al, fracture tests were done using 0.14T sized disk shaped CT specimen. In total 11 tests were performed at
temperatures ranging between -160 to -100 °C. For all tests, the traverse displacement velocity was set to
0.1 mm/min. In Figure 72, the temperature dependence of fracture toughness (K,.) is presented. The lower
and upper bounds refer to the 1% and 99% failure probability respectively.

Eurofer97-(14) Quasi-Static Fracture Tests Eurofer97-(14) T, Determination

200 T Upper Bound =
175 Median &E
Lower Bound 9% ! Y
o 1504 e 0.14T DCT Results 1004 | °
€ 1251 i
© O -105- .
o c
S 100f---mmrmmmmm e e < -
- i > -110 1
3 75 ! o o
1 u e [ ]
50 -115 .
25 -120-
T .
0 . | . L -125 . . ; . . :
-200 -175 -150 -125 -100 -75 -50 0 10 20 30 40 50 60 70
T/°C M

Figure 72: Left: Fracture toughness results for the quasi-static 0.14T DCT tests of Eurofer97-(14) adjusted to 1T. Transi-
tion temperature is indicated. Right: Determined transition temperature at increasing M value.

The presented values are already adjusted to 1T using a minimum threshold toughness value of 20 MPa
m*2 in accordance to the ASTM standard E1921 (see equation (12)). From the initial 11 fracture tests, four
exceeded Kjcimiy calculated with M=30. We just recall here that Kimy is defined as Kiimiy = (EboGvs/(M(1-
v?))”2. In Figure 72, the 7 lowest values lie below Kicmi and the 4 highest ones are above.

To was determined with equation (14) using the 1T-adjusted values. However, in order to investigate the
effect of M on Ty, a Matlab routine was written to determine T, as a function of M. The routine stops the
evaluation if there are fewer than six valid tests, which is in accordance to the ASTM standard E1921. In the
right diagram in Figure 72, M-dependence on T, is shown.

A clear dependence is seen. Around M=10 to 30 there is a short plateau of T, with a value of about -113 °C.
At larger M values, T, increases up to -95.4 °C at M=65, which is the last value with six valid test. This is
consistent with previous studies with CT specimens indicating that T, increases up to about M=100, [154]
and [181] . The ASTM M-value of 30 is indeed too low and not restrictive enough to assure a high level of
constraint. The difference in T, between the ASTM M value of 30 and 65 is 16.6 °C. Therefore, the reference
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temperature T, of the master-curve and the lower and upper bound shown in Figure 72 was calculated with
a transition temperature of -95.4 °C obtained at M = 65.

Note that the ASTM standard recommends a minimum of six tests, if the 1T adjusted data are between
K,c=83 and 212 MPa m*2. However, if subsized CT specimens are tested close to the transition tempera-
ture, the Kiimiyy can be easily violated yielding too many censored values. Hence, it is advisable to perform
tests below Ty to increase the number of uncensored results. The drawback is that the uncertainty in T,
increases as the lower-shelf toughness is approached [56] and that more tests must be carried out for a

precise determination of Ty.

4.4.2 Dynamic fracture tests on Eurofer97-(25)

Fracture toughness measurements are usually conducted using standard 1T CT specimens loaded in quasi-
static condition. To simulate possible fast loading conditions that may happen in a fusion reactor, dynamic
fracture tests with 0.18T CT specimen were carried out. In total 19 tests were done at temperatures ranging
between -70 to -120 °C. The displacement rate was set to 50 mm/min, which corresponds to the maximum
traverse velocity of the testing machine. The resulting fracture toughness values adjusted to 1T are shown

in Figure 73.
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Figure 73: Left: Fracture toughness results for the dynamic 0.18T CT tests of Eurofer97-(25) adjusted to 1T. Transition
temperature is indicated. Right: Determined transition temperature at increasing M value.

In the following T, evaluation, the ASTM master-curve modifications proposed by Miiller et al. for Eu-
rofer97-(25) after analyzing a rather large data base [59] were implemented. First, the median toughness A
on the lower shelf was taken at 12 MPa ml/z, instead of 30 as recommended in the ASTM E1921 standard
(see equation (15)). Second, a K, value of 10 MPa m*? was considered.

To evaluate the transition temperature in dependence of M, the same procedure as for the quasi-static
tests was applied. As the number of tests conducted is higher and all of them were valid, the M value could
be increased up to 500 before less than six valid tests were left (see Figure 73). The determined transition
temperature at a M value of 5 to 50 is -42.24 °C. After exceeding M=50 the transition temperature increas-
es strongly. Between M=195 and 350 a plateau value of about -27 °C established. At high M values, T, de-
termination becomes unreliable because the valid data are obtained at testing temperature lower than Te-
50°C, i.e., out the temperature range where the data for T, determination should be.

77



RESULTS

The loading rate in terms of MPa m¥2s? corresponding to the traverse velocity of 50 mm/min was estimat-

ed with equation (17), yielding loading rates of about 87 MPa m*? s™ with a standard deviation of 21 MPa

mY? s? (see Figure 74). This is due to the different nature of failure mechanisms from specimen to speci-

men, i.e. fully elastic loading or elastic-plastic loading.
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Figure 74: Loading rate in terms of dK,./dt for the dynamic 0.18T CT tests of Eurofer97-(25) at different temperatures.
Average value is indicated.

In comparison, the quasi-static CT tests from Miller [154] were conducted at loading rates from 0.09 MPa
m*? s for the 0.18T and 0.1 MPa m*? s™ for the 0.88 T sized specimens. Roughly speaking, the difference
in dK,./dt between the quasi-static and dynamic tests is about 1000 which yielded in an increase in T, of
about 36 °C.

4.4.3 Fractographic observations on 0.18T CT specimen, Eurofer97-(25)

To reveal possible effects due to dynamical loading on the fracture behavior, the dynamically tested 0.18T
CT specimen at -120 °C was investigated using SEM. The temperature was chosen in accordance to the ob-
served softening behavior at the standard tensile tests, where we may expect some influence of heating in
the fracture process zone. As a reference, a specimen of the same size and same temperature at quasi-
static condition tested by Bonadé was examined as well [182]. Since possible loading rate effects arise close
to the crack tip, the investigation was conducted along the entire crack front.

4.4.3.1.1 Quasi-Static Tests

In Figure 75 the fracture surface along the entire crack tip width for the quasi-static CT test is shown. The
fatigue pre-crack can be easily identified. In comparison to the rest of the fracture surface, the fatigue pre-
crack areas appear smoother. At the crack front, which shows a curvature, an immediate change to a
rougher surface appearance takes place. Around the center of the crack, the transition is characterized by a
bigger step perpendicular to the fracture surface that is covered with dimples (see 1 and 2 in Figure 75). Off
the center and at the edges, the transition is smoother and appears either with a smaller or no gap (see 3
and 4 in Figure 75). Inward from the crack front, cleavage fracture dominates in form of river patterns and
cleavage steps. However at some areas still a few dimples can be found that appear mostly at gaps vertical
to the fracture surface (see white arrows in Figure 75). Besides the mentioned features, out-of-plane cracks
were also found (see red arrows in Figure 75). The fracture mechanism is clearly brittle, with small cleavage
facets connected by ductile ridges characteristics of the so-called quasi-cleavage.
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4.4.3.1.2 Dynamic Tests

The dynamic tested CT specimen fracture surface can be seen in Figure 76. In opposition to the quasi-static
test, the dynamic CT fracture surface does not show a pronounced gap in the center of the specimen at the
crack front. Overall the transition is smoother over the entire crack width. Only at one position a bigger gap
normal to the fracture surface was found, which is covered with dimples (see white arrows in 4 in Figure
76). Similarly to the quasi-static tests, dimples can be seen at gaps vertical to the crack surface (see white
arrows in Figure 76). Out-of-plane cracks (see red arrows in Figure 76) as well as cleavage features like river
patterns and cleavage steps cover mainly the surface indicating once more brittle failure.

From the obtained results, a clear difference between the quasi-static and dynamic tested CT cannot be
seen. Besides the mentioned gap at the crack front for the quasi-static CT, no other feature which would
indicate a different fracture behavior was found. The micro-mechanisms of fracture in dynamic loading are
then the same as those in quasi-static loading.
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Figure 75: Fracture surface of the quasi-static tested 0.18T CT specimen of Eurofer97-(25) at -120 °C. SEM images were
taken with the ET detector.
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Figure 76: Fracture surface of the dynamic tested 0.18T CT specimen of Eurofer97-(25) at -120 °C. SEM images were
taken with the ET detector.
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4.5 Finite element modeling results

Several FE models were developed for the standard and non-standard tensile specimens as well as for frac-
ture specimens. The experimental results presented in the previous sections were modeled. For the tensile
specimens, the true stress-strain curve beyond the onset of necking was determined with the inverse
method for unirradiated and irradiated specimens. The near tip stress/strain fields of the fracture speci-
mens were calculated to determine the sensitivity to strain rate, thermal effects and irradiation on critical
parameters of a local approach model to fracture.

4.5.1 Post-necking analysis of @ 5 mm standard tensile specimen, Eurofer-(25)

In section 4.2.1, tensile curves of 18 uniaxial standard @ 5 mm round shaped tensile specimens were pre-
sented at temperatures ranging from -196 °C to 200 °C. From the obtained tensile results the true stress-
strain curve up to necking can be immediately calculated. To determine flow properties beyond the onset
of necking, our developed FEM inverse approach was applied to reconstruct the experimental results in-
crement by increment. The reconstruction of the engineering stress/strain curves was realized satisfactorily
well for all tests. In Figure 77, a comparison between the experimental and FEM calculated curves is shown.
As the 18 tensile curves overlap, only the reconstruction and the corresponding experimental curve at a
displacement rate of 5 mm/min for each temperature is shown. The true stress-strain curve determined for
the reconstruction of the 18 tests can be found in Figure 78 and Figure 79.

Eurofer97-(25) Standard Tensile Tests
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Figure 77: Experimental engineering curves and corresponding FEM results of the @ 5 mm round shaped standard
tensile specimen of Eurofer97-(25).

Due to the fact that the hardening slope at high plastic strains does not change significantly, the increment
size can be set large and therefore allows a fast completion of the inverse determination process. The re-
sulting true stress/plastic strain curves are shown in Figure 78 and Figure 79. Note that the inverse method
allows determination of the plastic flow properties to much higher strain than the uniform strain. Let's em-
phasize that the true stress/plastic true strain at -196 °C obtained at different strain rates show only a shift
to higher stresses in good agreement with the engineering curve that are also shifted in stress. On the con-
trary, at -150 °C, the shift in stress, for the two elevated strain rates at 2.8 10%s?and 2.8 10 s, can only
be found at the onset of yielding, then the curves merge at higher plastic strain. Note also that the shift to
higher stresses due to the strain rate decreases at higher temperatures.
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Figure 78: Determined flow properties of Eurofer97-(25) at -196, -150 and -100 °C using the standard tensile @ 5 mm
round shaped tensile test results. Values beyond UTS were obtained by an inverse method.
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Figure 79: Determined flow properties of Eurofer97-(25) at -50, 20 and 200 °C using the standard tensile @ 5 mm
round shaped tensile test results. Values beyond UTS were obtained by an inverse method.
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4.5.2 Strain rate effect including thermal effects on tensile tests of Eurofer97-(25)

From the experimental @ 5 mm round shaped tensile specimen results conducted at a displacement rate of
5 mm/min, softening could be observed that is likely caused by thermal effects (see left in Figure 80). These
thermal effects are characterized by a temperature increase in the specimens resulting from a conversion
of the plastic work into heat, which at high strain rate is not extract fast enough out the specimen. To ana-
lyze this phenomenon in detail, the axisymmetric @ 5 mm round shaped tensile FE model was extended to
account for strain rate along with thermal softening effects. In order to identify the impact of thermal sof-
tening on the calculated tensile curves, two different models were run: one which accounts for strain rate
sensitivity of the flow stress, and one which accounts for strain rate sensitivity of the flow stress and ther-
mal effects. Here below, we refer to the first as “non-thermal” and to the second as “thermal”. In the
thermal model, the temperature increase between simulation increments is calculated as:

AT:j:pLipO'(s)dg (26)

where B is the Quinney-Taylor coefficient, p is the mass density and o(€)d € represents the plastic work
increment. B was set to 0.9 and the values for ¢, and p can be found in Table 3.
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Figure 80: Eurofer97-(25) obtained results and FEM approach. Left: Experimental tensile curves. Right: Flow curves
used as input for FEM.

The strain-rate sensitivity input in the FE model was introduced as follows; the flow curve from the @ 5 mm
round shaped tensile specimen at the lowest strain rate was used as a reference static curve at zero strain
rate (in reality this is the curve obtained at of 2.8 10° s™), and the flow stress was simply shifted to higher
stresses for corresponding increase of one order of magnitude strain rate according to the determined
Aoy Values in section 4.2.2. The resulting flow curves at -50, -100 and -150 °C are shown in the right dia-
gram in Figure 80.

The FEM outputs are compared with the experimental curves in Figure 81. From the “non-thermal” FEM
the obtained output only matches close to the onset of plastic deformation and then yields a too stiff re-
sponse, namely a difference in true stress Ac* which increases with increasing plastic strain. In contrary,

|H

the “thermal” FEM vyields a less stiff response and shows a good match with the experimental curve up to
15 % of engineering strain. At larger strains, the thermal model becomes inaccurate. Nevertheless, the

overall match of the experimental curve and the thermal FEM output is good, especially in the range of
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onset of yielding up to 15 % of engineering strain. All flow curves were calculated from the
load/displacement curve for displacement corresponding to a homogenous distribution of strain. The flow
curves in Figure 81 are plotted up to 10 % of plastic strain. However, since necking takes place around 7 %
of plastic strain, the true stress values beyond necking are not strictly correct.
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Figure 81: Tensile and flow curve of Eurofer97-(25) in comparison to the FEM results. Non-thermal FEM considers only
strain rate; thermal FEM includes strain rate and thermal effects.

As expected, the thermal softening is opposing strain rate hardening which gets more dominant at higher
deformation due to the increasing amount of dissipated heat. The thermal FE model was able to reduce the
hardening due to strain rate by thermal softening in the range up to 15 % of engineering strain well. Be-
yond the discrepancy between the FEM and experimental result increases. A more detailed analysis of the
stress/strain fields, the strain rate as well as the temperature distribution was performed at 10 % of engi-
neering strain (see Figure 82).

Although necking has already started at 10% engineering strain, the stress distribution in terms of maxi-
mum principal stress is quite homogeneous over the entire gage section. In contrary, the plastic equivalent
strain already shows an inhomogeneous distribution where the maximum strain can be found in middle of
the gage section. The temperature has a rather strong gradient from the thread of the specimen to the
gage section, where the maximum temperature was obviously found at the same position as the maximum
of plastic equivalent strain.

The established temperature gradient promotes local softening, which in turn can trigger premature locali-
zation of deformation even at such low strain rates of 2.8 107 s™. Similar results were obtained in [159].
From the FEM results the logarithmic strain rate (ER) was determined as well (see Figure 82). Interestingly,
the ER distribution in the middle of the gage section increased already by 75 %. In the experimental results
of the @ 5 mm round shaped tensile specimen it was reported that for the test done at a displacement rate
of 5 mm/min a temperature increase of about 20 °C could be measured. Compared to the FEM results
which gave a AT of 17 °C at 10 % of engineering strain the obtained values match pretty well. At 10% of
engineering strain a temperature increase of 25 °C was calculated with equation (26) which is slightly high-
er in comparison to the FEM and experimental obtained results.
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S, Max. Principal PEEQ TEMP ER, Max. Principal
+1.046e+03 +1.126e-01 +1.400e+02 +4.971e-03
+9.591e+02 +1.032e-01 +1.392e+02 +4.556e-03
+8.718e+02 +9.382e-02 +1.383e+02 +4.142e-03
+7.844e+02 +8.444e-02 +1.375e+02 +3.727e-03
+6.971e+02 +7.506e-02 +1.366e+02 +3.313e-03
+6.097e+02 +6.568e-02 +1.358e+02 +2.898e-03
+5.224e+02 +5.629e-02 +1.349e+02 +2.483e-03
+4.350e+02 +4.691e-02 +1.341e+02 +2.069e-03
+3.477e+02 +3.753e-02 +1.332e+02 +1.654e-03
+2.603e+02 +2.815e-02 +1.323e+02 +1.240e-03
+1.730e+02 +1.876e-02 +1.315e+02 +8.251e-04
+8.561e+01 +9.382e-03 +1.306e+02 +4.106e-04
-1.742e+00 +0.000e+00 +1.298e+02 -3.997e-06

Figure 82: Calculated FE distributions of the standard tensile model which included strain rate and thermal effects at
10 % engineering strain. From left: Maximum principal stress in MPa, plastic equivalent strain, temperature in K and
logarithmic strain rate in st

4.5.3 Flow properties determination of disk tensile specimens, Eurofer97-(14)

The experimental tensile DTS results were also analyzed with the inverse method. For each engineering
stress/strain curve, the yield stress oy was chosen close to the point where the curve deviates from the
elastic response. As already mentioned in section 3.7.3, o, does not correspond to the standard offset yield
strength. Actually o, was predefined to a lower value to be able to catch the gradual transition between
elastic and plastic deformation. The initial displacement increment size was set to d;,.=0.001 mm. Such a
small initial increment is required as the slope of the experimental engineering stress/strain curve at the
elastic/plastic transition is steep. After exceeding 0.005 of plastic strain, the increment size is increased to
0.005 mm followed by the next increase in increment after passing the UTS to 0.01 mm. As the FE model
considers non-damaged specimen, the reconstruction of the experimental engineering stress/strain curve is
stopped at the fracture stress and strain defined in section 4.3.1.

In Figure 83, the reconstructed engineering stress/strain curves of unirradiated and irradiated DTS using the
described inverse method in comparison to the experimental curves are shown. FEM results are indicated
as stars in the figure. At all temperatures the inverse approach obtained a good reconstruction of the ex-
perimental curves. The corresponding determined flow properties can be found in Figure 84.

The unirradiated flow curves show a gradual transition from the onset of plastic deformation. Almost all
flow curves do show a softening at very large plastic strains. This softening observed for the test tempera-
ture -50 °C to 370 °C probably accounts for the occurrence of damages in the form of micro-voids and or
micro-cracks in the neck region that cause an apparent softening of the material. Only at -100 °C, a very low
hardening rate was found close to failure. Interestingly, at this temperature only a few dimples and micro-
voids were found on the fractographic observations, supporting the interpretation of softening due to mi-
cro-void initiation.
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For the irradiated flow curves a gradual transition from the elastic to plastic regime was found at 370 °C
only. At lower temperatures, the elastic-plastic transition is quite abrupt. At 200 °C and 20 °C, a short de-
formation range of perfectly plastic behavior emerged.
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Figure 83: Experimental engineering curves of the DTS tests and corresponding FEM reconstruction results. Left: Unir-
radiated. Right: Irradiated Eurofer97-(14).
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Figure 84: Inverse determined flow properties in terms of true stress and true plastic strain for Eurofer97-(14). Left:
Unirradiated. Right: Irradiated Eurofer97-(14).

The lowest two temperatures -50 and -100 °C even show a feature similar to a yield drop followed by
strain-hardening (see Figure 85). In the softening part a drop in flow stress of 9 MPa at -100 °C and 8.8 MPa
at -50 °C can be measured. It has to be mentioned that if the softening behavior is replaced by a perfectly
plastic or low hardening slope the FE model cannot reproduce the experimental result well and simply cuts
off the small hump in the curve immediately after yielding. For the irradiated case, a strong softening at
higher plastic strains close to failure can also be seen. This can be attributed to damage, which initiates and
accumulates in the in the neck region before failure.

A direct comparison of the irradiated and unirradiated flow properties is found in Figure 85. Clearly the
different strain hardening behavior at low plastic strain due to irradiation can be seen. The black horizontal
bars indicate where the inverse algorithm approached necking and post necking analysis started by increas-
ing the increment size. In the unirradiated case flow properties up to 9 % of plastic strain could be deter-
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mined whereas for the irradiated DTS only flow properties up to 1 % of plastic strain were obtained before
necking took place.
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Figure 85: Inverse determined flow properties of the unirradiated and irradiated DTS of Eurofer97-(14).

4.5.4 Local Approach to Fracture

In the following the critical parameters of a local approach to fracture are determined using 3D and 2D FE
models of CT specimen as well as a the modified boundary layer model (MBL) used in small scale yielding
(SSY) conditions. These models were presented in detail in section 3.7. It has to be recalled that all FE mod-
el do have an initial root radius of 0.1 um which is representative of a real radius of a pre-crack. The results
from these models are compared and the limitations are discussed. In particular, the impact of loading rate,
strain rate and thermal effects on these critical parameters are analyzed.

4.5.4.1 3D and 2D CT model, Eurofer97-(25)

In order to have results, as reference to the simplified 2D and MBL models, FE simulations in 3D of the
0.18T and 0.88T CT specimens were done. In this section, the FE simulations were run with a simple elastic-
plastic material model, where the plastic flow properties are the true stress/plastic strain curves of the @ 5
mm round shaped tensile specimens at a nominal strain rate of 2.8 10° s™. In other words, no strain rate
dependence of the flow stress is considered.

In Figure 86, the fracture toughness data versus temperature obtained by Bonadé [182] and Miiller [59] are
plotted along with the so-called lower bound of the master-curve indexed at To=-80 °C determined for the
0.18T CT specimen size. The lower bound is here defined as the 1% cumulative failure probability. Fracture
toughness values shown in the figure are not sized adjusted to 1T and therefore show a strong size effect.
The stars highlighted on the lower bound in Figure 86 indicate the fracture toughness values at which the
stress/strain fields of the 0.18T CT models were analyzed and reported. As the K. values from the 3D FE
model are determined from the calculated load/displacement curves, the resulting loading of the model in
terms of Ky is slightly different from the theoretical values of the lower bound (see Table 9). Similarly, the
1% lower bound values correspondings to the 0.88T CT specimens are given in Table 6. We recall that the
difference in the lower bound values is the consequence of the crack front length adjustement (see
equation (12)).

89



RESULTS

Table 9: K. lower bound values at different temperatures for the 0.18T sized specimen and the corresponding K| val-
ues where the stress/strain fields were calculated from the 3D CT model. D is the difference between those in percent.

T /°C Kjc (0.01) / MPa m1/2 Kjcrem0.01) / MPami/2 D /%
-196 16.26 16.42 1
-150 23.52 22.92 -2.6
-100 43.26 44.03 1.8
-50 94.30 94.45 0.2

Table 10: K. lower bound values at different temperatures for the 0.88T sized specimen and the corresponding K.
values where the stress/strain fields were calculated from the 3D CT model. D is the difference between those in per-
cent.

T /°C Kjc 0.01) / MPa m1/2 Kjc-rem 001y / MPam1/2 D /%
-196 14.20 14.57 2.6
-150 19.07 18.66 -2.1
-100 32.32 32.66 1.1

As mentioned above the 3D model does not account for strain rate effects and simply uses flow properties
which were obtained at a strain rate of 2.8 10® s™". This choice is justified by the following consideration. In
Figure 86 are plotted the maximum principal stress o, and the equivalent plastic strain g, .q within the so-
called process zone ahead of the crack tip, in the middle of the specimen, as calculated by FE simulations at
their respective lower bond value. At the position of the peak stress, €,.4 is around 0.01 and it drops rapidly
with the distance leading to typical loading rates for quasi-static loading of the order of few MPam*? s,
Hence, fracture initiation in quasi-static loading conditions is done within several minutes. Based on this, a
rough but reasonable estimate of the plastic strain rate in the process zone yields values in the range of 10°
to 10 s, providing the reason for our choice of the tensile test strain rate in this first set of simulations. It
must be noted that the height of the stress peak decreases and the width increases with temperature. On
the contrary the equivalent plastic strain shows increasing values acting over a larger distance with increas-
ing temperature.
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Figure 86: Left: Fracture toughness data with corresponding lower bound of the 3D 0.18T CT specimen. The stars indi-
cate the FEM results. Right: Maximum principal stress ¢, and plastic equivalent strain g, . at the crack tip.

Among the different fracture local approaches proposed, the so-called “critical stress—critical volume”
model, c*—A*, developed by Odette et al. [140] is based on the two following assumptions:
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a) brittle fracture is triggered when a critical area A* of material encompasses a critical stress level,
and

b) the critical values o* and A* are usually assumed to be material properties independent of temper-
ature.

It naturally follows from this model that, for a given specimen size characterized by thickness B, one can
associate a critical volume V*=BA*. Using the 3D 0.18T and 0.88T CT FE results conducted at four tempera-
tures, the dependence of the stressed volume encompassed by the maximum principal stress was calculat-
ed. In Figure 87, the results of the FE models of size 0.18T and 0.88T CT are shown.
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Figure 87: Stressed volume encompassed by the maximum principal stress at different temperatures for the 0.18T and
0.88T model loaded to K (.01 (see Table 9 and Table 10).

A perfect cross over as expected by the model was not found for both sizes. Instead a range of the critical
parameters can be determined (see Table 11).

Table 11: Determined critical parameter o*-V* range for the 3D 0.18T and 0.88T model.

Specimen size 6*min / MPa 6% max / MPa V*min / pm3 V*nax / um3
0.18T 2048 2090 1.55 10° 2.0110°
0.88T 1975 2015 6.07 10° 7.52 10°

From the data in Table 11, it can be seen that the critical stress is a little lower for the 0.88T CT. Indeed, for
the 0.18T CT specimens, the upper critical stress range reaches 2090 MPa whereas for the 0.88T CT model a
value of 2015 MPa was determined. As far as the critical volume is concerned, the two models resulted in
V* values of the same magnitude but they differ about factor 4. This apparent contradiction with the pre-
dictions of the 6*-V* model is discussed in detail in the next chapter. There is no result shown from the FE
simulation for the 0.88T model at -50 °C as the desired load level was not reached due to excessive distor-
tion of the elements at the crack tip. However, from the 0.18T model results, one can conclude that in prin-
ciple FEM calculations obtained at three temperatures ranging from -196 and -100 °C are enough to define
the critical parameters (see left in Figure 87).

As a next step, a 2D 0.18T CT model was used to determine the critical parameters 6*-V* to be compared
with the 3D model. The material properties input were the same as for the 3D model. However K;. was de-
termined by the J-integral around the crack tip by Abaqus. For comparison the K;. values were calculated as
in the 3D model from the load/displacement curve as well (see Table 12).
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Table 12: K. lower bound values at different temperature for the 0.18T sized specimen and the K. values where
stress/strain fields where calculated from the 2D CT model. D is the difference between those in percent. Kicrem1 0.01)
was calculated by the J integral and Kjc.rem2 (0.01) by the load/displacement curve.

T /°C Koy /MPam/2  Kjcremi.ony / MPami/2 D /%  Kjcremz 00y / MPam/2 D /%

-196 16.26 16.27 <0.1 16.07 -1.2
-150 23.52 23.52 0 23.24 -1.2
-100 43.26 43.30 <0.1 42.77 -1.2

In Table 8, it can be seen that the fracture toughness values obtained from the J integral are slightly larger
than those from the load/displacement curve but in excellent agreement. Thus, the K, values obtained
from the J-integral are used. Due to the lower computational costs of the 2D model, it was possible to re-
duce the increment size to reach K. values very close to the intended ones (see Table 12). Again the
stress/strain fields at the crack tip at each temperature were analyzed.
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Figure 88: Results of the 2D 0.18T FE model loaded to Ky (o.01) (see Table 12). Left: Maximum principal stress o, and
plastic equivalent strain g, o4 at the crack tip. Right: Stressed volume encompassed by the maximum principal stress at
different temperatures.

Compared to the 3D 0.18T CT stress/strain fields, only one major difference can be seen which concerns
the stress field at -196 °C. The 2D model calculates a slightly lower peak but the decrease in stress is more
pronounced in the 2D model yielding in an overall narrower curve. In comparison the 2D curve reaches a
stress of 1.5 10° Pa at a distance of about 24 pm whereas the 3D model reaches the same stress at 30 um.
However, the impact on the stress fields at -150 and -100 °C is much smaller and is manifested by a slight
shift from the crack tip of the entire curve. The stressed area encompassed by the maximum principal
stress at -196, -150 and -100 °C was calculated (see Figure 88). Similar to the result obtained for the 3D
model, a perfect cross over of the three curves was not found. The resulting critical parameter ranges are
given in Table 13.

Table 13: Determined critical parameter o*-V* range for the 2D 0.18T model.

Specimen size 6*min / MPa 0*max / MPa V¥min / pm3 V¥*max / pm3

0.18T 2068 2164 1.13 10° 2.08 10°

In order to compare the 2D model with the 3D one in terms of the V*, the critical area A* of the 2D model
was multiplied by the thickness B of the 0.18T specimen. The determined critical volume V* was found very
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close to that obtained with the 3D model, see Figure 89 . In Figure 89 the difference in the stressed volume
versus the maximum principal stress between the 3D and 2D for all three temperatures is plotted.

Besides the mentioned downward shift of the curve at -196 °C, the 2D stress curves at -150 and -100 °C are
slightly shifted to higher stresses. For both models, the cross over range can be indicated as a triangle. In
Figure 89, both triangles are shown illustrating the range of the critical parameters.
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Figure 89: Stressed volume encompassed by the maximum principal stress at different temperatures for both 3D and
2D model loaded to Ky (0.01) (see Table 9 and Table 12). Cross over range is indicated.

4.5.4.2 Modified boundary layer model with T-stress consideration

In order to simplify even more the 2D FE model, a modified boundary layer (MBL) model was run in small
scale yielding (SSY) conditions. The boundary conditions were applied in accordance to the first two terms
of the Williams expansion which takes the elastic T-stress into account [183] (see equation (24)). Using the
T-stress approach, the stress field at the crack tip of the 2D 0.18T CT model was calculated. The same mate-
rial constitutive behavior as for the 3D and 2D models was used. One advantage of the MBL model is that
the desired K. can be applied exactly through the boundary conditions (see equation (24)). To illustrate the
impact of the T-stress on the stress fields, small scale yielding boundary conditions with and without T-
stress were considered. The level of the T-stress selected is justified hereafter. In Figure 90, the maximum
principal stress at the crack tip for the different models at -196, -150 and -100 °C are shown.
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Figure 90: Maximum principal stress at the crack tip at different temperatures of the 2D 0.18T CT model, the MBL
model without T-stress (SSY) and the MBL model considering T-stress (SSY+T).

As expected, the positive T-stress shifts the near tip stress field to higher values. At -196 °C the difference
between the 2D 0.18T CT model and the MBL model without T-stress consideration is the smallest and in-
creases with increasing temperature or K. Including the T-stress in the MBL model improves the match in
comparison to the 2D CT model considerably. At large distance from the crack tip, the MBL stress field
without T-stress and the 2D CT stress match each other better than the SSY+T model. However, the inten-
tion was to reconstruct the 3D stress/strain field in the process zone near the crack tip, which is the zone of
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interest for the local approach to fracture. It was found that SSY model with a positive T stress can well
reproduce the stress fields of CT specimen close to the crack tip.

The trend of the T-stress in the range of -196 to -100 °C is shown in Figure 91. We recall that here the T-
stress was calculated according to equation (25). At -196 °C, the T-stress shows a rather low value and the
impact on the stress is small as it can be seen in Figure 90. However, the T-stress increases with tempera-
ture and has the biggest value at -100 °C where the T-stress is more than two times greater as the corre-
sponding value at -196 °C.
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Figure 91: Left: Determined T-stress at different temperatures to fit the stress field of a 0.18T CT specimen at the low-
er bound. Right: Biaxiality ratio for different specimen including 0.18T CT result. Literature values adapted from [184]
for homogeneous material.

In literature, the dimensionless representation of the T-stress which was introduced by Leevers and Radon
[185] is often used

T7a

'BZK

(27)

]
where a is the crack length and K;j represents the fracture toughness value in mode I. The obtained values
can be found in Table 14.

Table 14: Calculated biaxility ratio for the 0.18T CT specimen at different temperature.

T /°C -196 -150 -100

B 0.39 0.39 0.37

For all temperature more or less the same B is calculated. In relation to literature, our values for the CT
specimen are slightly lower but are consistent with the data in [185] (see right in Figure 91).

The critical parameters o*-V* were determined for both the SSY with and without considering the T-stress.
Both resulting curves can be found in Figure 92. As expected from the stress fields, the T-stress has an im-
pact on the critical parameter range (see also Table 15). The critical stress range is shifted about 60 MPa to
higher stresses for the SSY+T-stress model. In contrary, the critical volume was shifted to lower values re-
ducing the range by 17 %.
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The critical range values of the SSY+T model are similar to the 3D 0.18T CT model ones. However, the trian-
gle shaped cross over area for the 3D model covers the smallest area whereas both simplified approaches
in 2D increased it.
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Figure 92: Stressed volume encompassed by the maximum principal stress at different temperatures. Left: MBL model
without T-stress consideration Right: MBL model with T-stress consideration loaded to K| o01) (see Table 12).

Table 15: Determined critical parameter 6*-V* range for the SSY model with and without T-stress consideration.

SSY Model 6*min / MPa 6*max / MPa V¥min / pm3 V¥max / pm3
No T-stress 1973 2073 1.50 10° 2.75 10°
T-stress 2042 2133 1.38 10° 2.42 10°

This circumstance is illustrated in Figure 93 where the 3D and 2D model results are compared with the
SSY+T model. Similar to the result obtained from the 3D and 2D CT model, the SSY+T model causes a shift of
the cross over area to higher stress whereas the volume range is stretched in both directions in relation to
the 3D CT reference. Compared to the 2D result, the SSY+T model shifts cross over area to lower volume
and slightly lower stresses.
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Figure 93: Stressed volume encompassed by the maximum principal stress at different temperatures for 3D and 2D
model in comparison with the MBL model which considers the T-stress loaded to K. ¢.01) (see Table 12). Cross over
range is indicated.
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4.5.4.3 2D CT model with loading rate and thermal effects consideration

The strong plastic strain gradient that develops at the crack tip in a CT specimen evidently results in a cor-
responding plastic strain rate gradient. To address the influence of plastic strain rate on the stressed vol-
ume, a series of simulations were carried out by considering the strain rate dependence of the flow stress
explicitly. From the previous results, the 2D 0.18T CT model was considered to study the impact of loading
rate on the fracture parameters 6*-V*. Loading rate includes not only the strain rate dependence but also
possible thermal effects due to heat dissipation from plastic deformation.

4.5.4.4 Quasi-static loading model with strain rate effects included

First, the impact of the strain rate gradient was studied for the 0.18T CT tests being done at quasi-static
loading conditions. The specimen was loaded at a constant pin displacement rate of 0.1 mm/min. Imple-
mentation of the material properties was made in accordance to the standard tensile FE model described in
section 3.7.1. The same strain rate data as for the standard tensile FE model (see section 4.5.2) were used,
covering a strain rate range from 2.8 10™ up to 2.8 s. Two different FEM analysis methods were applied for
the same 0.18T CT model, namely a model which only considers the strain rate effect and a thermal one
which considers both thermal and strain rate effects. In the following the two models will be named as

|Il

“strain rate” and “thermal” respectively.

FEM calculations were done at -150 and -100 °C and were compared with the previous 2D 0.18T CT FE re-
sults, which will be referred to as “no strain rate” as no strain rate sensitivity of the flow stress is consider in
the Abaqus input. The resulting stressed volume curves versus maximum principal stress for "no strain

no«

rate",

In

strain rate” and “thermal” model can be found in Figure 94. In both analyses, the implementation of

loading rate sensitivity in the FE model caused a considerable shift stress of the cross-over of the two

curves.
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Figure 94: Stressed volume encompassed by the maximum principal stress at different temperatures loaded to K .01

”ou

(see Table 17). Comparison of “no-strain rate”, “strain rate” and “thermal” FEM analysis. Left: Only strain rate is con-
sidered Right: Strain rate and thermal effects are considered.

The critical stress is shifted at the most by = 6 % to a higher value which causes the critical volume to re-
duce by only = 1 % (see Table 16). A comparison between the two loading rate models reveals that the
thermal effect does not play an important role in quasi-static loading.

97



RESULTS

Table 16: Determined critical parameters o*-V* for the quasi-static 0.18T CT FEM analysis. Difference between the
“strain rate” and “thermal” model to the “no-strain rate” model is given.

2D 0.18TCTFEM  ¢* / MPa V* / um3 Ac* / MPa AV* / pm3
Strain rate 2184 1.68 10° 116 0.4 10°
Thermal 2186 1.65 10° 118 0.43 10°

Clearly and as expected, in quasi-static loading the energy dissipated into heat has enough time to conduct
from the plastic zone at the tip to the bulk of the specimen which acts as a heat sink. Therefore, the plastic
zone does not heat up significantly. As before, the stress and strain rate fields at the crack tip were ana-

lyzed at K| values that slightly differ from the intended ones (K¢ (0.01)) (see Table 17).

Table 17: K, lower bound values at different temperature for the 0.18T sized specimen and the K. values where
stress/strain fields where calculated from the 2D CT “strain rate” and “thermal” model. D gives the maximum differ-

ence between those in percent.
T /°C Kjc0.01) / MPam'/2  Kjc.reM strainrate / MPam1/2  Kjcpem strainrate / MPam1/2 Dumax / %

-150 23.52 24.46 24.63 4.7
-100 43.26 44.33 42.41 2.5

In Figure 95, the strain rate effect on the stress fields at the crack tip is shown. The stress fields at both
temperatures are shifted to higher stresses. At -150 °C, the peak stress increases by about 217 MPa where-
as the shift is lower at larger distance to the crack tip. The same behavior was found at -100 °C but less pro-
nounced yielding in an increase of about 140 MPa. At larger distance from the crack tip, the loading rate
effects do not show any influence anymore. This is due to the fact that the plastic strain rate gradient is
confined at the crack tip (see right in Figure 95). For instance, the mechanical strain rate at  -150 °C drops
within less than 10 um from 0.1 s™ to a constant value around 2.8 10 which is within the rough estimate
done for the 3D FEM analysis. In Figure 95, only the thermal result obtained at -150 °C is presented due to
the fact that the curve perfectly matches with the “strain rate” results. The thermal effects do not have any

significant impact onto the stress field at the tip.
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Figure 95: Comparison of static and quasi-static FEM analysis of the 2D 0.18T CT FE model at different temperatures
loaded to K o.01) (see Table 17). Left: Maximum principal stress at the crack tip. Right: Mechanical strain rate at the

tip.
From the obtained results it is concluded that even at a slow displacement rate of 0.1 mm/min the strain

rate effects do show an impact on the critical parameters.

98



RESULTS

4.5.4.5 Dynamic Loading

From the experimental 0.18T CT tests conducted at dynamic loading conditions, the T, reference transition
temperature was increased by about 36 °C. In order to assess the predictability of the 6*-V* model under
dynamic conditions, 2D 0.18T CT FE analyses at high loading rates were conducted. The FE model was load-
ed with a speed of 9.6 mm/min. The displacement rate was chosen in order to reach a similar loading rate

1/2 -1
/S

as in the experimental CT tests of about 90 MPa m . As such loading rates, high strain rates exist at the

crack tip so that the input for Abaqus had to cover a strain rate range up to 28 s

Four different FEM analyses were conducted to highlight loading rate effects on the critical parameters. As
a reference, the results obtained from the quasi-static loaded 2D 0.18T model with strain rate effects were
used and called “Quasi+SR”. Three variants of the dynamic model were run: one that takes into account
only the strain rate (“strain rate”), one which consider strain rate and thermal effects (“thermal”) and an
additional one called "adiabatic" The difference between these last two models is that for the adiabatic
model the thermal conductivity was set to zero. In the adiabatic model, the dissipated energy remains in
the elements where it is generated. For the “thermal” model the same thermal conductivity as in section
4.5.2 was used.

To assess the impact of the four different FEM analyses, an examination at -150 °C was executed. This tem-
perature selection was done because it was found from the standard tensile tests that the thermal effects
are most pronounced at this temperature. The stress fields of the FE models were extracted as close as
possible of the lower bound of the dynamic master-curve (see Table 18).

Table 18: K. lower bound values at -150 °C for the 0.18T sized CT specimen and the K|, values where stress/strain
fields where calculated from various the 2D CT models. D is the difference between those in percent. Kc.gem (0.01) Was
calculated by the J integral.

FE Model K]c (0.01) / MPa m1/2 K]c-FEM (0.01) / MPa m1/2 D / %
Strain Rate 17.12 17.38 1.5
Adiabatic 17.39 1.6
Thermal 17.39 1.6

In Figure 96 the extracted maximum principal stresses at the crack tip are shown.
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Figure 96: Comparison of the dynamic loaded 2D 0.18T CT models with “Quasi+SR”, “strain rate”, “adiabatic” and
“thermal” analysis at -150 °C loaded to K. (0.01) (see Table 18). Left: Maximum principal stress at the crack tip. Right:
Stressed volume encompassed by the maximum principal stress.
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Similar to the quasi-static test, the strain rate effect shifts the peak to higher stresses of about 210 MPa in
comparison to the “Quasi+SR” model. Therefore an increase in loading rate of about 100 times causes a 50
% higher peak stress.

The two other models “adiabatic” and “thermal” shifted the stress field. For the “thermal” analysis no dif-
ference to the “strain rate” model can be seen. However, the “adiabatic” result shows a slight decrease of
the peak stress in comparison to the strain rate model in the order of 90 MPa (see Table 19). In addition the
peak is positioned about 37 % further distant to the crack tip.

Table 19: Maximum principal stress at the peak and position for the four FEM analyses at -150 °C. d, is the peak posi-
tion and orp the peak stress.

FE Model dp, / pm op / Pa
Static 2.56 2.8210°
Strain Rate 1.46 3.0310°
Thermal 1.46 3.03 10°
Adiabatic 2.00 2.9410°

Although a difference in the stress field between the “thermal, “adiabatic” and “strain rate” models can be
seen, the impact on the stressed volume is marginal (see Figure 96). The dynamic loading clearly decreased
the stressed volume due to the narrower peak. As seen in the stress field at the crack tip the stressed vol-
ume for the “strain rate” and “thermal” analysis do not show any difference and are on top of each other.
For the “adiabatic” analysis the lower peak stress in the stress field has almost no impact. The “adiabatic”
stressed volume is only slightly lower than the strain rate and thermal analysis volume and can be therefore
neglected.

Thus the main effect of dynamic loading on the stressed volume is related to strain rate mainly. In order to

better understand this result the temperature and plastic strain at the crack tip of both the “thermal” and
the “strain rate” model were analyzed (see Figure 97).
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Figure 97: Comparison of the dynamic loaded 2D 0.18T CT models with “adiabatic” and “thermal” analysis at -150 °C.
Left: Temperature and plastic strain at the crack tip in Kelvin. Right: Temperature field from the “thermal” analysis.

Due to the large difference in the temperature distribution at the crack tip between the thermal and adia-
batic models, the two temperature distributions are presented in separated graphs. The “adiabatic” model
result is represented by the black line and shows at the crack tip an extreme temperature gradient with a
maximum unrealistic value of 977 °C at the very tip. However, at about 2 um distant from the crack tip, the

100



RESULTS

“adiabatic” model shows again the test temperature value of -150 °C. The dynamic loading caused an in-
crease in temperature of 1127 °C at a very confined area. In contrary the “thermal” model gives an almost
negligible increase in temperature of about 0.005 °C at the crack tip. Noticeable is that the test tempera-
ture of — 150 °C for the “thermal” model is reached at a distance of 2000 um which is 1000 times further
distant to the crack tip as for “adiabatic” model. The heat dissipated in the very confined plastic zone at the

crack tip is not large enough to increase the temperature significantly: main body of the CT specimen acts
as a heat sink.

The mechanical strain rate at the crack tip is compared in the left diagram in Figure 98. Concerning the “ad-
iabatic” model the maximum strain rate (12.92 s™) represents a 40 % increase at the tip in comparison to
the “strain rate” and “thermal” model. Similar to the quasi-static loading result, the strain rate stabilizes
within 10 pm to a constant value of about 0.036 s, which is three orders of magnitude lower as that at the
crack tip. Although the temperature differs a lot between the two investigated models, the impact onto the
strain rate seems to be small. However, it has to be noted that only flow curves up to -50 °C were used as
an input. Still, it is not expected that further input will affect the result as the “thermal” model in fact did
not heat up at all but shows a similar output as the “adiabatic” model.

From the obtained results mentioned above it was decided to conduct another 2D 0.18T CT “strain rate”
model at -100 and -50 °C to analyze the impact of dynamic loading onto the critical parameters of the local
approach to fracture (see Figure 98).
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Figure 98: Left: Mechanical strain rate at the crack tip for the different models loaded to K .01 (see Table 17). Right:
Stressed volume encompassed by the maximum principal stress at different temperatures. Comparison of the
“Quas+SR” and “strain rate” FEM analysis.

Considering the strain rate shifted the crossover of the resulting stressed volume encompassed by the max-
imum principal stress at -150 and -100 °C to a similar stress value as for the “Quasi+SR” analysis but to low-
er volume (see Table 20). The cross over between the -100 and -50 °C shows a volume which is closer to the
“Quasi+SR” result but at a lower stress.

The difference in volume can be explained with the difference in the stress field. For the dynamic condition

a higher but much narrower peak was obtained compared to the quasi-static FEM which causes a reduction
in stressed volume.
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Table 20: Determined critical parameters o*-V* for the dynamic test using the “strain rate” 2D 0.18T CT FEM analysis.
Difference D between the dynamic and quasi-static results is given in %.

Specimen size 6*min / MPa 6% max / MPa V*min / pm3 V*nax / pm3

0.18T 2099 2187 0.78 10° 1.51 10°

This result may indicate the more brittle behavior of the dynamic tested CT. The FE models taking into ac-
count the thermal effects indicate that the impact on the critical parameters at dynamic loading conditions
studied here is limited.

4.5.4.6 2D Disk CT model, Eurofer97-(14)

Fracture toughness tests for the Eurofer97-(14) batch were carried out with 0.14T disk CT (DCT) specimens.
To determine the critical parameters o* and V* of the Eurofer97-(14) batch, a 2D plane strain DCT FE model
was developed.

The critical parameters had to be recalculated for the unirradiated Eurofer97-(14) because it shows a lower
To as the Eurofer97-(25). We recall that Ty (=-94.5 °C) was experimentally determined with 0.14T DCT spec-
imens. A 2D model was used to reduce computational costs and simulations were done at four tempera-
tures, -137, -120, -100 and -50 °C, where the plastic flow properties obtained from the unirradiated DTS
were used as input. From the previous quasi-static FEM analysis results, it is known that the effect of strain
rate on the critical parameters is not completely negligible. However, as the detailed strain rate dependent
flow stress analysis was conducted for the Eurofer97-(25) batch, only the flow curves obtained at a strain
rate of 5.56 10 s were used and no modelling of strain rate and thermal effects were done.

The stressed volume encompassed by o7 was determined at the lower bound calculated with Ty=-95.4 °C,
using the ASTM standard master-curve parameters (equation (15)). In Figure 99, the cross over range of the
V(o) curves is shown. The result at -50 °C is not given as the determined stressed volume is almost zero
around 2000 MPa. The observation indicates that 0.14T DCT specimens suffer from significant constraint
loss at -50 °C. Actually, the M-value associated with K on the lower bound at -50 °C is about 30, which is
way too low to ensure plane-strain condition as simulated by the 2D model.

Eurofer97-(14) Stressed Volume 2D DCT 0.14T 20pEuroferd7-(14) 0.14T Master Curve Lower Bound
2.6x10° Lower Bound
2.4x10° 1801 ¢ simulation Data
22x10° 160 o Modified K®
fg)): gs 1 §E 140+ Constraint Loss
) 8 \
£ 1.6x10° o 120
\11.4x10:— S 1001
> 1.2x10% =
1.0x10°1 . i
8.0x10" 604
6.0x10" 40
4.0x10"
2.0x10" ot 201
0.0 = T T T 0 T T T T T T T T
1600 1700 1800 1900 2000 2100 -200 -180 -160 -140 -120 -100 -80 -60 -40 -20
c,/ MPa T/°C

Figure 99: Left: Stressed volume encompassed by the maximum principal stress at different temperatures for the 2D
DCT 0.14T model. Right: 1% Lower bound for the 0.14T CT indicating the data extraction from simulation.
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Table 21: Determined critical parameter range o*-V* for the 2D 0.14D CT FEM analysis.

DCT Model 6*min / MPa 6% max / MPa V*min / pm3 V*nax / pm3

0.14T 1684 1960 5.63 10’ 1.74 108

From the three curves V(oj) at the lowest temperatures, a rather extended cross over is obtained (see Table
21). This is likely to be due to the curve at -100 °C which crosses the other two curves at a relatively low
maximum principal stresses, with a minimum of 1684 MPa. One possible and reasonable reason is that the
lower bound considered is a little bit too conservative (too low values). In section 4.4.1, we assumed that
Eurofer97-(14) is well described by the standard master-curve, which may not be strictly correct. In fact,
the correct Eurofer97-(14) master-curve and related lower bound may be a little steeper, similar to Eu-
rofer97-(25). However, no shape assessment of the Eurofer97-(14) master-curve shape has been done yet.

12 (see

Assuming a lower bound slightly steeper, by increasing the lower bound value at -50 °C by 17 MPa m
right diagram in Figure 99) is sufficient to produce a unique cross over (see Figure 100). In this case, the
determined critical parameters for Eurofer97-(14) can be found in Table 22. Note also that the critical vol-

ume increased roughly by one order in magnitude in comparison to the Eurofer97-(25) batch.

1.0x10° Eurofer97-(14) Stressed Volume 2D DC:TS()?l éT 3.00x10° DCT 9,14T IStresls/Stra!n Flelld at tl'lle Crz?ck Ti 10
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! R L1
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Figure 100: Left: Stressed volume encompassed by the maximum principal stress at different temperatures for the 2D
DCT 0.14T model using the modified result loaded to K o 01) (see Table 23). Right: Maximum principal stress o and
plastic equivalent strain €, o4 at the crack tip.

Table 22: Determined critical parameter range o*-V* for the 2D 0.14D CT FEM analysis using the modified cross over.

DCT Model c* / MPa V* / pm3
0.14T 1960 5.63 10’

Concerning the stress/strain fields at the tip, it can be seen that the peak stress decreases with increasing
temperature (see right diagram in Figure 100). The stress fields were extracted close to the desired lower
bound K. value (see Table 23). Similar to the 3D and 2D 0.18T CT results, the three maximum principal
stress curves join each other but at different values. In terms of op, the Eurofer97-(25) batch analysis
showed an intersection of the three temperature curves around 2250 MPa whereas for the Eurofer97-(14)
a value of 2050 MPa is obtained. Even more pronounced is the difference in distance to the crack tip where
the three o; curves join each other at ~88 um which is almost nine times bigger than for the Eurofer97-(25)

result.
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Table 23: K. lower bound values at different temperatures for the 0.14T sized specimen and the corresponding K.
values where the stress/strain fields were calculated from the 2D CT model. D is the difference between those in per-
cent. The K. at -100 °C is the modified one.

T / °C K]c (0.01) / MPa m1/2 K]c-FEM (0.01) / MPa m1/2 D / %
-137 43.69 43.58 <0.1
-120 50.56 50.38 <0.1
-100 79 78.94 <0.1
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Chapter 5 Discussion

This chapter begins with a discussion on the tensile properties of Eurofer97, including the temperature
dependence, the strain rate and the effect of irradiation. Local approach models to fast fracture are dis-
cussed in more detail to assess the difference and similarity of different finite element models of stationary
loaded crack models on the structure of the near tip stress field and their capacity to predict dynamic brit-
tle fracture and embrittlement due to irradiation.

5.1 Tensile properties of Eurofer97

Standard and non-standard tensile test were conducted to determine the tensile properties of Eurofer97 in
unirradiated and irradiated condition. In this section, the temperature and strain rate dependence of the
yield stress is discussed. Hardening due to irradiation obtained from the DTS tests are compared with litera-
ture data. The strain hardening behavior is briefly discussed for unirradiated and irradiated Eurofer97.

5.1.1 Temperature and strain rate dependence of the yield stress

The tensile tests were performed to derive as completely as possible the constitutive behavior of the two
heats of Eurofer97 investigated in this work. A precise description of the constitutive behavior in terms of
temperature and strain rate is critical to determine the temperature and loading rate effects on the near tip
stress/strain fields of fracture specimens, which are in turn used to calibrate the critical parameters of local
fracture criteria. The structure of these fields was already shown to be quite sensitive to the strain-
hardening law [141]. In addition, a large gradient of equivalent plastic strain exists at the crack tip that
yields a corresponding plastic strain rate gradient. Thus, not taking into account the strain-rate dependence
of the constitutive behavior remains a priori a simplification. With the current computing power, it is not
justified any more to neglect the loading and strain rates, which we found to have an impact on the struc-
ture of the near tip stress field.

Temperature and strain rate dependence of the yield stress is presented in Figure 101. On the left, the data
obtained in this work are plotted where one can see a strong temperature dependence below 200 K, which
is typical of BCC metals and alloys. At higher temperature, the weak temperature dependence reflects es-
sentially the decrease of the elastic constants. Note also that our yield stress data of Eurofer97-(14) is
about 40 MPa lower than that of Eurofer97-(25). This is consistent with the fact that T, of Eurofer97-(14) is
17 °Clower than Eurofer97-(25), and with the simple relation AT, = C Ao, with C~ 0.57.

The low temperature regime is the signature of the strong Peierls lattice friction acting on the screw dislo-
cation segments as it was proven with a complete thermal activation analysis of the yield stress on two
similar tempered martensitic steels [186]. The strain rate effect is also well marked in the low temperature,
while practically absent above 200 K.
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Figure 101: Eurofer97-(25) and Eurofer97-(14) yield stress versus temperature T and strain rate compensated temper-
ature T'. Data from this study and from NRG [187].

This low temperature plastic strain rate behavior is well characterized by an Arrhenius equation of the plas-
tic strain rate at the yield point:

AG(o(T))

kT (28)

&,=€,exp(-

where AG is the activation energy of the dislocation rate controlling mechanisms, which is the nucleation of

double kink on the screw dislocation [188]. & is only weakly dependent on ¢ and T and is usually consid-

ered constant. Thus, for a series of tests performed at different temperatures with £, = constant, it follows
immediately that

AG:kTm{i

g

p

j: odé, KT (29)

The two previous equations allow defining the concept of strain rate compensated temperature T' in order
to derive a single curve of ¢ versus T'. For a given G, or equivalently for a given AG, obtained at different
strain rates &, and &, , one shows readily that the two temperature T, and T, are related by,

T1=T{1+ L In[iﬂ (30)
alg) &

&, can be arbitrarily selected and referred as to a reference strain rate £, , to finally write the equation of

the strain rate compensated temperature T' with respect to the chosen &, as:

T'=T{1+ 1. In(ﬁﬂ (31)
alé) \ &

Determination of 1/o. on tempered martensitic steel was previously done [189]. For a reference strain rate

equal to 2x10™ s, 1/0. was equal to about 0.042. The value is close to that obtained by Cao al. on ferritic
steels, who found 0.036 [190]. Using the equation (31) above, the strain rate compensated temperature
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were calculated with respect to a reference strain rate of 2x10™ s and are plotted in Figure 101-Right. All
the data obtained at different strain rates fall along the same curve as well as other data published [187].
Note that only the temperatures lower than 200K were strain rate compensated as the equation (31) is
valid only for the Peierls mechanism at low temperature. Finally, we remind here that the irradiated data
suggest that the temperature dependence of the yield stress is affected by irradiation to some extend (see
Figure 101). In other words, the irradiation hardening Ao, seems to depend on temperature. The irradiated
data are however too scarce to draw firm conclusions regarding this issue.

In presence of thermally activated dislocation mechanisms, the strain rate is usually related to the activa-
tion volume V, defined as:

Va=—aAG(T)=kT(aln(é)j (32)
a7 a7

Note that in the previous the applied uniaxial stress ¢ was converted into a shear stress T acting on gliding dislocation
by dividing o by the Taylor's factor M equal to 3. On the one hand, V, and its stress dependence characterize the dislo-
cation rate controlling process. On the other hand, as equation (32) shows, V, is a measure of the strain rate sensitivity
of the stress. V, can be determined with our data shown in

Table 8 of section 4.2.2, where we indicated the stress change associated with a change of one order of
magnitude in strain rate. A comparison of the activation volume of Eurofer97 with those obtained on the
tempered martensitic steels F82H [186] is presented in Figure 74.

Stress dependence of the Activation Volume
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Figure 102: Activation volume in dependence of the shear yield stress for Eurofer97-(25) and F82H (from [186]).

The high stress corresponds to the low temperature regime with small value of V, of the order of few tens
of b’, where b is the amplitude of the Burgers vector of the a/2<111> dislocation, equal to 0.268 nm. Such
small values of V, are fully consistent with the models of double kink nucleation and propagation along the
screw segments, which effectively controls the strain rate.

5.1.2 Irradiation-hardening

Our irradiation hardening data Ao, at 20 °C and 200 °C could be compared to previously published data in
Figure 103, [34]. At Tiest = 20 °C, the increase in yield stress is about 517 MPa, which is in good agreement
with the dataset obtained after irradiation at SINQ from Y. Dai. The lines in the left plot of Figure 103 repre-
sent neutron irradiation hardening with saturation at high dose. From the single data point of this study,
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only a small amount of additional hardening may be present. However, for the irradiation conditions con-
sidered here (11 dpa and 540 appm He) the hardening is essentially in line with neutron irradiation. A simi-
lar conclusion can be drawn from the DTS tested at 200 °C. The irradiation-hardening is about 453 MPa,
which lies close to the dashed saturation curve (Figure 103 - right), [2]. Thus, we conclude that the He con-
tribution to irradiation-hardening, if any, is quite small at 540 appm He.

800 Irradiation Hardening at Room Temperature 700 Irradiation Hardening at 250 - 280 °C
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Figure 103: Yield stress increase due to irradiation compared with literature values. Left: At room temperature [34].
Right: At 200 °C [2].

5.1.3 Strain-hardening

The unirradiated tempered martensitic steels present a relatively low uniform elongation. We remind that
only several percent (< 10 %) of plastic strain can be reached on the reduced activation tempered marten-
sitic steels with standard specimens, independently of temperature. This situation arises because these
steels have simultaneously low strain hardening rate and elevated flow stress, which yield rapidly to neck-
ing instability by lack of strain-hardening. Strain-hardening laws were previously established on unirradiat-
ed reduced activation tempered martensitic steels [167]. These laws were derived in the frame of the phe-
nomenological model of Kocks, based on the competition between storage and annihilation of dislocations
in the microstructure [191, 192]. In this approach, the increase of the flow stress stems from the accumula-
tion of dislocations in the microstructure. A very good description of the strain-hardening rate from the
yield point to the necking initiation was found. The dislocation storage rate was associated with the mean
free path of dislocation taken as 1 um representative of the dimensions of sub-blocks of tempered marten-
site laths. The annihilation rate was shown to increase with temperature, reflecting the thermally activated
nature of these processes [167]. The strain-hardening laws were found consistent with a hardening rate
characteristic of stage Ill that predict a saturation of the flow stress at strain extrapolated beyond the uni-
form strain. However, the strain-hardening of the tempered martensitic steel at large strain remains exper-
imentally unexplored. While the inverse method was initially developed to determine the constitutive be-
havior of irradiated materials with low or even quasi-inexistent uniform elongation, the method was used
to extract the true stress-strain curve of unirradiated non-standard and standard well beyond the strain at
necking onset. Our results, presented in Figure 78 and Figure 79 of the previous chapter clearly indicated
that there is actually no saturation of the flow stress. Indeed, to reconstruct the load-displacement curve
after initiation of necking, true stress-strain curve with practically constant strain-hardening rate were em-
ployed up to large strain. This finding is in line with the results of Fang and Dahl [193] who showed by using
a special tensile test technique applied on ferritic steels that the flow stress does not saturate at large
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strains but increases linearly with strain. The deformation is then characterized by a linear strain-hardening,
referred as to stage IV.

Interestingly, the tensile true stress-strain curves of the irradiated DTS specimens obtained with the inverse
approach (see Figure 84) clearly demonstrate that, even after a dose of 11 dpa, the tempered martensitic
steel keep their strain-hardening capacity. Indeed, the true stress-strain curves present a significant strain
hardening rate up to a strain of at least 0.4 at every investigated temperature. We emphasize here again
that obtaining the tensile true stress-strain curves of the material in irradiated conditions is a must to per-
form numerical stress calculations with finite element calculations.

5.2 Local approach to brittle fracture

Several FE models were considered in this work to determine, in the frame of a local approach of fracture,
the critical stress state for fast fracture. Even with very detailed numerical models, the calibration of the
critical parameters of any local approach of fracture remains challenging. In the following, issues and sug-
gestions concerning the calibration are discussed in detail. Furthermore, the criterion calibrated on statical-
ly loaded unirradiated fracture tests is used to predict the transition temperature shift due to high loading
rate and irradiation.

5.2.1 Specimen size dependent calibration

The o*-V*model predicts brittle fracture when a critical stress 6* encompasses a critical volume V*, inde-
pendent of temperature. In addition, the o*-V* calibrated values should be independent of the specimen
size used to calibrate them. From the 3D CT analysis, we found however that V* of the 0.88T CT specimen
was about 4 times higher than that of the 0.18T model (see Figure 87 and Table 11 previous chapter). We
recall here that we calibrated the o*-V* values to reconstruct the 1% failure probability bound of the mas-
ter-curve, calculated for the corresponding specimen sizes and indexed at Ty=-80 °C. The discrepancy be-
tween o*-V* values of 0.18T and 0.88T CT specimens is believed to be the consequence of an improper
specimen size scaling law. Initially, the critical parameters o*-V* were determined for the 0.18T CT speci-
mens and were compared with those of the 0.88T CT specimens on their respective lower bound, which
were size adjusted according to the ASTM standard E1921 - 173, i.e.:

B 1/4
Kl =Kmin +(K2 _Kmin) = (33)
Bl

Kmin denotes the minimum stress intensity factor needed to trigger fracture, introduced in a Weibull statis-
tical model to avoid a non-zero probability at an infinitesimal K value [194, 195]. However, for the o*-V*
model, there is a priori no K, threshold foreseen and therefore the size adjustment has to be done simply

B 1/4
K, =K, [B—ZJ (34)

1

as:

Note that these scaling laws derive from the fact that the stress area A scales with K* [196] so that the
stressed volume V is equal to

V=BA=BcK* (35)

109



DISCUSSION

In Table 24, the K|, values at the lower bound for the 0.18T model and the corresponding to 0.88T adjusted
values with each scaling equation (33) and (34) are shown. It can be seen that with increasing K. value the
discrepancy between the two adjustment approaches reduces.

Table 24: K. lower bound values for different CT sizes. The 0.88T sizes were adjusted from the 0.18T model by the
master-curve (MC) equation (33) and by the local approach (LC) equation (34).

0.18T 0.88T MC adjusted 0.88T LC adjusted
T /°C Kjc 0.01) / MPa m1/2 Kjc 0.01y / MPa m1/2 Kjc 0.01y / MPa m1/2
-196 16.26 14.20 10.89
-150 23.52 19.07 15.75
-100 43.26 32.32 28.98

Depending on the specimen size adjustment considered (equation (33) or equation (34)), the predicted
toughness is different, which in turn leads to a significant effect on 6*-V*. For the sake of completeness,
the stressed volumes for both adjustment approaches are shown in Figure 104.
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Figure 104: Stressed volume encompassed by the max principal stress at different temperatures for Eurofer97-(25)
obtained from a 3D 0.88T FE model loaded to Kic 001 (see Table 24). Left: Size was adjusted according to ASTM, equa-
tion (33). Right: Size was adjusted by local approach, equation (34).

The 0.88T CT adjusted K. values according to equation (34) are lower than those obtained with equation
(33) which causes a downward shift of the stressed volume curves at each temperature. As a consequence
the crossover range is shifted considerably (see Table 25). The new crossover range for the 0.88T matches
overall well with the 0.18T.

Table 25: Determined critical parameter range o*-V* for the 3D 0.88T and 3D 0.18T CT FEM analysis.

CT Model O-*min / MPa G*max / MPa V*min / |1m3 V*max/ um3
0.18T 2048 2090 1.55 10° 2.0110°
0.88T 2032 2105 1.60 10° 2.5310°

Applying the o*-V* size adjustment (equation (34)) shows that the local approach to fracture gives con-
sistent o*-V* parameters for different CT sizes. Thus, it is clear that a consistent pair critical parameters o*-
V* can be obtained from any CT size but care has to be taken in the size adjustment.
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We emphasize that the adjustment given by equation (34) does not consider a minimum toughness value
Kmin, Which basically leads to unphysical low toughness values for very thick specimen. Furthermore, it is
known from experimental observation that CT specimens tested at the lower shelf (< -150 °C) do show a
minimum toughness value. In order to account for this circumstance, we propose here a method which
includes a minimum fracture toughness threshold in the frame of the o*-V* model. The critical volume for a
certain specimen size can be calculated by

V, =B,A*=B,cK; (36)

where B; is the thickness, K; the fracture toughness and ¢ denotes a constant which depends on ¢* and
constitutive behavior. Under plane strain and small scale yielding (SSY) condition, the critical areas shows a
dependence on K; by A*=cK,". The SSY condition is met for the lower bound close to the lower shelf. At Kyin,
where SSY conditions are present, A* is therefore the same for any specimen size which leads to

f o2V,

min 2,min

V] in =B, K

1,min

=B,cK?,.. (37)
Thus, Vi, is specimen size dependent. However, K., mediates the minimum critical area (or distance)
ahead of the crack tip to propagate cracks [194] The toughness scaling between specimen sizes can then be
done on the stressed volume increment. In other words, specimens of two different sizes will have the
same failure probability if the stressed volume increment is the same:

V _V min =V _V min
4 ' 1’4 ’ 42’ 4 (38)
B,cK; —B.cK...., =B,cK; —B,cK_...
Therefore the new scaling law between two specimens can be written
B B -8 )"
Ko=| K —+K, ——= | . (39)
Bl Bl

In order to visualize the impact of the new proposed scaling law, the adjustment factor c=K,/K, was calcu-
lated and compared to the corresponding c from the master-curve and local approach, where a conversion
from 0.18T to 0.88T was calculated (see Figure 105).

For the master-curve and the proposed scaling laws, K., of 10 MPa m*? was assumed. As the o*-V* ad-
justment does not have a minimum threshold value, c shows a constant value of 0.67 for any K. (equation
(34)). Therefore, a toughness value of K,=10 MPa m*? obtained from a 0.18T CT specimen would lead to a
toughness value of K;=6.3 MPa m*? for the 0.88T specimen which is unrealistic low. On the contrary, the
master-curve and proposed size adjustment would scale the toughness to K,=K;=10 MPa m*2. At fracture

toughness values K;:>40 MPa m?/?

, the size scaling according to equation (40) shows the same c as for the
local approach. Following the size adjustment for the master-curve, different c values are obtained leading
to different toughness values. The c value for the master-curve is about 12 % bigger as the other two scal-

ing laws for a K;=40 MPa mY?,
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K,. Size Adjustment from 0.18T to 0.88T
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Figure 105: Adjustment factor c=K;/K; in dependence of K; for the master-curve, local approach and the proposed
method. K, is indicated; K, correspond to 0.18T CT and K, to 0.88T CT.

Of course, the biggest discrepancy between the different scaling laws is observed at low K|, values close to
Kmin (see Figure 105). Owing to the minimum threshold value, the master-curve and proposed scaling law
approach deviate from the adjustment factor of 0.67. Thus, if a minimum fracture toughness threshold has
to be considered, a physically sound and well-established size scaling law must be used. This is especially
true close to the lower shelf, where fracture tests on small irradiated specimens have to be performed to
avoid excessive constraint loss. This requires a precise determination of K, and extended testing with var-
ious specimen sizes to verify any postulated scaling law.

5.2.2 Impact of flow properties, strain rate and thermal effects

The impact of the different FE model approaches was studied and analyzed. The results indicate that plain
strain 2D models introduce a certain but moderate discrepancy with 3D models as far as the calibration of
the o*-V* values are concerned, provided that the focus is done in the lower transition region. Other possi-
ble sources of uncertainty lie in the details of the plastic flow properties. The impact of these details was
assessed. First, the sharpness of transition from elastic to plastic behavior was studied by considering a
smooth and an abrupt transition in the flow curve at -150 °C (see Figure 106).
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Figure 106: Left: Determined flow properties at -150 °C with different elastic/plastic transition used as an input for
Abaqus. Right: Impact of the different input on the stressed volume.
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FEM analyses with these two different flow curve inputs were run and the stressed volume was extracted
at K. = 23.52 MPa ml/z, which corresponds to the lower bound for a 0.18T sized specimen with Ty=-78 °C
(see Figure 106). It was found that the stressed volume at high principal stresses is not affected. However,
at low principal stresses, the two curves deviate from each other and do show a difference in volume of
about 0.45 10° um? at 1900 MPa. An inaccurate transition from elastic to plastic deformation by neglecting
the smooth transition in the flow curve has an impact on the stressed volume up to about 10 % for principal
stress values very close to the local fracture stress.

In literature, most of the reported numerical simulations of the crack tip stress fields do not consider strain
rate effects. However, we showed in this work that, at a quasi-static loading rate of 0.1 mm/min for a 0.18T
CT specimen, the strain rate has to be considered. Considering strain rate effects in a FEM is more demand-
ing as the strain rate sensitivity has to be determined and the computational costs increase. In order to
simplify the approach it was investigated if the quasi-static 0.18T CT analysis is dominated by a certain
strain rate. In other words, it was tried to find a single strain rate which allows reproducing the stress/strain
fields at the crack tip sufficiently. To do so a rough estimate was made by considering the plastic strain at
the peak stress at the lower bound. For the quasi-static 0.18T analysis at -150 °C the plastic strain is about 1
% at the peak stress which corresponds to a strain rate of 4 10 s™. Two different strain rates were chosen,
as input close to the estimated one (see Figure 107).
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Figure 107: Left: Flow properties at -150 °C for two strain rates. Right: Stressed volume caused from the quasi-static
loading FEM considering strain rate effects in comparison to FEM results obtained from a single strain rate.

From the two conducted simulations with only a single flow curve as an input the stressed volume at the
corresponding lower bound was extracted and compared to the quasi-static FEM which considers strain
rate effects (see Figure 107). Interestingly, the flow curve at a strain rate of 2.8 10 s™ reproduces well the
reference stressed volume (= black curve in Figure 107, FE simulation with strain-rate effect) over a large
range of principal stresses. On the contrary the strain rate of 2.8 10° s causes a considerably increase in
the stressed volume. The discrepancy between the reference stressed volume is bigger at lower principal
stresses and decreases with increasing stresses. In comparison to the previous discussed yield stress issue,
the impact is much bigger. At 2000 MPa, the volume of the single strain rate analysis differs about 0.98 10°
pm?.

These results show that considering only one representative strain rate for the FEM analysis is sufficient to
reproduce the stressed volume calculated from the strain rate dependent FEM. However, this does not
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imply that the structure of the stress field is reproduced. Therefore the maximum principal stresses for the
three different FE models at the crack tip were compared (see Figure 108). The two models, which simply
use a single strain rate as an input, do not reproduce the stress field well. In case of the 2.8 10 s™ strain
rate input, the peak stress is not reached and lies about 3.5 % lower than the reference field. On the other
hand the 2.8 107 s strain rate input is able to reproduce the peak stress well.
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Figure 108: Maximum principal stress at the crack tip. Left: Quasi-static loading FEM considering strain rate effects in
comparison to FEM with a single strain rate. Right: Impact of dynamic loading and thermal effects.

However both strain rates do not match well with the reference stress field at large distance from the crack
tip. The plastic strain rate gradient at the crack tip requires to use a constitutive behavior strain rate to
properly evaluate the structure of the stress field.

Finally, the impact of thermal effects was analyzed as well. As expected, thermal effects, which may cause
softening of the material due to heat dissipation, can be neglected for quasi-static toughness tests. For the
dynamic loading conditions considered in this work, it was found that the stress field is slightly modified by
a lower peak stress (see Figure 108) if adiabatic conditions are assumed. However, the impact on the
stressed volume is marginal and can therefore be neglected as well.

5.2.3 Prediction of dynamic toughness of Eurofer97-(25)

For the dynamically tested 0.18T CT specimens, the reference temperature T, (=-42 °C) of the master-curve
was determined experimentally and the critical parameters o*-V* were extracted from the FE simulations
at the corresponding lower bound. o*-V* parameters slightly differ from those obtained at quasi-static
loading as was already shown in Figure 98. We remind here that the pair of o*-V* was about (2180
MPa/1.68 10° um?) for quasi-static loading, while it is around (2140 MPa/1.15 10° um?®) for dynamic load-
ing. The capability of the o*-V* to predict the shift in AT, associated with the dynamic loading was evaluat-
ed. To do so, the critical parameters at quasi-static loading were considered. We used V*=1.68 10° um® and
four different o* around the quasi-static value of 2180 MPa to account for uncertainty and possible tem-
perature dependence of o*(T). The applied K. values necessary to reach the corresponding stressed vol-
ume 1.68 10° um3 are shown in Figure 109.
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Figure 109: Left: Predicted T, using the local approach to fracture in comparison with the experimental result. K. val-
ues obtained at different o* at V*=1.68 10° um3 are indicated. Right: Transition temperature shift AT, due to in-
creased loading rate obtained from Eurofer97 in comparison with literature data (from [197, 198, 199]).

At -150 and 100 °C four different K;. were determined but at -50 °C, K,. could only be determined at
0*=2100 MPa as the 0.18T specimen because the higher stresses are not reached. Still, the single data
point at -50 °C was included in the least square fit to determine T, which resulted in a value of -49.47 °C.
This value is in excellent agreement with Ty =-42.24 °C obtained from the experimental data. Obviously, the
o*-V* criterion calibrated on static loading is capable to predict AT, shifts resulting from loading rate.

In Figure 109, the AT, shift induced by loading rate on Eurofer97 was compared with literature data ob-
tained experimentally on various ferritic steels with different chemical compositions. Both determined
shifts of Eurofer97 present a loading rate dependence well in line with the published data.

5.2.4 Prediction of the Eurofer97-(14) toughness after irradiation

The critical parameters o*- V* calibrated on 0.14T DCT specimens of unirradiated Eurofer97-(14) can be
used to estimate the expected shift of the reference temperature Ty. 0* and V* were respectively equal to
1960 MPa and 5.63 10’ um?>. In order to do so, the irradiated flow properties determined form the disk
tensile specimens were used. The simulations were run at five temperatures -100, -50, 20, 200 and 370 °C
and the output in terms of stressed volume V*(o*) was analyzed to extract the K. values, calculated by the
J-integral obtained by Abaqus, at which the criterion o*-V* is attained. The corresponding result can be
seen in Figure 110.
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Figure 110: Left: Determined K, values for the irradiated FEM including the 1 % lower bound for T,=132 and 267 °C for
0.14T CT. Right: Corresponding stress/strain fields at K.

The transition temperatures were chosen in accordance to the estimated AT,/Ac, ~ 0.57 + 0.13 °C/MPa
proposed by Odette [72], where Ao, is measured at room temperature. Having Ao, = 511 MPa at 20°C,
ATo™" and AT,™ are respectively 227 °C and 362 °C, which finally correspond to To™" =132 °C or To™ =
267 °C. In Figure 110, the lower bound corresponding to these last two temperatures are plotted. In the
same Figure, the corresponding stress/strain fields do show a crossover around 2280 MPa which is compa-
rable to the unirradiated result. However, the curves intersect each other about 25 % closer to the crack tip
at a distance of 66 um. Furthermore, the peak stress positions as well as the width of the peaks do not
change significantly with increasing temperature. Only the decrease in peak height is pronounced. Interest-
ingly the peak height at 200 °C does show a similar magnitude as the peak for the unirradiated FEM simula-
tion at -137 °C.

As observed in Figure 110, the lower bounds with the two chosen T, do not fit well with the calculated K.
data points to meet o*- V* criterion. The K. values are about 50 % higher in comparison to the calculated
lower bound, suggesting a slight irradiation and/or temperature dependence of the o*- V* values. For the
high dose irradiation condition of this study (11 dpa, 500 appm), it is clear that fracture toughness at -100
and -50 °C must be on the lower shelf. The fact that the predicted toughness values are too high can be the
consequence of:

1. A moderate decrease of V* at constant o* following irradiation is possible. This assumption would
lead to a smaller predicted K. value. It can be assumed that the transmutation product He affects
the density of potential microcrack triggering particles by accumulation at carbide/matrix interfaces
increasing the density of potential crack initiation sites. In this situation, a small decrease of V*,
which in turn leads to a corresponding decrease in toughness.

2. If V* is assumed constant, a decrease of the critical stress o* leads to lower K. values. A possible
explanation for a decrease in o* lies in the accumulation of He at the grain boundaries which re-
duces the critical stress for intergranular fracture o*,. Therefore o*;; replaces the transgranular
critical stress 6*; which has an lower value.

5.2.5 Impact of different FE models on the local approach

The goal in developing different fracture FE models in 3D and 2D was to analyze the impact of the applied
model on the critical parameters of the local approach. The models were designed to reproduce as closely

116



DISCUSSION

as possible the near tip stress field at low loading. To do so, the initial crack root radius was equal to 0.1
um, representative of the actual root radius after fatigue pre-cracking. By doing so, there is no issue related
to possible effects of initial root radius on the development of the stress field against loading. The use of a
small initial root radius in combination with a fine mesh around the crack tip to catch the stress/strain gra-
dients precisely in 3D models requires a significant increase of computational costs with respect to 2D
models. However, the implications on the stress/strain fields and on local fracture criteria were not studied
in detail yet.

In total 5 different FE model approaches were used to calculate the stress/strain fields ahead a crack tip
with an initial root radius of 0.1 um. The local approach analysis was focused to the 1% lower bound of a
0.18T CT specimen. The determined critical parameters o*-V* for the different FEM approaches are sum-
marized in Figure 111.
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Figure 111: Determined critical parameter ranges from different 0.18T FE model approaches. Left: Critical stress.
Right: Critical volume.

The critical stress o* does not show a large variation between the different FE models. Averaging the values
of all models yields 6*,,,=2096 MPa with a maximum deviation of about 6%. The minimum ¢*,,=1973 MPa
was obtained from the MBL in SSY conditions and the maximum ¢*,,,=2185 MPa from the 2D 0.18T model
which considered strain rate. As far as V* is concerned, the average value is V*,,,=1.82 10° um3 but the
scatter is much bigger and is at maximum 51 %. The uncertainty in the calibration of c*-V* depends on the
selected temperatures considered.

The rather large uncertainty in V* has a moderate impact on T,. For instance, if one considers 2V* instead
of V* for the same o*, the impact on Ty is to shift it by about 15 °C. This is about the same uncertainty in Ty
determination when deduced with 6 valid tests according to the master-curve standard.

In Figure 111 one can see that the simplified models are capable to replace the 3D FEM in terms of the o*-
V* parameters. However, it was found that the stress field can vary considerably between the different
models (see Figure 112). In particular, for the MBL model in SSY without T-stress the structure of the stress
field deviates significantly from that of the 2D CT. Considering the T-stress in the MBL model reduces con-
siderably the discrepancy with the 2D CT model. However, one observes that the MBL/SSY conditions re-
produces well the peak but the peak width is narrower (see Figure 112 left). Therefore the critical stress
acts over a shorter distance A*. An opposite result is obtained from the quasi-static loaded 2D 0.18T CT
model when effect of strain rate is taken into account. In this case, the peak stress is higher than in the
model without strain rate sensitivity of the flow stress (see Figure 112 right), which reflects the strain rate
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hardening effect. Let's point out that the stress fields are quite similar at increasing distance from the crack
tip.

Max. Principal Stress Field at -100 °C Max. Principal Stress Field at -150 °C
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Figure 112: Stress field at the crack tip. Left: 2D 0.18T CT and MBL model under SSY condition at -100 °C. Right: 2D
0.18T CT models whereas no strain rate and strain rate effect were considered at -150 °C.

Thus, even if the simplified FE models, namely MBL and CT model without strain rate sensitivity, give rea-
sonable results, the structure of the stress field at the crack tip is not satisfactory. For the o*-V* model, the
impact is minor on the calibrated values. However, this appears to be a more crucial issue for the calibra-
tion of the Weibull parameters as derived in the approach proposed by Beremin [149], where the cumula-
tive failure probability dependence on the Weibull stress that intrinsically account for the spatial depend-
ence of the stress within the process zone. In other words, the two stress fields shown in Figure 112 right
would results in different Weibull stress. Therefore the local approach to brittle fracture based on the criti-
cal stressed volume V*(o*) is less sensitivity to some details of the constitutive behavior but appears in the
same time less powerful to accommodate the 3D variation of the stress field in failure prediction. The ma-
jor drawback of the Weibull stress is the complicate procedure to calibrate the parameters over a range of
temperatures. As a rule, it is advisable to use FE models of real specimens with very precise description of
the constitutive behavior in terms of strain hardening and strain rate sensitivity to calculate the stress field
the most realistically.

5.2.6 DTS stress field analysis at fracture

The local fracture stress o* for Eurofer97-(14) is 1960 MPa. Again, this stress was calibrated to reconstruct
the master-curve lower bound at 1% failure probability. Slightly different values would be needed to recon-
struct master-curve bounds at other failure probability. Difference in o* would be of the order of few hun-
dred MPa. The variation in o; reflects the intrinsic scatter of measured fracture toughness resulting from
the distribution inhomogeneity of micro-crack initiators in the vicinity of stress concentrators. In other
words, each fracture specimen is characterized by its own fracture stress, in the same way as it has a specif-
ic fracture toughness value. The stress fields at fracture for unirradiated and irradiated DTS were calculated
by FE analysis to verify whether the fracture stress in tensile specimen is consistent with that of the frac-
ture specimens, at temperatures where the tensile specimens failed in a brittle manner. For completeness,
the fracture stress of DTS tests at 200 °C and that failed essentially according to a ductile mode is also pre-
sented.
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The true stress-strain curves derived with the inverse method at 200 and -100 °C were used as input in FE
models to calculate the stress state at failure of the DTS. As it can be seen in Figure 113, the cross sectional
matches at 200 °C, at failure, are not perfect. The specimens at 200 °C failed according to ductile mode of
fracture. From the fracture surface analysis, it was shown that mainly dimples and voids were found on the
unirradiated and irradiated DTS fracture surfaces. It has to be pointed out that the used FEM is not capable
to consider dimple and void formation. The formation of voids does represent a reduction in cross section
and the FEM tries to reconstruct the tensile behavior by softening. From Figure 113, one deduces that the
fracture stress in the unirradiated and irradiated specimen is respectively 880 and 1500 MPa.

Concerning the DTS FEM at lower temperature, a better match was found (see Figure 114). Since at -100 °C,
the fractographic observations show a dominance of small cleavage facets, the calculated fracture stress,
was compared to the calibrated fracture stress from fracture toughness tests. The nominal fracture stress
values of the unirradiated and irradiated DTS was respectively found equal to 1700 and 2100 MPa. In this
case, these data are in good agreement with the value of local fracture stress determined with fracture
toughness tests. This result indicates that for the irradiation conditions of this study, 11 dpa and 540 appm
He, the micro-mechanisms of fracture are not significantly affected by helium. This is in general consistent
with the embrittlement analysis done by Yamamoto et al. on tempered martensitic steels that indicate that
the so-called He non-hardening embrittlement effect emerges for concentration higher than 400-600 appm
[200]. Thus, the He concentration attained in our specimen is likely to be too low to induce a strong change
in the local micro-mechanisms of fracture, from transgranular cleavage to intergranular cleavage. Our ten-
sile test data are also in good agreement with the conclusion drawn by Wang et al. [201] who showed for
F82H steel that only specimens with a dose and He content greater than 15 dpa and 1370 appm respective-
ly present intergranular fracture mode along with pure elastic loading up to fracture.
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Figure 113: Maximum principal stress distribution overlaid with the experimental fracture surface for the irradiated
and unirradiated DTS tests at 200 °C. Units are in MPa.
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Figure 114: Calculated maximum principal stress on the fracture at -100 °C of unirradiated and irradiated specimens.
Units are in MPa.
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Chapter 6 Conclusions

Investigations of the mechanical properties before and after irradiation of two heats of Eurofer97, a re-
duced activation tempered martensitic steel developed for fusion reactors structural applications were
conducted. These two heats were referred as to Eurofer97-(25) and Eurofer97-(14) in relation their original
plate thickness, 25 mm and 14 mm respectively. The effects of irradiation were studied only used on Eu-
rofer97-(14). The focus of this work was put on the tensile and fracture properties in the ductile to brittle
transition region. The conclusions drawn from the experimental and modeling activities are the following:

Standard tensile tests on round specimens were performed over a broad range of temperatures (-196 °C to
200 °C) at different strain rates to evaluate the plastic flow properties of unirradiated Eurofer97-(25). A
strong temperature and strain rate dependence was reported at cryogenic temperature (< -100 °C). Small
activation volume determined from strain rate jumps were found in this temperature regime. This behavior
was shown to be fully in line with other body-centered cubic metals and alloys, and consistent with the
mechanism of formation and propagation of double kinks on screw dislocation that controls the dislocation
mobility at low temperature. The comparison of the curves obtained at high strain rate with those at low
strain rate revealed a competition between strain rate hardening and thermal softening, which arises from
the plastic work dissipation into heat in the specimen. This effect was particularly well pronounced at -100
and -150 °C and was successfully modeled by finite elements simulations taking into account the plastic
work dissipation into heat. To properly reconstruct the tensile curves at high strain rate with thermal sof-
tening, we found that the Quinney-Taylor coefficient has to be equal to 0.9 (this coefficient quantifies the
amount of plastic work converted into heat). To separate the effect of hardening rate from those of ther-
mal softening, strain rate jumps along the deformation curves were performed that show that the strain
rate sensitivity of the flow stress is in good approximation independent of the strain.

The constitutive behavior (= the true stress-strain curve) was determined at strain significantly greater than
uniform elongation. Such information is important because the constitutive behavior is used as input for
the finite simulations of fracture specimens where large plastic strains are introduced near the crack tip.
Owing to the limited uniform strain of Eurofer97 in the unirradiated conditions, and even practically absent
uniform strain after irradiation, an inverse method was developed. This method was based on finite ele-
ments, where the input constitutive behavior is fitted to reconstruct the measured load displacement
curves of the tensile specimens. It was shown that, with the inverse method, the entire deformation curves
can be modeled with true stress-strain relations fitted up to strain of at least 0.5. The advantage of the
proposed inverse method resides in the fact that it adjusts the true stress strain by small linear segments
without assuming an analytical expression, which does not exist for tempered martensitic steels at large
strains. The fitted true stress-strain curves indicated that there is actually no saturation of the flow stress.
Indeed, to reconstruct the load-displacement curve after initiation of necking, true stress-strain curve with
practically constant strain-hardening rate were employed up to large strain.
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The constitutive behavior of Eurofer97-(14) was investigated before and after irradiation in SINQ, the Swiss
spallation source at Paul Scherrer Institute, for a dose of 11 dpa and a helium content of 500 appm. As non-
standard disk tensile specimens had to be used, we emphasize that the development of the inverse method
was necessary to analyze the deformation behavior of these specimens, which do not deform homoge-
nously due to their very short gage length. Interestingly, it was also observed that the irradiated specimens,
tested between -100 and 370 °C keep their strain hardening capacity. The irradiation hardening, defined as
the increase of the yield stress, seemed to be dependent on testing temperature.

The unirradiated as well as the irradiated non-standard disk tensile specimen tested at -100 and 200 °C
were examined by scanning electron microscope in order to identify possible irradiation effects on fracture
mechanisms. At 200 °C, irradiation caused the appearance of quasi-cleavage facets and a large reduction of
dimple features in comparison to the unirradiated surface, which was dimple dominated. As far as the frac-
ture surface at -100 °C is concerned, large secondary cracks and wide areas were covered with cleavage
facets, while very few areas were characterized by dimples. Intergranular fracture features were not ob-
served indicating that the helium non-hardening embrittlement at concentration of 500 appm is still not
present.

Fracture toughness tests were carried out on unirradiated Eurofer97-(25) and Eurofer97-(14) in the transi-
tion region with sub-sized compact tension specimens. The fracture behavior was analyzed in the frame of
the master-curve approach, which allows defining a reference temperature Ty at a median toughness of
100 MPaVm. T, depends on a number of factors such as loading rate, specimen size, specimen type, irradia-
tion dose for example. Knowing T, as function of these factors is crucial. Dynamic fracture tests with 0.18T
compact tension specimens were carried out on unirradiated Eurofer97-(25) and a reference temperature
Ty at -42 °C was determined, which compared with T, at -78 °C for static tests (the loading rate was 1000x
faster). This upper shift of the transition temperature is in good agreement with literature data on a variety
of ferritic alloys. Static fracture tests with 0.14T disk compact tension specimens of Eurofer97-(14) were
also performed and T, was found at -95 °C. With a reference temperature 17 °C lower than that of Eu-
rofer97-(25), Eurofer97-(14) appears a little tougher, which is consistent with the fact that the Eurofer97-
(14) yield stress is somewhat lower than Eurofer97-(25).

Different finite element models of the compact tension specimens were developed and used to reconstruct
the toughness dependence in the lower transition of both Eurofer97 heats and to study the structure of the
tip stress field as a function of specimen size, loading rate and constitutive behavior. A simple criterion for
brittle fracture was considered, which was based on local approach of fracture. According to this model,
brittle fracture is triggered when critical volume V* encompassed a critical stress o*. The impact of differ-
ent finite element models on the critical parameters o*-V* were assessed by considering 3D and 2D plain
strain compact tension models as well as the modified boundary layer model (MBL) under small scale yield-
ing (SSY) condition. In case of the MBL model, SSY conditions were applied with and without T-stress. Since
the toughness level considered was in the lower part of the transition, a good agreement between the 3D
model and the 2D models in terms of o*-V* criterion and stress field structure was found. However, for the
MBL model without T-stress, the stress field at the crack tip was not well reproduced, highlighting the ben-
eficial effect of the positive T-stress of tension specimens to maintain constraint.

Furthermore, strain rate sensitivity of the constitutive behavior and thermal effects on o*-V* were investi-
gated using a 2D 0.18T plain strain model. At quasi-static loading rate condition, the thermal effects can be
neglected as the energy dissipated into heat has enough time to flow from the plastic zone at the tip to the
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bulk of the specimen that acts as heat sink. On the contrary, strain rate sensitivity of the constitutive behav-
ior clearly increases the stress field while decreasing slightly the critical volume. Still, it was concluded that
strain rate effects do show an impact on the stress field in the fracture process zone and should be there-
fore considered. Additionally, strain rate and thermal effects were studied at dynamic loading condition
representative to those of the experimental dynamic fracture tests. Two different models were developed
to account for thermal effects namely: one which considers thermal conductivity and an adiabatic model
where the dissipated heat remains in the elements where it is generated. It was found that the adiabatic
model had an impact mainly onto the stress field due to unrealistic high heat dissipation at the very crack
tip. However, it was found that the impact onto the critical parameters o*-V* is marginal and a simple
strain rate consideration is sufficient to address increased loading rate effects, at least to the loading rate

considered in this work.
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